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Lead-based liquid metals (LLMs) such as lead–bismuth eutectic (LBE) and lead, are currently the most interesting candidate coolants for fast reactors because of their excellent physical properties, which can improve safety and reduce costs. However, in comparison to other liquid metals, previous research on the flow and heat-transfer characteristics of LLMs has been limited. Therefore, this work carried out flow and heat-transfer experiments in LBE flowing through a circular tube in the Natural Circulation Capability Loop (NCCL) facility. The results show a significantly higher friction factor than that of water flowing in a smooth pipe. Furthermore, the Nusselt numbers were found to be lower than those found in data in the literature for experiments carried out in a smooth tube at low Péclet numbers, while they were higher at high Péclet numbers. Therefore, theoretical analyses were performed for LLMs flowing in both smooth and rough pipes, and the impacts of roughness on the heat transfer of an LLM were examined. The theoretical relations for a smooth pipe and a rough pipe were validated using experimental data from the literature and the results of the NCCL experiments, respectively. The results of the theoretical relation for a smooth pipe fitted the literature data well. The derived theoretical relation for a rough pipe with a relative roughness of 0.004 fitted the NCCL data best. Moreover, it was established from the theoretical analysis that roughness has two competitive impacts on the heat transfer of an LLM: it reduces conductive heat transfer while enhancing convective heat transfer. Because conductive heat transfer is important for liquid metals, even with turbulent flow, a small roughness will lead to heat-transfer deterioration at low Péclet numbers, and it may even deteriorate across the whole typical Péclet-number range. This discovery has important implications for the thermal–hydraulic design of LLM reactors, because corrosion and erosion by an LLM will lead to a rough surface after long operating times.
Keywords: lead-bismuth eutectic, flow and heat transfer, roughness impacts, turbulent flow, lead-based liquid metal
HIGHLIGHTS

1. Experimental research on the flow and heat-transfer characteristics of LBE was carried out using the NCCL facility.
2. Theoretical analyses of an LLM flowing in both smooth and rough pipes were performed, and relevant relations were established.
3. Impacts of roughness on LLM heat transfer were theoretically analyzed and preliminarily verified using NCCL experimental data.
4. Theoretical analysis showed that a certain small roughness will worsen the heat transfer of an LLM across the whole typical Péclet-number range, which should be considered during thermal–hydraulic design.
INTRODUCTION
The idea of using liquid metals as reactor coolants began in the 1950s, and it has received increasing attention in recent years because of the excellent heat transfer characteristics and low moderation ratios of such metals. Among them, lead-based liquid metals (LLMs), such as lead–bismuth eutectic (LBE) and pure lead, have very high boiling temperatures that allow the reactor system to operate at normal pressure, and this eliminates the possibility of coolant boiling. Accidents in pressurized water reactors resulting in deterioration of core heat transfer due to system pressure relief or coolant boiling do not constitute a threat to LLM reactors. Additionally, the chemical inertness of LLMs, in contrast to sodium, eliminates the risk of fire and explosion upon contact with water and air. Therefore, despite problems with corrosion and polonium contamination, LLMs remain one of the most competitive coolant candidates for future reactors.
It is generally believed that the flow characteristics of liquid metals, including LLMs, are similar to those of traditional fluids such as water and air (Isakoff, 1951; Brown et al., 1957; Zheng et al., 2016). However, due to their excellent thermal-conductivity coefficients, the heat-transfer characteristics of these materials under turbulent conditions are significantly different from those of ordinary fluids, and this makes their molecular thermal conductivity important, even under turbulent conditions, and it cannot therefore be neglected (Dwyer, 1976; Reed, 1987).
As a basement geometry, there have been many studies on the heat-transfer characteristics of liquid metals, including LBE, flowing in a circular tube. Various heat-transfer equations have been proposed, and most of these are empirical relations based on fitting of experimental data. Furthermore, all of these empirical relations are built on the structural form of the Lyon–Martinelli semi-empirical relation (Martinelli, 1947; Lyon, 1949). This relation has a structural form comprising the sum of thermal conductive and convective terms, in which the thermal conductive term is a constant and the convective term is related to the Péclet number.
For mercury and alkali metals, a large amount of experimental data is available for developing and validating empirical relations. However, comparatively little experimental data relating to LLMs have been obtained, and few relations exist that have been specifically developed for LLMs (Pacio et al., 2015; Zhang et al., 2020b). Although it has long been believed that the heat-transfer relations of other liquid metals can also be applied to LLM, a recent study (Cheng and Tak, 2006) shows that the turbulent Prandtl numbers of LLMs are significantly higher than those of other liquid metals. Furthermore, LLMs have significant corrosion and erosion effects on stainless-steel structural materials. The surface conditions in actual operation may also be different from those with other metals. However, most studies on the heat-transfer characteristics of LLMs have focused on smooth surfaces.
This study focused on these problems, and heat-transfer experiments with LBE flowing in a circular tube were carried out. Theoretical analysis methods for heat-transfer in LLM tubes were established, theoretically derived relations were obtained, and the influence of roughness on heat transfer in liquid metals was examined. The results have important reference significance for understanding LLM heat-transfer mechanisms and industrial thermal–hydraulic design.
EXPERIMENTAL METHODS
Experimental Loop
Thermal–hydraulic experiments with LBE flowing in a circular pipe were conducted using the Natural Circulation Capability Loop (NCCL). The NCCL is a high-temperature experimental facility that has three different running modes: pump driving, gas lift, and pure natural circulation. It was designed for performing experimental measurements of the thermal–hydraulic characteristics of LBE to provide support to the design of lead-cooled fast reactors (LFR) and accelerator-driven systems (DAS). The experimental facility is composed of a primary loop containing LBE and a secondary loop with oil for cooling. The LBE loop is rectangular, and it includes a melting tank, riser, pre-heating system, cooling section, electromagnetic pump (EMP), downcomer, electromagnetic flowmeter (EMF), EMF calibration system, electric heating system, and a measuring instrument. The test section is installed in the bottom of the riser. The secondary loop is designed for the cooling of LBE and is connected with the primary loop through a double-tube heat exchanger. The melting tank is used to store and melt the LBE and is heated by heating wires with a heating power of 6 kW. During the experiments, the upper level of LBE is designed to be located in the center of the LBE–oil heat exchanger, leaving enough space to store argon. The EMF is used to measure the flow rate of liquid LBE and is calibrated by the EMF calibration system with five liquid-level sensors at different heights. The entire LBE loop is wrapped with electric heating wires for pre-heating before the LBE enters. The LBE loop is also wrapped with a layer of insulation to reduce heat loss. All pipes and components of this facility in direct contact with LBE are made from 316 L stainless steel. The general layout of this facility is shown in Figure 1.
[image: Figure 1]FIGURE 1 | Schematic of the NCCL facility, showing: 1. LBE storage and melting tank; 2. pre-heating section; 3. test section; 4. heat exchanger; 5. EMF calibration tube; 6. liquid-level probes; 7. EMP; 8. EMP control system; 9. EMF; 10. oil storage tank; 11. oil heating system; 12. gas outlet.
In these experiments, three circular tubes with different diameters were used as test sections. The internal diameters of the test sections were 20, 35, and 50 mm, and the wall thickness of the test section was 5 mm to ensure a uniform heat flux. The length of the test section was 2 m, and it was divided into two parts, the pre-heating section and the measuring section, each having a length of 1 m. The pre-heating section was designed to ensure that the flow was fully developed before entering the measurement section. The measuring section was equipped with thermocouples and partial-pressure sensors. The heating section was wrapped with 2 mm outer-diameter heating wires with a pitch of 5 mm.
In the experiments, more than 20 thermocouples (TCs), each with an outer diameter of 1.5 mm, were placed at different loop locations to measure the temperature distribution of the LBE. Six thermocouples with an outer diameter of 1.5 mm were used to measure the temperature of the LBE in the measuring section, including two for the inlet and outlet and four for different heights in the measuring section. Four TCs with an outer diameter of 1 mm were embedded in the walls at the same four heights of the test section to measure the wall temperature. A differential pressure sensor was used to measure the pressure drop in the test section. Two pressure sensors were connected to the test section with horizontal tubes to reduce the temperature of the LBE touching the pressure membrane. All the measuring points in the test section are shown in Figure 2. More information about the NCCL experimental facility can be found in a previous report (Zhang et al., 2020a).
[image: Figure 2]FIGURE 2 | Schematic of the test section.
Experimental Conditions and Results
The experiments were conducted under stable temperature and pressure conditions. The variables in this experiment included the inner diameter of the test sections, the mass flow rate of the LBE, the inlet temperature, and the heat flux added to the test section. Previous work (Zhang et al., 2020a) examined seven cases for a 20-mm-diameter pipe and six cases for a 35-mm-diameter pipe. This study completes six cases for a 50-mm-diameter pipe according to the same experimental methods. The experimental conditions for each case are listed in Table 1.
TABLE 1 | Experimental conditions for each case.
[image: Table 1]Figure 3 shows the Nusselt-number results under various Péclet numbers for each case. There is a consistent tendency in the experimental data. Significant differences between the cases are not observed in the results, which means that in the range of the parameters considered in these experiments, the inner diameter, inlet temperature, and heat flux at the wall have little impact on the heat-transfer behavior of LBE.
[image: Figure 3]FIGURE 3 | Heat-transfer results from the NCCL experiments.
When compared with experimental data in the literature (Johnson et al., 1953; Ibragimov et al., 1960), the Nusselt numbers (Nu) obtained from the NCCL experiments at low Péclet numbers are significantly lower, while the results at high Péclet numbers are higher. The reason for this tendency may be a difference in the wall conditions. The NCCL facility has no oxygen-control system, which may lead to the oxidation of LBE and the corrosion of the inner wall, and thus the condition of a smooth pipe cannot be maintained. Figure 4 shows the friction-factor results of flow experiments carried out in a 20-mm-diameter pipe. The friction factors are higher than the values corresponding to a smooth pipe and are between the ranges of the results for relative roughness h/d from 0.004 to 0.010. The friction-factor results with relative roughnesses of 0.004 and 0.010 were calculated using an empirical relation based on Moody’s curve, which is given later in this report, in Eq. 25.
[image: Figure 4]FIGURE 4 | Friction-factor (f) results at different Reynolds numbers (Re) from the NCCL experiments.
ANALYTICAL STUDY METHODS
Because of a lack of experimental data relating to the flow of LBE or other LLMs, this section describes a theoretical analysis of the impacts of roughness that was carried out based on the methods established for a smooth pipe. These methods are then validated by experimental data from the literature, as detailed in Section 4.1. Section 4.2 then gives the results of these theoretical relations for various relative roughnesses.
Main Assumptions
For liquid metals flowing in a circular tube under fully developed turbulent flow with uniform wall heat flux, Lyon (1949) derived a theoretical heat-transfer integral formula following Martinelli (1947), assumptions:
[image: image]
where: V is the dimensionless velocity, which is defined as
[image: image]
[image: image] is the shear velocity, which is related to mean velocity by [image: image]; and R is the dimensionless radius, which is defined as [image: image].
The assumptions used by Lyon (1949) to derive the integral formula are as follows. The system is assumed to operate under steady-state conditions with no end effects, and the physical properties of the liquid metal are constant. The total heat flux in the axial direction, including molecular and eddy heat flux, is assumed to be uniform, while the molecular conductivity perpendicular to the flow direction is assumed not to be affected by eddies, velocity, or axial velocity gradients.
To solve the integral formula, because the turbulent Prandtl number (Prt) of liquid metals was not known, Lyon assumed Prt = 1. Moreover, it was assumed that the flow characteristics of liquid metals were similar to those of ordinary fluids such as water and air. Therefore, experimental data relating to the velocity and eddy diffusivity of momentum distributions of water were used to solve the integral formula. By fitting the numerical integration values of various Péclet numbers (Pe), Lyon’s relation for liquid metals was established as
[image: image]
The constant term of Eq. 2 is called the conductive term, and this represents the contribution of molecular conduction, and the power function of the Péclet number is called the convective term, which expresses the contribution of turbulent convection.
Although the assumption of Prt = 1 and the method of fitting of numerical integration results may result in deviations that have been proven to lead to overestimation of the results of experiments performed later, the form of Eq. 2 is still adopted as the functional form of empirical relations. The deviations can be corrected after fitting using enough experimental data. However, the experimental data available for LLMs are limited. Therefore, a theoretical analysis is needed to discover the heat-transfer characteristics of LLMs.
The theoretical analysis starts from the Lyon–Martinelli integral formula given by Eq. 1. To solve this integral formula, the dimensionless velocity and eddy diffusivity of momentum functions, as well as the turbulent Prandtl number, should first be obtained.
Preparation Before Solving the Integral Equation.
The dimensionless velocity of liquid metals can be obtained by substituting the velocity distribution of the turbulent flow of water in a circular tube, which is determined by Nikuradse (1950) relation, into the definition of dimensionless velocity:
[image: image]
The eddy diffusivity of momentum can be derived by force balance. For a unit-length section of cylindrical fluid, according to force balance:
[image: image]
For a fully developed flow, the axial pressure gradient is constant. Therefore, from Eq. 4, the shear stress is linear with respect to radius, which means that the shear stress at any radius has a relationship with the shear stress at the wall defined by:
[image: image]
However, for a turbulent flow, shear stress is defined as:
[image: image]
Combining Eqs. 5, 6 derives the eddy diffusivity of momentum function as:
[image: image]
According to the research of Cheng and Tak (2006), the turbulent Prandtl numbers for LLMs are greater than those for other liquid metals. Moreover, Cheng and Tak also found that a constant turbulent Prandtl number is more suitable for the form of Lyon’s relation. Therefore, the turbulent Prandtl number used for solving the integral formula of Eq. 1 for an LLM is 2.5, which is the integral mean value of Cheng and Tak’s relations in a typical Péclet-number range.
Solution of the Integral Equation
To solve Eq. 1, the dimensionless velocity and diffusivity of momentum functions given in Eqs. 3, 7 should first be substituted into it:
[image: image]
The following variables are defined to simplify Eq. 8:
[image: image]
Equation 8 can be simplified by substituting Eq. 9 into it and letting [image: image]:
[image: image]
Equation 10 is still a complex integral equation, even after simplification. Therefore, integration by parts is needed. Notice that the denominator has a primitive function as:
[image: image]
The following variables are defined to simplify Eq. 11:
[image: image]
Substituting these variables into Eq. 11 produces:
[image: image]
Expanding Eq. 10 using integration by parts, the following equation can be obtained:
[image: image]
where [image: image] is the polynomial of coefficient A given by:
[image: image]
Equation 14 consists of many integrand functions in the form of simple multiple functions, and these can thus be integrated independently. The results of Eq. 14 are then:
[image: image]
where [image: image]. It should be pointed out that during the solving of [image: image] and [image: image] by integrating by parts, two non-integrable terms, [image: image] and [image: image], respectively, are generated, where t is the variable substitution function defined by [image: image]. The former can be neglected—although it will bring some deviations in the region of low Péclet numbers—and the latter is approximated by the function:
[image: image]
The deviations between Eq. 16 and [image: image] are lower than 0.3% in the very large Péclet-number region from 100 to 100,000.
The deviations between Eq. 15 and the exact integral value of Eq. 1 are less than 0.4% for a very large region of Péclet numbers between 500 and 10,000. For Péclet numbers less than 500, deviations increase significantly due to the neglect of the non-integrable term. However, the LLM-cooled reactor systems are unlikely to operate at such low Péclet numbers. Therefore, Eq. 15 has sufficient accuracy for practical applications.
Equation 15 can be further simplified by neglecting some terms in the denominator that only impact the results in the low Péclet-number region. This will lead to a further increase in deviations in the low Péclet-number region, but it will have little impact in the high Péclet-number region. The deviation after neglecting some terms is lower than 5.4% for Péclet numbers greater than 1,000, which is still acceptable for the actual application.
Moreover, if we multiply the numerator and the denominator by F and divide by B/C after neglecting some terms in the denominator, Eq. 15 becomes:
[image: image]
According to Eq. 9, coefficient B is a function of the Prandtl and turbulent Prandtl numbers, both of which are constant. The coefficient C is a function of the Péclet number. Therefore, the numerator of Eq. 17 is a sum of a constant term and a function of the Péclet number, which has the same structure as Lyon’s equation.
However, the denominator is a multiple function of [image: image] and a complex multinomial, and the latter has the form of a power function of the Péclet number:
[image: image]
where [image: image] and [image: image] are coefficients determined by the turbulent Prandtl number and the molecular Prandtl number, and the friction coefficient of turbulent flow in a circular tube is given by [image: image]. Equation 17 has a much simpler form:
[image: image]
For LBE, the typical value of the molecular Prandtl number is 0.0147 (IAEA, 2002; NEA, 2015). The value of the turbulent Prandtl number is the integral mean value of Cheng and Tak’s relation, which is 2.5. Thus, the theoretical heat-transfer equation for LBE flowing through a circular tube with a uniform heat-flux boundary is:
[image: image]
The structure of Eq. 20 is similar to Lyon’s relation and most of the existing relations, but it has a significant difference in that the first (conductive) term, which has a constant value in Lyon’s relation, also has a relationship with the Péclet number. Moreover, the conductive term in Eq. 20 is inversely proportional to the power function of the Péclet number, which means that this value will decrease as the Péclet number increases. The reason for this is that as the Péclet number increases, the turbulent intensity strengthens, and the heat transfer by eddy disturbances increases, which decreases the temperature gradient and thus leads to a decrease in heat transfer by molecular conduction.
RESULTS AND ANALYSIS OF THE IMPACTS OF ROUGHNESS
In this section, the theoretical heat-transfer relation of LBE is first compared with experimental data from published literature and the NCCL facility, and then the impacts of roughness are analyzed to explain the differences from the NCCL data.
Validation of the Theoretical Relation
Johnson et al. (1953) produced the first published experimental data on heat transfer in LBE flowing in a tube. Ibragimov et al. (1960) reported experimental data from LBE and Pb seven years after Johnson et al.’s publication, and they proposed an empirical relation based on the structure of Lyon’s relation:
[image: image]
NEA (2015) proposed another relation based on the experimental data of Ibragimov et al. This relation is thus similar, and only the difference is the coefficient of convective term:
[image: image]
Stromquist and Boarts (1953) gave a relation similar to Kirillov and Ushakov’s, with a difference only in the conductive term:
[image: image]
Cheng and Tak (2006) evaluated the existing relations mainly based on Johnson et al.’s data and found that Kirillov and Ushakov’s relation fitted Johnson et al.’s data well in the low Péclet-number region, while Stromquist and Boarts’ relation fitted the data in the high Péclet-number region. Both the relations have the same convective term. Therefore, Cheng and Tak indicated that the conductive term should be a function of the Péclet number for LLM, and they proposed the relation:
[image: image]
The theoretical relation given in Eq. 20 was compared with the literature data as well as the other four relations given in Eqs. 21–24. Figure 5 shows the deviation of Eq. 20 from the experimental data in the literature for LLMs. It can be seen that Eq. 20 fits quite well with Johnson et al.’s data. The maximum deviations from all of the literature experimental data (Johnson et al., 1953; Ibragimov et al., 1960) and Johnson et al. (1953) data are 30 and 10.9%, respectively. Moreover, Eq. 20 shows better conformity with Johnson et al.’s data for high Péclet numbers. The maximum deviation decreases to 5% when the Péclet number is greater than 1,500. The deviation at low Péclet numbers is due to the terms ignored in the derivation of the theoretical relation, as noted above.
[image: Figure 5]FIGURE 5 | Deviation of Eq. 20 from experimental LLM data in the literature.
Figure 6 shows the deviations of Eqs. 21–24 from the experimental data in the literature. Ibragimov et al.’s relation fits his experimental data well, with a maximum deviation of 16.3%, but it underestimates all of Johnson et al.’s data. Stromquist and Boarts’ relation fits Johnson et al.’s data very well for high Péclet numbers, while Kirillov and Ushakov’s relation fits Johnson et al.’s data for lower Péclet numbers better than Stromquist and Boarts’. As a combination of Stromquist and Boarts’ and Kirillov and Ushakov’s relations, Cheng and Tak’s relation fits Johnson et al.’s data quite well for all Péclet numbers, with a maximum deviation of 10.5%.
[image: Figure 6]FIGURE 6 | Deviations of other relations from experimental LLM data in the literature.
Moreover, it can be seen in Figure 3 that relations that take the conductive term as constant will lead to either an underestimation at low Péclet numbers or an overestimation at high Péclet numbers. If one takes the conductive term as a function decreasing with Péclet number, as with Eq. 20 and Cheng and Tak’s relation, good consistency with experimental data can be obtained across the full range of Péclet numbers.
The relations were then evaluated by the root-mean-square error (RMSE) method using the experimental data form the literature, and the results are shown in Table 2. It can be seen that the theoretical relation given in Eq. 20 has the best consistency with the experimental data.
TABLE 2 | RMSE results of relations based on literature data.
[image: Table 2]Figure 7 shows a comparison of Eq. 20 with the NCCL experimental data and the literature experimental data. In general, the results from Eq. 20 do not fall far from the range of the NCCL data. However, the NCCL data are overestimated at lower Péclet numbers and underestimated at higher Péclet numbers. The literature experimental data have the same trend as the NCCL data; however, for most data points, the deviations are still lower than 15%.
[image: Figure 7]FIGURE 7 | Comparison of Eq. 20 with NCCL and literature experimental data.
As noted earlier, a possible reason for the above trend is that the pipe wall is not smooth after testing and operation of the NCCL facility, because it lacks an oxygen-control system. The results of the flow experiments in a 20-mm-diameter pipe after heat-transfer experiments show a significantly higher friction factor at the wall than that for a smooth pipe, as shown in Figure 4. Therefore, the impacts of roughness on the flow and heat-transfer behavior for LLMs in a circular tube were analyzed, and this is elaborated in the next section.
Analysis of the Impacts of Roughness.
For a turbulent flow, the roughness of the walls mainly impacts the friction factor at the wall and the velocity distribution. The friction factor for turbulent flow in a rough pipe can be given by an empirical relation based on Moody (1944) curve:
[image: image]
where [image: image] is the absolute roughness and [image: image] is the relative roughness. The velocity distribution function for turbulent flow in a rough pipe is given by Nikuradse as:
[image: image]
It is easy to find that the velocity distribution function for a rough pipe is a summation of the velocity distribution functions for a smooth pipe and a function N with absolute roughness. The value of N is independent of radius, which means that the gradient of velocity in the radial direction for turbulent flow in a rough pipe is the same as that in a smooth pipe.
As discussed above, to solve the heat-transfer integral equation (Eq. 1), three variables should first be determined: the dimensionless velocity, the eddy diffusivity of momentum, and the turbulent Prandtl number.
Substituting Eq. 26 into Eq. 3, the dimensionless velocity for LLM flow in a rough pipe is:
[image: image]
where the coefficient of friction is related to the friction factor as [image: image].
For the eddy diffusivity of momentum, because the gradient of velocity is the same as that in a smooth pipe, Eq. 7 is also suitable for LLM flow in a rough pipe; roughness only impacts the friction coefficient. Furthermore, the roughness has no impact on the turbulent Prandtl number, according to Cheng and Tak (2006) turbulent-Prandtl-number model. The model indicates that the average turbulent Prandtl number is only dependent on to the Péclet number. Therefore, by substituting Eqs. 27, 7 into Eq. 1, Eq. 8 becomes:
[image: image]
This only leads to a difference in coefficient A, and the other coefficients are the same as those defined in Eqs. 9, 12, 15:
[image: image]
Therefore, Eq. 17 is still suitable for predicting heat transfer for an LLM flowing in a rough pipe by changing the coefficient A to Eq. 29 and using the friction coefficient given by Eq. 25. The simplified equation used for application then has the same structure as Eq. 20:
[image: image]
The coefficients of Eq. 30 are determined by the relative roughness, which influences the friction coefficient and the velocity-related coefficient A, and the molecular Prandtl number. Table 3 gives the coefficients for different relative roughnesses. Figure 8 shows a comparison of the results of Eqs. 30, 20 for a smooth pipe and the best-fit line of the NCCL experimental data.
TABLE 3 | Coefficients of Eq. 30 for different relative roughnesses.
[image: Table 3][image: Figure 8]FIGURE 8 | Results of Eq. 30 for different relative roughnesses.
The results from Eq. 30 are in general lower than or near the results from Eq. 20 at low Péclet numbers, but they increase faster than the latter as the Péclet number increases. For turbulent flow, roughness has two opposite effects on heat transfer. First, it can enhance the turbulence intensity, which is beneficial to enhancing convective heat transfer. Second, it destroys the bottom layer of laminar flow, thus weakening the influence of conductive heat transfer, as shown in Figure 9. For liquid metals, conduction has a significant effect on heat transfer. Therefore, at low Péclet numbers, due to the low turbulence intensity, the adverse effect caused by the weakening of heat conduction is greater, resulting in the overall deterioration of heat transfer. As the Péclet number increases, turbulence gradually strengthens, and convective heat transfer intensifies, which leads to the improvement of heat transfer.
[image: Figure 9]FIGURE 9 | Ratios of the conductive term for different relative roughnesses.
Furthermore, lower relative roughnesses have a smaller impact zone, which means that the roughness will mainly impact the bottom layer of laminar flow. Impacts on the turbulence intensity in the area of the turbulent core will only appear when the Reynolds number is large enough. Something else that can be seen in Figure 8 is that the results of Eq. 30 for a relative roughness of 0.004 are very close to the best-fit line of the NCCL experimental data. Figure 10 shows the deviation of Eq. 30 with a relative roughness of 0.004 from the NCCL experimental data.
[image: Figure 10]FIGURE 10 | Deviation of Eq. 30 with a relative roughness of 0.004 from the NCCL experimental data.
The trends in the predicted results for the NCCL experimental data improve significantly when considering the wall roughness. The results for Péclet numbers lower than 500 are still slightly overestimated due to the neglect of some terms, as with Eq. 20. However, when the Péclet number is greater than 500, the predicted results fit very well with the experimental data, and most results remain within a deviation belt of ±10%. The maximum deviation for Péclet numbers greater than 500 is 21.55%, and this decreases to 14.05% for Péclet numbers greater than 1,000. Figure 11 shows the deviations of the other relations from the NCCL experimental data, although these relations were not developed for LLM flow in a rough pipe.
[image: Figure 11]FIGURE 11 | Deviations of other relations from the NCCL experimental data.
Ibragimov et al.’s relation underestimates most experimental data, and the deviation increases as the Péclet number increases, while Kirillov and Ushakov’s relation overestimates most data. Stromquist and Boarts’ relation fits the NCCL experimental data very well, because it underestimates the literature data at a low Péclet numbers, which seems proper for a rough pipe. Cheng and Tak’s relation fits the experimental data well at high Péclet numbers but overestimates at low Péclet numbers, as with Kirillov and Ushakov’s relation.
Figure 12 shows the RMSE results for each relation when compared with the NCCL experimental data. Eq. 30 with a relative roughness of 0.004 has the lowest RMSE result of all the relations for heat transfer of an LLM flowing in a pipe. Stromquist and Boarts’ relation also gives good results, but the error increases when the Péclet number is greater than 1,000.
[image: Figure 12]FIGURE 12 | RMSE values for the various relations when compared with the NCCL experimental data.
In conclusion, the theoretical relation for heat transfer of an LLM flowing in a rough pipe reveals the impacts of roughness, which can explain the deviation between the NCCL experimental data and experimental data in the literature. The results of Eq. 30 with a relative roughness of 0.004 show good consistency with the NCCL data.
CONCLUSION
An experimental study of the flow and heat transfer of LBE flowing in a circular tube under uniform heat-flux boundary conditions was carried out at the NCCL facility. A total of 19 cases with different conditions based on three pipes with different inner diameters were tested, and a total of 152 heat-transfer data points, covering a Péclet-number range from 380 to 4,600, were obtained. The heat-transfer results from the NCCL tests showed a different tendency from the experimental data in the literature: at low Péclet numbers the results were smaller, while they were higher at high Péclet numbers. The flow results from the NCCL tests showed a much higher friction factor than expected for a smooth pipe, which reflects the characteristics of a rough pipe. A theoretical study was therefore performed, and the resulting relation was validated using experimental data from the literature. The theoretical relation shows good agreement with the literature data, especially Johnson et al.’s data, and it has the best RMSE result when compared with the other four existing relations that have been developed or considered to be suitable for an LLM. The theoretical relation for an LLM flowing in a rough pipe was then established using the same methods while taking account of the impacts of roughness.
The main conclusions based on these experimental investigations and theoretical analyses are as follows.
1. The heat-transfer results of the NCCL experiments under various conditions indicate that the inner diameter of the pipes, the inlet temperature, the heat flux at the wall, and the physical properties that have strong relations with temperature, have little impact on the Nu–Pe relation of an LLM.
2. The theoretical relation reveals that the heat transfer of an LLM consists of a conductive term and a convective term. The conductive term, which has for a long time generally been considered as a constant, has now been demonstrated to also have a relationship with the Péclet number.
3. Moreover, the value of the conductive term decreases slightly from 4.57 to 3.70 as the Péclet number increases from 1,000 to 6,000, while the ratio of the conductive term to the total heat transfer decreases dramatically from 50.45 to 17.51% due to the rapid increase of the convective term.
4. The roughness has two competing impacts on the heat-transfer behavior of an LLM flowing through a pipe. On the one hand, it reduces conductive heat transfer due to destruction of the laminar sub-layer; on the other hand, it increases convective heat transfer due to the enhancement of turbulent flow. Therefore, heat transfer increases more rapidly as the relative roughness or Péclet number increase. A relative roughness h/d ≥ 0.006 improves the heat transfer, while h/d ≤ 0.002 will cause heat transfer to be worse than that in a smooth pipe in the typical Péclet-number range for an LLM. For relative roughness 0.02 < h/d < 0.006, systems operating at higher Péclet numbers are beneficial for heat transfer.
The theoretical relation for a rough pipe with a relative roughness of 0.004 provides the best fit for the heat-transfer results of the NCCL experiments. However, the relative roughness derived by the relation from the Moody curve, which is used for water, produces friction-factor results from the NCCL experiments that is greater than 0.004. There may be several reasons for this, including the uncertainty of the relevant instruments, differences in the flow characteristics between an LLM and water, and the simplification of the object during theoretical analysis. Therefore, further research on the flow characteristics of LLMs is needed to resolve this question.
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NOMENCLATURE
Nu Nusselt number
Pe Péclet number
Pr Prandtl number
Prt turbulent Prandtl number
Re Reynolds number
u velocity
um mean velocity
u* shear velocity
T temperature
P pressure
f friction factor
cf friction coefficient
z axial distance
r radius
rw tube inside radius
y distance from the wall
R radius ratio
Rq variables in successive integrations
V velocity ratio
h absolute roughness
[image: image] density
[image: image] kinematic viscosity
[image: image] shear stress
[image: image] shear stress at the wall
[image: image] eddy diffusivity of momentum
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UO2–Gd2O3 fuel is mostly used as a burnable absorber fuel in the form of a homogenous mixture of Gd2O3 and UO2. More effective reactivity control can be achieved by lumping Gd2O3 within the UO2 because this enhances the spatial self-shielding factor of the burnable absorber fuel. The fabrication of lumped burnable absorber fuel containing lumped Gd2O3 spherical particles or compacts has been experimentally demonstrated using yttrium-stabilized zirconia (YSZ) as a UO2 fuel surrogate. Interfacial cracks or gaps forming under the interfacial stress that develops during the fabrication of the fuel can be eliminated by controlling the initial density of the lumped Gd2O3. In this study, this interfacial stress during the fabrication process was simulated using finite element methods. The effect of the size, shape, and initial density of the lumped Gd2O3 on the distribution and magnitude of the interfacial stress was investigated. The addition of Gd2O3 spherical particles resulted in a lower and more uniform interfacial stress distribution than the addition of cylindrical Gd2O3 compacts. The interfacial stress was increased with increasing Gd2O3 size and initial density. The calculated interfacial stress was compared with experimental results to estimate the threshold stress for crack development in a lumped burnable absorber fuel.

Keywords: finite element analysis, sintering stress, lumped burnable absorber fuel, interfacial cracks, shrinkage mismatch


INTRODUCTION

The potential use of Gd as a burnable absorber was recognized many years ago, considering its extremely high thermal neutron absorption cross-section. Gd is usually used in the form of Gd2O3 uniformly mixed with UO2 as a fuel matrix. Owing to the relatively high thermal neutron absorption cross-section, few fuel rods must contain Gd2O3. However, the main limitations of Gd2O3 are the significant end-of-cycle penalty due to the existence of Gd isotopes with higher thermal neutron absorption cross-sections (i.e., 155Gd and 157Gd) (Grossbeck et al., 2001) and the degradation of the fuel’s thermophysical properties (IAEA, 1995; Durazzo et al., 2013; Choe et al., 2016a). One possible way to overcome these limitations is changing the design of the UO2–Gd2O3 mixed fuel.

Several burnable absorber fuel designs have been developed for small modular pressurized water reactors (SMPWRs) in order to eliminate the use of soluble boron and improve the reactor performance in terms of increasing the fuel cycle length while maintainig a flat power distribution. Choe et al. (2016b) have proposed the use of a thin-layer of Zr-167Er (∼ 0.1–0.2 mm) on the inner side of the cladding as a new burnable absorber fuel design. A low burn-up swing of 548 pcm and cycle length of 26.5 months can be obtained for SMPWRs loaded with this burnable absorber fuel design. Another advanced burnable absorber fuel design integrated four azimuthally B4C pads, with a thickness up to 90 μm and span up to 70o, in the guide-thimble ring (Yahya and Kim, 2017a). This burnable absorber fuel design achieved a cycle length of about 53 months and a burnup swing between 634 and 800 pcm. Recently, a new design for burnable absorber fuel, called centrally shielded burnable absorber (CSBA), was developed (Nguyen et al., 2019). The CSBA comprises lumped Gd2O3 in the center of a UO2 fuel pellet. The lumping of Gd2O3 results in a slower burn-out rate and longer suppression of the excess of reactivity due to spatial self-shielding effect (Galperin et al., 1986; Yahya and Kim, 2017b). It was found that the spherically lumped burnable absorber has a higher self-shielding factor than other lumped burnable absorber designs like cylindrical or slab due to the its higher volume-to-surface-area ratio (Fleming, 1982). Nguyen et al. (2019) studied the effect of the size and number of spherically lumped Gd2O3, and found that a more excess reactivity subression and flat power distribution can be obtained by increasing the Gd2O3 sphere radius from 1 mm to 1.3 mm or the number of Gd2O3 sphere (radius = 1 mm) from 1 to 3. They found that a low burn-up swing (∼1100 pcm), long cycle length (∼37 months), and higher burnup (∼30 GWd/tU) can be obtained for a small modular reactor loaded with one Gd2O3 sphere (radius = 1.69 mm) in the center, two Gd2O3 spheres (radius = 1.26 mm) in the intermediate region, three Gd2O3 spheres (radius = 0.7 mm) in the outer region (Nguyen et al., 2019). The fabrication of CSBA using yttria-stabilized zirconia (YSZ) as a surrogate for UO2 and either lumped Gd2O3 pellets, spherical particles, or rods was recently demonstrated (Mistarihi et al., 2018).

One of the major challenges in CSBA fuel design is the formation of interfacial cracks that may form under the stress mismatch developed during the sintering or cooling processes. This may arise from mismatches in the densification and thermal expansion coefficients (TECs), as well as phase transformations, of the sintered materials (Sglavo and Bellettati, 2017). The existence of these interfacial cracks can increase the intensity of fuel cracking during reactor operation and eventually limit fuel performance. In our previous study (Mistarihi et al., 2018), we concluded that interfacial cracks were not formed in YSZ pellets containing lumped Gd2O3 because of the TEC mismatch or the phase transformation of Gd2O3. The TECs of YSZ and Gd2O3 are similar and interfacial cracks were absent from Gd2O3 mini-pellets pre-sintered at temperatures below the phase transformation temperature. Thus, interfacial cracks could be mainly attributed to the sintering stresses resulting from the shrinkage rate mismatch.

Several factors control the sintering stresses that develop during the processing of composites, including shrinkage rate mismatch, volume fraction, and the shape and size of inclusions (Davidge and Green, 1968). The results of our previous study (Mistarihi et al., 2018) showed that, in YSZ oxide pellets containing lumped Gd2O3 mini-pellets, interfacial cracks were formed only when using mini-pellets with high initial densities. However, no interfacial cracks were observed in the case of YSZ oxide pellets containing lumped Gd2O3 spherical particles with high initial densities. The fabricated Gd2O3 spherical particles and mini-pellets had similar relative densities, but they differed in size and shape. Therefore, the effect of the shape, size, and shrinkage rate of the lumped Gd2O3 on the formation of interfacial cracks during the manufacturing of YSZ oxide pellets containing lumped Gd2O3 is investigated in this study.

One method to investigate interfacial crack formation during the processing of composites is to determine the stress distribution. By determining the stress distribution, areas of high stress concentration can be located. These areas are important for the integrity of composites because failure, signified by the formation of interfacial cracks, begins in them (Agarwal, 1972). Several analytical studies based on the theory of elasticity have been performed to determine stress distributions in composites using simplified physical models such as spherical particles (Selsing, 1961) or fibers (Delale, 1988) distributed in infinite matrices. However, the behaviors of powder compacts during sintering are not elastic, and the relationship between the stress and deformation during the sintering process is complex. Nonetheless, the finite-element analysis (FEA) method allows the implementation of complex stress–deformation relationships and the analysis of complex geometries.

Because powder compacts exhibit viscoelastic behaviors, several phenomenological models have been developed to describe their behaviors during sintering. Riedel et al. (1993), using a simple 2D hexagonal grain structure with pores at the triple points, developed an isotropic linear viscous constitutive equation to describe sintering-dominated grain boundary diffusion. Olevsky (1998) developed a phenomenological model based on the continuum theory of sintering by determining the sintering parameters from the rheological behaviors of porous materials during sintering. This model was implemented in an FEA code (COMSOL) and used to study the sintering behavior of different powder compacts (Al2O3 and YSZ) processed by spark plasma sintering (Olevsky et al., 2012) and microwave sintering (Manière et al., 2017). In these studies (Olevsky et al., 2012; Manière et al., 2017), FEA was mostly used to predict the shrinkage rate and temperature distribution of the powders during sintering. Li et al. (2020) used the finite element software (ABAQUS) to study the stress distribution in the cladding of dispersed plate-type fuel as a function of irradiation time and temperatures by implementing nuclear fuel correlation as a subroutine.

In this study, the Olevsky model for sintering was implemented in the COMSOL Multiphysics code and used to understand the stress distribution formed during the manufacturing of YSZ oxide pellets containing lumped Gd2O3. In addition, the applicability of the CSBA to UO2 was investigated, and the stress distribution in UO2 containing lumped Gd2O3 was determined and compared with that of the YSZ-based pellets. The novelty of this study is to estimate the stress distribution and magnitude in the lumped burnable absorber fuel design during the fabrication process.



MATERIALS AND METHODS


Governing Equations

Thermal, mechanical (linear elastic and sintering), and densification models were coupled by the FEA method (COMOSOL Multiphysics 5.4 code) and used to study the temperature, stress, and density distributions during the manufacturing of YSZ or UO2 oxide pellets containing either lumped Gd2O3 spheres or mini-pellets. The heat-transfer model applied to the entire pellet is expressed by the following equation:

[image: image]

where ρ is the material density (g.cm–3), Cp is the heat capacity (J.kg–1K–1), T is the temperature (K), t is the time (s), and k is the thermal conductivity of the material (W.m–1.K–1).

The Gd2O3 spherical particle or mini-pellet was assumed to exhibit pure elastic behavior, wherein the relationship between the stress and deformation is expressed by Hooke’s law:

[image: image]

where σij is the stress tensor (N.m–2), [image: image] is the strain tensor (s–1), and C is a fourth-order tensor that is a function of the shear modulus (G) and Young’s modulus (E) of the material.

The YSZ and UO2 powder compact was assumed to exhibit a non-linear viscous behavior expressed by Olevsky (1998) phenomenological model (Eqs 3–6) based on the continuum theory of sintering:

[image: image]

where A(T) is the creep rate factor having the form of an Arrhenius-type equation, Q is the activation energy for deformation, A is a pre-exponential factor, φ is the shear viscosity (Pa.s), Ψ is the bulk viscosity (Pa.s), [image: image] is the shrinkage rate (s–1), δij is the identity tensor, S is the effective sintering stress (Pa), P is the porosity, α is the surface energy (J.m–2), Q is the activation energy (J.mol–1), R is the gas constant 8.314 (J.mol–1.K–1), and r is the average particle radius (m).

The densification of YSZ and UO2 during the manufacturing process is expressed as the evolution of density during the fabrication process. The density can be related to porosity using the following expression:

[image: image]

where ρeff is the effective density of the material during the sintering process and ρt is the theoretical density of the material. Therefore, the densification of YSZ and UO2 during the fabrication process can be calculated by the evolution of the porosity, which evolves according to the equation of mass conservation:

[image: image]



Materials Properties

For Gd2O3, the experimentally measured densities of the 1400 °C, 1500 °C, and 1600 °C pre-sintered Gd2O3 were obtained from our previous study (Mistarihi et al., 2018) and used in the simulation. These densities were approximately 6.29 ± 0.13, 7.10 ± 0.04, and 7.75 ± 0.0.6 g/cm3, corresponding to relative densities (RDs) of 75.5 ± 1.5, 85.2 ± 0.5, and 93.4 ± 0.8%, respectively. The RD equals to the experimentally measured density divided by the theoretical density.

The elastic and shear moduli of Gd2O3 as functions of temperature for samples with an RD of 96.75% were measured by Dole and Hunter (1976). Haglund and Hunter (1973) measured the elastic properties of polycrystalline Gd2O3 with different initial porosities ranging from 2.5% to 36.7% as functions of temperature. The elastic properties were found to decrease linearly with the initial porosity of the sintered samples. The initial porosity of the sintered samples was varied by changing the sintering temperature (Haglund and Hunter, 1973). The reported values of E and G of Gd2O3 as functions of T and RD were fitted to first-degree polynomials; the determined parameters of the fitting function are shown in Eqs 9 and 10.

[image: image]

Using the experimentally measured RDs of the 1400 °C, 1500 °C, and 1600 °C pre-sintered Gd2O3, E and G as functions of T were calculated using Eqs 9 and 10.

The thermal conductivity of the fully sintered Gd2O3 as a function of temperature was experimentally measured using the laser flash method, and the results are shown in Figure 1. The thermal conductivity of fully dense Gd2O3 at temperatures higher than 800 °C was extrapolated from the experimentally measured data.


[image: image]

FIGURE 1. Thermal conductivity of fully dense Gd2O3 with increases in sintering temperature from 25 °C to 800 °C.


The thermal conductivities of the 1400 °C, 1500 °C, and 1600 °C pre-sintered Gd2O3 as functions of T were calculated from the thermal conductivity of the fully densified Gd2O3 using a modified Maxwell–Eucken correlation (Eq. 11):

[image: image]

where K100 and Kp are the thermal conductivities of fully dense and porous Gd2O3, respectively.

For YSZ, the thermal conductivity and heat capacity as a function of T and density were provided by Manière et al. (2017) and used in the simulation (Eqs 12-13). The surface energy was provided by Tsoga and Nikolopoulos (1996) as given by Eq. 14. The density was calculated from the determined porosity. The average particle radius of 700 nm (Sigma Aldrich) was used in the simulation. The creep factor (Eq. 15) was determined by fitting the experimentally determined density of YSZ with those predicted by the FEA of YSZ oxide pellets without Gd2O3 spheres or mini-pellets. The density of YSZ was determined from the experimentally measured shrinkage of YSZ after correcting its TEC (9.75 × 10–6 K–1) (Song et al., 2011).

[image: image]

For UO2, the surface energy as a function of T from 273 to 3120 K was provided by Hall and Mortimer (1986). Fink (2000) summarized this reported data and provided a correlation for the mean value of the surface energy of UO2 as a function of T (Eq. 16):

[image: image]

The heat capacity of the stoichiometric UO2 was measured by Kerrisk and Clifton (1972) over the temperature range 483–3107 K. These data were summarized and fitted to Eq. 17 in MATPRO (Siefken et al., 2001):

[image: image]

where Y is the oxygen-to-metal ratio (equal to 2), R is the universal gas constant (8.3143 J/mol⋅K), and M is the Einstein constant (535.285). The constants K1, K2, K3, and ED are equal to 296.7, 2.43 × 10–2, 8.745 × 107, and 1.577 × 105.

Lucuta et al. (1996) summarized the thermal conductivity of non-irradiated and fully dense UO2 and fitted the data to a function comprising a hyperbolic term for the lattice contribution through phonon–defect and phonon–phonon scattering processes and an exponential term for polaron contributions. The exponential term becomes dominant for high temperatures T > 1900 K.

[image: image]

The creep factor of UO2 was generated in a similar way to that of YSZ and is expressed by Eq. 19.

[image: image]

An average particle radius of 2400 nm was used for the simulation of UO2 (Yeo et al., 2013).

The shrinkage rates of the green YSZ, UO2, and Gd2O3 compacts and the 1400 °C, 1500 °C, and 1600 °C pre-sintered pellets were measured by a dilatometer (DIL 402C) up to 1600 °C in an air atmosphere with a heating rate of 10 °C/min and a holding time of 3 h. The results are shown in Figure 2.


[image: image]

FIGURE 2. Shrinkage behaviors of Gd2O3 compact, sintered Gd2O3 pellet, YSZ compact, and UO2 compact.




Geometric Models

2-D axisymmetric simulation models were developed to study the sintering stress distributions during the fabrication process of YSZ pellets containing lumped Gd2O3 mini-pellets or spherical particles. The geometrical models used in the FEA simulations are shown in Figure 3.


[image: image]

FIGURE 3. Geometrical models of YSZ oxide pellet containing (A) lumped Gd2O3 spherical particle and (B) mini-pellet.


In order to determine the critical sintering stress for cracking, simulation models of YSZ oxide pellets with a Gd2O3 mini-pellet pre-sintered at 1400 °C, 1500 °C, or 1600 °C having the average measured dimensions of the pre-sintered pellets (see Table 1) and the measured shrinkage rates of the pellets sintered at 1400, 1500, and 1600 °C (see Figure 2) were developed. Simulation models of YSZ oxide pellets containing either lumped Gd2O3 spherical particles or mini-pellets of the same size and the shrinkage rate of the 1400 °C pre-sintered pellets were also developed to understand the effect of the lumped Gd2O3 shape on the formation of interfacial cracks. In addition, simulation models of YSZ oxide pellets with lumped Gd2O3 spherical particles of 1.5, 2, or 3 mm in diameter and the shrinkage rate of the pellets pre-sintered at 1400 °C were developed to determine the critical size of the lumped Gd2O3 spherical particles. Finally, simulation models of YSZ oxide pellets with a Gd2O3 spherical particle having the shrinkage rate of the pellet at 1400 °C, 1500 °C, or 1600 °C and the size of 1.5 mm were developed to understand the effect of the shrinkage rate on the formation of interfacial cracks.


TABLE 1. Dimensions of Gd2O3 mini-pellets after pre-sintering at different temperatures.
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Initial and Boundary Conditions

The simulation models were assumed to have an initial temperature of 25 °C. The outer surfaces of the simulation models of the YSZ oxide pellets containing a lumped Gd2O3 sphere or mini-pellet were heated from 25 °C to 1500 °C or 1600 °C for the case of YSZ or UO2 with a heating rate of 10 °C/min, in accordance with the experimental procedures.



RESULTS AND DISCUSSION


YSZ pellet

Figure 4 shows the FEA simulation results for the maximum sintering stress in YSZ oxide pellets containing a lumped Gd2O3 mini-pellet pre-sintered at 1400 °C, 1500 °C, or 1600 °C during heating from 25 °C to 1500 °C.


[image: image]

FIGURE 4. FEA-predicted maximum sintering stresses in YSZ oxide pellet containing a lumped Gd2O3 mini-pellet pre-sintered at 1400 °C, 1500 °C, or 1600 °C.


As shown in Figure 4, the maximum sintering stress in the YSZ oxide pellets containing a lumped Gd2O3 mini-pellet was almost constant in the temperature range 25–1100 °C and began increasing almost exponentially at approximately 1150 °C, corresponding to the temperature at which the YSZ pellet started to shrink (see Figure 2). As the pre-sintering temperature increased from 1400 °C to 1600 °C, the maximum sintering stress increased, which could be attributed to the increase in the shrinkage rate mismatch (see Figure 2). Previous experimental observations (Mistarihi et al., 2018) showed no interfacial cracks in YSZ pellets containing lumped Gd2O3 mini-pellets pre-sintered at 1400 °C, while cracks appeared in the YSZ oxide pellets containing lumped Gd2O3 mini-pellets pre-sintered at 1500 °C or higher. The maximum sintering stress in the YSZ oxide pellet containing a lumped Gd2O3 mini-pellet pre-sintered at 1400 °C during the fabrication process was calculated by FEA as approximately 120 MPa; that with the mini-pellets pre-sintered at 1500 °C was approximately 150 MPa. This indicates that sintering stresses in the range 120–150 MPa would result in the formation of interfacial cracks in the YSZ oxide pellet containing lumped Gd2O3. The flexural strength of the fully dense YSZ at room temperature is approximately 1000 MPa (Masaki, 1986) and it decreases almost linearly with increasing porosity to 170 MPa for YSZ with an RD of 40% (Gain et al., 2006). However, simulation studies of the residual stresses during the fabrication of ceramic composites have shown that residual stresses as low as 25 kPa (Schoenberg et al., 2006) or 90 MPa (DeHoff et al., 2008) can cause the formation of interfacial cracks in ceramic composites.

Figure 5 shows the stress distribution in the YSZ oxide pellet containing either a lumped Gd2O3 sphere (r = 0.75 mm) or mini-pellet (r = h = 0.83 mm) with the same volume of approximately 1.77 mm3 and the shrinkage rate of the 1400 °C pre-sintered Gd2O3 at a sintering temperature of 1300 °C.
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FIGURE 5. Stress distributions in YSZ oxide pellets containing lumped Gd2O3 (A) sphere (r = 0.75 mm) or (B) mini-pellet (r = h = 0.83 mm). (r is the radius of the sphere or mini-pellet and h is the height of the mini-pellet).


As shown in Figure 5, the addition of Gd2O3 spheres resulted in the formation of symmetric stresses around the interface. Meanwhile, the Gd2O3 mini-pellet caused the formation of localized stresses at the edges of the mini-pellet. The formation of these localized stresses indicates that cracks would form in these areas, which is in good agreement with the experimental observation presented in our previous study (Mistarihi et al., 2018), where interfacial cracks in YSZ pellets containing lumped Gd2O3 mini-pellets were observed at the mini-pellet edges.

The FEA-calculated maximum sintering stresses in YSZ oxide pellets containing either a lumped Gd2O3 sphere (r = 0.75 mm) or mini-pellet (r = h = 0.83 mm) with equal volume and shrinkage rates during the sintering process are shown in Figure 6. In order to investigate the effect of the dimensions of the Gd2O3 mini-pellets on the sintering stresses developed during the manufacturing of YSZ oxide pellets containing lumped Gd2O3 mini-pellets, simulation models were also developed with Gd2O3 mini-pellets of equal volume to the spheres but the reduced r/h ratio of 0.5. The maximum sintering stresses developed during the manufacturing of the YSZ oxide pellet containing a lumped Gd2O3 mini-pellet (r = 1/2h = 0.65 mm) as calculated by FEA are also shown in Figure 6.
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FIGURE 6. FEA-calculated maximum sintering stress in YSZ oxide pellets containing lumped Gd2O3 spheres and mini-pellets of the same volume and shrinkage rate.


The addition of mini-pellets yielded higher sintering stress over the entire temperature range, which can be attributed to the localized stresses at the edges of the mini-pellets. These higher localized sintering stresses are mainly caused by the outward bending of the Gd2O3 mini-pellet due to the shrinkage of the YSZ. The temperature gradient caused uniform shrinkage of the Gd2O3 spheres, yielding lower and symmetric sintering stresses in the YSZ oxide pellet containing a lumped Gd2O3 sphere. DeHoff et al. (2008) studied the stress distributions of bilayer open-ended cylindrical ceramics and spherical-core ceramics and found that the open-ended cylinder ceramics showed localized stresses at the upper edges of the cylinders, whereas the spherical-core ceramics had symmetric stress distributions around the core–shell interface. This indicates that the use of spherical Gd2O3 is better than that of mini-pellets to maintain the integrity of the CSBA fuel during fabrication. The localized stresses developed in the YSZ pellet containing a lumped Gd2O3 mini-pellet can be reduced by decreasing the aspect ratio of the mini-pellet because this diminishes the outward bending caused by the temperature gradient.

Figure 7 shows the FEA-calculated maximum sintering stress in YSZ oxide pellets containing lumped Gd2O3 spheres of equal size (r = 0.75 mm) but the shrinkage rates of Gd2O3 sintered at 1400 °C, 1500 °C, and 1600 °C. As shown in Figure 7, the maximum sintering stress during fabrication was increased with increases in the pre-sintering temperature of the lumped Gd2O3, which could be attributed to the increases in the shrinkage rate mismatch.
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FIGURE 7. FEA-calculated maximum sintering stress in YSZ oxide pellets containing lumped Gd2O3 spheres of equal size (r = 0.75 mm) but different shrinkage rates.


According to the experimental observation in our previous study (Mistarihi et al., 2018), interfacial cracks were observed in YSZ oxide pellets containing lumped Gd2O3 mini-pellets pre-sintered at 1500 °C or higher, but not in YSZ containing lumped Gd2O3 spherical particles pre-sintered at 1600 °C. As can be seen from Figure 7, the calculated maximum sintering stress in the YSZ pellet containing a 0.75-mm-radius lumped Gd2O3 sphere pre-sintered at 1600 °C is approximately 105 MPa. The maximum calculated sintering stress in the YSZ pellet containing the 1500 °C pre-sintered mini-pellet was approximately 150 MPa (Figure 4). Therefore, the absence of interfacial cracks in the case of the YSZ pellet containing Gd2O3 spherical particles pre-sintered at 1600 °C could be attributed to the reduced symmetric sintering stress relating to their smaller sizes and spherical shapes, compared to those of the 1500 °C pre-sintered mini-pellet.

The effect of the Gd2O3 sphere size on the maximum sintering stress in YSZ oxide pellets containing lumped Gd2O3 spheres with the shrinkage rate of the 1400 °C sintered Gd2O3 during sintering is shown in Figure 8. As shown, the maximum sintering stress was increased with increases in the size of the Gd2O3 spheres. However, the increase was much smaller than that observed with increases in the Gd2O3 shrinkage rates. This indicates that the sintering stresses developed in the YSZ oxide pellets containing lumped Gd2O3 spheres are mostly controlled by the Gd2O3 shrinkage rate.


[image: image]

FIGURE 8. FEA-calculated maximum sintering stress in YSZ oxide pellets containing lumped Gd2O3 spheres of different sizes but equal shrinkage rates.




UO2 Fuel Pellet

Experimental studies using UO2 are expensive and present high levels of radiotoxicity. In an experimental demonstration (Mistarihi et al., 2018) of the fabrication of oxide pellets containing lumped Gd2O3 spherical particles, mini-pellets, or rods, YSZ was used as a surrogate for UO2 because it has a similar crystal structure, high melting temperature, and sintering kinetics. However, for fabrication studies, the shrinkage rate and TEC of YSZ and UO2 must be similar, as well as the diffusivity of Gd3+ in the YSZ and UO2 matrices.

Figure 9 shows the FEA-calculated maximum sintering stress in UO2 pellets containing a lumped Gd2O3 sphere with a shrinkage rate of 1400 °C pre-sintered Gd2O3 but different sizes (r = 0.75, 1, 1.5 mm). As shown in Figure 9, the maximum sintering stress during the fabrication process was increased with increases in the size of the lumped Gd2O3. However, the calculated maximum sintering stresses in the UO2 fuel pellets were higher than those reported for YSZ pellets. The maximum sintering stresses in UO2 containing lumped Gd2O3 sphere with a radius of 1.5 mm at 1300 °C, 1400 °C, and 1500 °C were about 45.2, 80.3, and 101 MPa, respectively, whereas the maximum sintering stresses determined in YSZ pellet containing the same Gd2O3 sphere and at the same sintering temperatures were about 11.4, 29.2, and 68.8 MPa, respectively (see Figure 8). This could be attributed to the greater mismatch in the shrinkage rates of UO2 and Gd2O3 relative to that of YSZ and Gd2O3 (see Figure 2).
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FIGURE 9. FEA-calculated maximum sintering stress in UO2 pellets containing lumped Gd2O3 spheres of different sizes but equal shrinkage rates.


The stress distribution in the UO2 pellet containing a lumped Gd2O3 sphere (r = 0.75 mm) with the shrinkage rate of 1400 °C pre-sintered Gd2O3 at the sintering temperature of 1300 °C is shown in Figure 10. The stress distribution was symmetric, similar to that in the YSZ pellet with the same conditions; however, the stress values were higher than those reported in YSZ, which can again be attributed to the higher shrinkage rate mismatch between UO2 and Gd2O3 relative to that between YSZ and Gd2O3 (see Figure 2).
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FIGURE 10. Stress distribution in UO2 pellet containing a lumped Gd2O3 sphere (r = 0.75 mm).


Owing to the absence of sufficient experimental data for CSBA fuel using UO2, it is difficult to set threshold stress values for the formation of interfacial cracks in UO2-based CSBA. However, the fabrication of UO2 oxide pellets containing lumped Gd2O3 spherical particles pre-sintered at 1400 °C was reported by Oh et al. (2017) using the conventional fabrication conditions for UO2 of pressing under 3 ton/cm2 followed by sintering at 1700 °C for 4 h in an H2 atmosphere at approximately 5 °C/min. Similar results were observed regarding the absence of interfacial cracks and the formation of the gadolinium urinate phase at the interface between UO2 and Gd2O3.



CONCLUSION

The sintering stresses developed in the YSZ oxide pellets containing either lumped Gd2O3 spheres or mini-pellets during fabrication from 25 °C to 1500 °C were simulated using the FEA method. Thermal and linear elastic models were used to simulate the sintering stresses in lumped Gd2O3, while thermal and sintering models based on the continuum theory of sintering were used to simulate those in the YSZ powder compact. These models were coupled and implemented using COMSOL Multiphysics code.

The critical sintering stresses for the formation of interfacial cracks in YSZ oxide pellets containing lumped Gd2O3 were determined by comparing the FEA-calculated stresses in YSZ oxide pellets containing lumped Gd2O3 mini-pellets with the shrinkage rates of 1400 °C, 1500 °C, and 1600 °C sintered Gd2O3 with experimental observations. It was found that sintering stresses in the range of 120–150 MPa could cause the formation of interfacial cracks in these pellets.

The effects of the shape, shrinkage rate, and size of lumped Gd2O3 on the formation of cracks during fabrication were studied. It was found that the addition of cylindrical Gd2O3 mini-pellets resulted in localized and higher stresses at the mini-pellet edges. In contrast, the addition of Gd2O3 spherical particles yielded symmetric and lower stresses at the interface between the Gd2O3 and YSZ. Increases in the shrinkage rate and size of Gd2O3 resulted in higher sintering stresses in the YSZ oxide pellets containing lumped Gd2O3.

The sintering stresses developed during the fabrication of UO2 containing lumped Gd2O3 spheres were also estimated. Similar behaviors to those of YSZ were observed. However, the magnitude of the sintering stress was higher because of the higher shrinkage rate mismatch between UO2 and Gd2O3 relative to that between YSZ and Gd2O3.
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FCM fuel which microencapsulated TRISO particles in SiC matrix is a promising ATF (accident tolerant fuel) candidate fuel designed to replace the traditional pellet-cladding fuel rod. In order to predict the in-pile behavior of FCM fuel accurately and to optimize the design of FCM fuel, it is necessary to establish a numerical simulation method of irradiation-thermal -mechanical coupling behavior of FCM fuel. In this study, the related thermal effects and irradiation effects of FCM fuel and the effect of gap heat transfer are considered. User defined subroutines are compiled respectively, and the above-mentioned correlation effects are introduced into ABAQUS software to establish a numerical simulation method for the irradiation-thermal -mechanical coupling behavior of FCM fuel. Based on the established numerical simulation method, the performance evolution of FCM fuel in the reactor is simulated, and the possible failure modes of FCM fuel in the reactor are analyzed. The research results can provide guidance for the optimization design and performance prediction of FCM fuel.
Keywords: ATF, irradiation-thermal-mechanical coupling, numerical simulation, FCM fuel, 3D simulation
INTRODUCTION
Fully Ceramic Microencapsulated (FCM) fuel is a new concept proposed by the Oak Ridge National Laboratory (ORNL) as a fuel with enhanced accident tolerance (Terrani et al., 2012). FCM fuel which microencapsulated TRISO particles in silicon carbide (SiC) matrix is an integrated fuel designed to replace the traditional pellet-cladding fuel rod. The fuel design can effectively solve the problems of LWR fuel, such as water side corrosion, abrasion, stress corrosion cracking (Olander, 2009). Moreover, FCM fuel design has the advantages of high thermal conductivity (Powers and Wirth, 2010; Terrani et al., 2012), lower swelling and high fission products capability (Boer et al., 2011; Fernández, 2011; Chun et al., 2015; Lee and Cho, 2015), which is one of the most promising ATF fuels candidate (Olander, 2009). FCM can be used in different kinds of reactors such as LWR, SMR (Olander, 2009).
TRISO particle possessed complex multi-layered coating structure, including uranium dioxide kernel, porous pyrolytic carbon layer (Buffer), inner pyrolytic carbon layer (IPyC), silicon carbide layer (SiC) and outer pyrolytic carbon layer (OPyC). The function of the coated layers was designed: buffer layer is mainly designed to absorb fission fragments, reduce radiation damage to outer layers, offered space for accommodating irradiation swelling of uranium dioxide kernel and fission gas. IPyC layer is mainly used to prevent the contact of fission products with SiC, which results in the corrosion of SiC layer caused by fission products. The SiC layer mainly acts as a pressure bearing layer, providing enough mechanical strength for TRISO particles. OPyC layer protects SiC layer from damage (Powers and Wirth, 2010; Williamson et al., 2012; Collin, 2014).
Because of the multiple coating structure of TRISO particles, irradiation-thermal-mechanical phases in application environment, and complex non-line contacting and deformation between TRISO particle and SiC matrix, FCM fuel exhibits complex in-pile behavior (Terrani et al., 2012). A number of efforts have been devoted to studying the FCM fuel performance with focuses on neutronics (Fernández, 2011), thermal-neutronics coupling (Lee and Cho, 2015) accident safety (Boer et al., 2011; Chun et al., 2015). The heterogeneous composition of this fuel design leads to difficulty with thermal and mechanical analyses. Some HTR fuel performance code was used in particle level analyses and provided 1D results of material performance (Collin, 2014; Chun et al., 2015). Chen et al., (2019) (Williamson et al., 2012) investigates the mechanical behavior of SiC layer and SiC matrix, with using 2D homogeneous model and introducing the interaction between TRISO and matrix. Zhou et al. (2020) discuss the effect of spacing of TRISO and size of no-fuel area on integrality of FCM. The result shows that the stress in SiC layer would release by reducing the spacing of TRISO.
Accurate and reliable fuel behavior prediction is not only necessary for reactor safety calculation, fuel design requirements, but also for fuel performance evaluation. In this research, the irradiation-thermal-mechanical coupling behavior of FCM fuel was simulated based on the ABAQUS software. 1/4RVE (representative volume model) was established to calculate the deformation and mechanical behavior of FCM fuel. Properties variation of the related materials was considered.
MATERIAL PROPERTY
Gas and solid swelling of UO2 kernel is a function ofburnup (MacDonald and Thompson, 1976), Fuel densification occurs in the early stage of irradiation, the densification of UO2 is also a function ofburnup (MacDonald and Thompson, 1976), Thermal expansion of UO2is a function of temperature (MacDonald and Thompson, 1976)Lucuta modified model which suitable for both low and high burnup stage is adopted as the thermal conductivity model of UO2kernel, The model takes into account the effects of temperature, fuel densification, fission products and porosity on thermal conductivity (Lucuta et al., 1996). Young's modulus of UO2 fuel is taken as a constant 219,000 MPa, Poisson's ratio is 0.345 (Hales et al., 2013), density is 10.96 g/cm3.
Young’s modulus, Poisson’s ratio, density, specific heat and thermal conductivity of porous pyrolytic carbon materials are 20,000 MPa, 0.23, 1.0 g/cm3, 720 J/kg K, and 0.5 W/m K (MacDonald and Thompson, 1976) respectively. Irradiation swelling of porous pyrolytic carbon materials is isotropic, which is different with dense pyrolytic carbon materials. The radial and hoop swelling strain are the same in spherical coordinates (Hales et al., 2013):
[image: image]
[image: image] is thefast neutron fluence, (in 1025 n/m2).
Creep rate of porous pyrolytic carbon materials is (Hales et al., 2013):
[image: image]
νc is the Poisson’s ratio of creep, νc = 0.5, [image: image] indicates fast neutron flux, (in 1025 n/(m2 s)), σ1, σ2, σ3 are the principal stresses in three directions.
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[image: image], [image: image] is density of porous pyrolytic carbon, 1.0 g/cm3; T is temperature, (in Celsius).
Young’s modulus, Poisson’s ratio, density, specific heat and thermal conductivity for SiC are 340 GPa, 0.13, 3.18 g/cm3, 620 J/kg K, and 13.9 W/m K (Snead et al., 2007) respectively. Thermal expansion coefficient of SiC is a function of temperature (Snead et al., 2007), Radiation creep of SiC is expressed by the following empirical correlation (Snead et al., 2007):
[image: image]
K1 is set as a constant 0.4 × 10–31n/m2/MPa, [image: image] indicates fast neutron flux, [in n/(m2·s)], σe is effective stress.
Young’s modulus, Poisson’s ratio, density, specific heat and thermal conductivity for dense pyrolytic carbon materials are 470,000 MPa, 0.23, 1.9 g/cm3, 720 J/kg K and 4 W/m K (Hales et al., 2013) respectively, the yield strength is set as 137 MPa.Radiation swelling of dense pyrolytic carbon is anisotropic, and the radial and hoop radiation swelling are different in spherical coordinates as follows (Hales et al., 2013):
[image: image]
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Strain unit is 1/(1025 n/m2), [image: image] indicates fast neutron fluence, (in 1025 n/m2).
Creep rate of dense pyrolytic carbon materials is (Hales et al., 2013):
[image: image]
νc indicates Poisson’s ratio, νc = 0.5, [image: image] indicates fast neutron flux, (in 1025 n/m2), σ1, σ2, σ3 are the principal stresses in three directions.
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Mirr, cerrep = 2; [image: image] is density of dense pyrolytic carbon materials, 1.9 g/cm3; T is temperature, (in Celsius).
During the irradiation process, gap will be formed between Buffer and IPyC layer and filled with fission gas. The gap thermal transfer coefficient is expressed as follows (Hales et al., 2013):
[image: image]
where, [image: image] is gap thermal transfer coefficient, (in W/m2 K), [image: image] indicates thermal transfer coefficient of fission gas, (in W/m2 K), [image: image] indicates the radiation thermal transfer coefficient, (in W/m2 K), detailed input parameters can be found in the reference (MacDonald and Thompson, 1976).
During the irradiation process, fission gas will generate in the UO2 kernel and release into the Buffer layer. Because of the low temperature of M3 fuel, the fission gas released mainly as non-thermal way. In the simulation, it is assumed that the fission gas release rate is 10%, regardless of the fuel depletion effect. The Ideal Gas law is used to calculate the gas pressure in the Buffer layer. CO is mainly generated by the combination of carbon atoms and oxygen atoms that diffuse from UO2 kernel to the Buffer layer. Generation rate is calculated by Proksch model (Hales et al., 2013):
[image: image]
where, O/F is the average number of oxygen atoms released per fission, neglecting the generation of CO2.
The Ideal Gas law equation is:
[image: image]
where, P is gas pressure, n is the number of moles of gas, R is the gas constant, T is temperature, V represents the free space volume between Buffer layer and IPyC (Including gap volume and porosity volume in Buffer layer, the porosity of Buffer layer is considered as 56%).
NUMERICAL MODEL
FCM consists of TRISO particles and matrix. TRISO particles owns a complex multi-layered coating structure, including UO2 kernel, buffer layer, IPyC layer, SiC layer and OPyC layer from inside to outside. Numerous TRISO particles are contained in SiC matrix. Figure 1 shows a typical structure of FCM.
[image: Figure 1]FIGURE 1 | Schematic of FCM structure. (A) TRISO particle (B) Cross section of FCM.
The UO2 kernel radius and thickness of buffer layer, IPyC layer, SiC layer and OPyC layer are 420.0, 50, 35, 35, 20 µm respectively. Volume fraction of TRISO particles is 45% in FCM pellet (the UO2 volume fraction is 18.98%). Considering that FCM fuel is a dispersion fuel with complex structure, it is difficult to model and simulation the whole fuel. In order to analyze the radiation-thermal-mechanical coupling performance of FCM fuel, it is necessary to extract representative volume element (RVE) from FCM fuel for simulation analysis. Assuming that the minimum FCM fuel representative volume element (RVE) edge length is L (μm), the TRISO volume is Vf and the TRISO particle radius is R (μm), when TRISO particles are uniformly distributed in the SiC matrix, the relationships among them are as follows:
[image: image]
According to the above equation, the minimum RVE edge length L is 900 μm. Based on the symmetry of RVE, a 1/4 RVE model is established as shown in Figure 2. The two sections are defined as symmetrical boundary conditions in Cartesian coordinate system (three-dimensional rectangular coordinate system in global space). Considering the high thermal conductivity of FCM fuel, for simplification, the external surface of RVE is set a fixed temperature boundary condition (698 K, 100 K higher than the coolant temperature). The IPyC layer and Buffer layer are closely connected, and the boundary condition between the two layers is isothermal. Initial zero stress temperature of the whole FCM fuel RVE is 300 K. The linear power of FCM fuel is 200 W/cm, fuel diameter is 9 mm. Two situation cases are simulated in this research work. In first case, the steady operation lasts for 1,100 days, and then followed by a power transient for 9 s, with the power jumping from 100%FP to 150%FP. In the another case, the steady operation lasted for 1,100 days, and then followed by a water loss accident for 200 s, the power decreased from 100 to 10% FP, and the coolant temperature increased from 698 to 1473 K. Assuming that the fast neutron fluence in the end of steady operation reaches at 9.5 × 1021 n/cm2.
[image: Figure 2]FIGURE 2 | 1/4 representative volume element model of FCM fuel.
Due to the complexity of FCM fuel material models such as irradiation swelling, irradiation creep and thermal conductivity, it is difficult to input them in a simple interface. In this simulation, the complex material model is introduced into the finite element simulation calculation by compiling corresponding user-defined subroutines UMAT (customized material constitutive relation subroutine), GAPCON (gap thermal conduction subroutine), DLOAD (gap pressure subroutine) and so on. The analysis step type is transient complete temperature displacement coupling analysis step. The element type is implicit first-order temperature displacement coupling element.
Three types of mesh number, including 6,240, 12,023 and 24,960, have been adapted to investigate the mesh independence. The results show that the data deviation of temperature, stress and strain caused by different mesh number is less than 2%. Considering the precision and effectiveness of computation, the mesh number of whole model is set to 12,023 and the number of nodes is 15,180 as Figure 3 shows.
[image: Figure 3]FIGURE 3 | Mesh model of 1/4 RVE of FCM fuel.
VERIFICATION
The verification for FCM fuel is difficult for lacking of experiment data. Therefore a code to code verification is chosen to verify this simulation. According to the open literature, BISON is an advanced three dimension fuel performance code, and the BISON has been used to simulate the irradiation-thermal-mechanical performance of TRISO fuel in published literature. Based on the numerical simulation method established in this study, if the effect of matrix is not considered, it can be directly used to simulate the performance of TRISO fuel. According to the simulation results, the results obtained by the numerical simulation method established in this study are consistent with those obtained by BISON, The specific comparison results can be seen in the previous published articles (Changbing et al., 2019). The validity of this numerical simulation method has been verified and can be used for this study.
RESULTS AND DISCUSSION
Temperature Result
Figure 4 shows the temperature distribution contour of FCM fuel RVE model at the beginning, end of irradiation, power transient and LOCA conditions. According to the temperature distribution contour, the maximum temperature of the fuel is always maintained at the center of the RVE model. Under the steady operation condition, the temperature difference between the center of the RVE model and the outer surface is about 70 K. The difference of the maximum temperature at the beginning and the end of irradiation is about 20 K, and the temperature at the end of irradiation is higher. The maximum temperature increases about 55 K under power transient condition, and the whole temperature increases significantly under LOCA condition. The reason for the above phenomenon is that center UO2 particle produces heat, so the highest temperature appears in the center. The thermal conductivity of fuel decreases with the increase of burnup, so the maximum temperature at the end of irradiation increases. In the power transient, the temperature rises due to the increase of heat generation, and the whole temperature rises due to the loss of external coolant in the LOCA condition.
[image: Figure 4]FIGURE 4 | Temperature distribution contour of FCM fuel RVE model under different conditions (EFPD, Effective Full Power Day). (A) 0 EFPD. (B) 1100 EFPD. (C) power transient. (D) LOCA condition.
The variation of the maximum temperature of each layer under steady operation and power transient conditions as shown in Figure 5. According to the variation results, it can be seen that the temperature change of UO2 fuel and buffer layer is more obvious for the power transient, while the temperature change of other layers is not obvious. The results are related to two factors. On the one hand, the higher the thermal conductivity of the material, the less obvious the transient change of fuel power. Because the thermal conductivity of UO2 and buffer is relatively low, they are more sensitive to the change of temperature. On the other hand, the gap heat transfer ability is poor, so the UO2 and buffer inside the gap are more sensitive to the change of temperature.
[image: Figure 5]FIGURE 5 | Maximum temperature of each layer of material variation under steady operation condition and power transient condition.
The max temperature of each layer of material variation under steady operation condition and LOCA condition is shown in Figure 6. According to the variation results, it can be seen that the temperature of each layer will rise significantlyunder LOCA conditions. The reason for this phenomenon is that under LOCA conditions, the heat production of fuel particle decreases, and the fuel pellet temperature will rise rapidly due to the loss of coolant.
[image: Figure 6]FIGURE 6 | Max temperature of each layer of material variation under steady operation condition and LOCA condition.
Geometry Change Result
The simulation results show that the corresponding structural changes of FCM fuel RVE model at the 0 EFPD, 200 EFPD and 1,100 EFPD are shown as Figure 7. According to the deformation results of the structure, it can be seen that the layers of the structure keep close bonding at the initial stage of irradiation. With the increase of irradiation time, there is a gap occurs between the buffer and ipyc layer, which still exists at the end of irradiation time. The reason for this phenomenon is that the buffer layer and ipyc layer will shrink under irradiation, so the gap will appear at the interface due to the irradiation shrinkage.
[image: Figure 7]FIGURE 7 | Structural changes of FCM fuel RVE model at different irradiationtime. (A) 0 EFPD. (B) 200 EFPD. (C) 1,100 EFPD.
The change curves of buffer outer diameter and IPyC inner diameter in steady operation stage are shown in the Figure 8. According to Figure 8, it can be seen that the outer diameter of Buffer layer first decreases and then gradually increases with the increase of irradiation time, while the inner diameter of the IPyC layer is opposite to the change trend of the outer diameter of the Buffer layer, which first increases and then gradually decreases with the increase of irradiation time. The outer diameter change trend of Buffer layer is caused by radiation shrinkage of buffer and radiation swelling of UO2, and the inner diameter change trend of IPyClayer is mainly caused by radiation shrinkage at initial stage of irradiation and radiation swelling at middle and late stage of irradiation.
[image: Figure 8]FIGURE 8 | Buffer outer diameter and IPyC layer inner diameter variation with EFPD.
The difference between the inner diameter of IPyC layer and the outer diameter of Buffer layer is the gap distance. The variation of gap distance during steady operation and power transient condition is shown in Figure 9. The results show that the gap distance increases first and then decreases gradually with the increase of operation time at steady operation condtion. In the power transient condition, due to the larger thermal expansion of UO2, the gap will decrease slightly.
[image: Figure 9]FIGURE 9 | Variation of gap distance with EFPD under power transient condition.
Stress Change Result
The hoop stress contour of FCM fuel RVE model at the initial stage of irradiation time, the end of irradiation time, power transient condition and LOCA condition are shown in Figure 10. According to the hoop stress distribution contour, it can be seen that the hoop stress distribution of each layer is obviously different. For stress analysis of FCM fuel, it is usually more concerned about the hoop stress on PyC layer and SiC layer, which directly affects the corresponding structural integrity.
[image: Figure 10]FIGURE 10 | hoop stress distribution contour of RVE model under different conditions. (A) 0 EFPD. (B) 1,100 EFPD. (C) Power transient. (D) LOCA condition.
Hoop stress of PyC layer and SiC layer variation with EFPD under steady operation condition and power transient condition as shown in Figure 11. According to Figure 11, it can be seen that in the steady operation period, the hoop stress of PyC layer first increases, then decreases, and finally tends to be stable with the increase of irradiation time. However, the hoop stress of SiC layer is just opposite to that of PyC layer, with the increase of operation time, the hoop stress first decreases, then increases, and finally tends to be stable. At the beginning, the internal stress value of each layer is mainly caused by the difference of thermodynamic properties and irradiation properties of each layer, and then the stress value tends to be stable, mainly due to the creep effect of each layer. The hoop stress of the PyC layer and SiC layer is not sensitive to the power transient, and the stress change is very small under the power transient.
[image: Figure 11]FIGURE 11 | Hoop stress of the PyC layer and SiC layer variation with EFPD under power transient condition.
Hoop stress of PyC layer and SiC layer variation with EFPD under steady operation condition and LOCA condition as shown in Figure 12. According to Figure 12, it can be seen that the hoop stress of PyC layer and SiC layer is sensitive to LOCA condition. Under LOCA condition, the hoop stress changes greatly, resulting in large tensile stress and structural damage. Under LOCA condition, the overall temperature of FCM fuel rises rapidly. Due to the difference of thermodynamic properties of each materials, large stress will be produced in it. When the stress reaches a certain value, it may lead to the structural failure of FCM fuel.
[image: Figure 12]FIGURE 12 | Hoop stress of the PyC layer and SiC layervariation with EFPD under LOCA condition.
The gas produced by UO2 fission would be released into the gap, which will lead to obvious gap pressure. Gap pressure variation with EFPD under steady operation condition as shown in Figure 13. According to Figure 13, it can be seen that with the increase of irradiation time, the gap pressure increases gradually. The maximum gap pressure appears at the end of irradiation time, and the corresponding value is about 21 MPa. According to the operation experience of high temperature gas cooled reactor, TRISO particles can still maintain its structural integrity when the internal gap pressure reaches about 50 MPa. Therefore, it can be inferred that the gap pressure will not lead to the structural failure of TRISO particles, which is consistent with the previous stress analysis results.
[image: Figure 13]FIGURE 13 | Gap pressure variation with EFPD under steady operation condition.
CONCLUSION
In this research, three-dimensional model was established to simulate the irradiation-thermal-mechanical coupling behavior of FCM fuel by using ABAQUS software. The results indicated that:
(1) The temperature difference in FCM is small under steady operation and power transient, except for temperature change of UO2 fuel and buffer layer due to power transient. The temperature of whole fuel will rise significantly under LOCA conditions.
(2) In the steady operation period, the hoop stress of PyC layer first increases, then decreases, and finally tends to be stable with the increase of irradiation time. However, the hoop stress of SiC layer is just opposite to that of PyC layer, with the increase of operation time, the hoop stress first decreases, then increases, and finally tends to be stable. The hoop stress of the PyC layer and SiC layer is not sensitive to the power transient, but sensitive to the LOCA condition.
(3) The pressure of gap would rise under steady operation and achieve about 21 MPa at the EOL, which could not result in structure failure of TRISO particles. Meanwhile, the gap increases initially and then decreases under steady operation. For power transient, the gap will decrease slightlydue to the larger thermal expansion of UO2.
The establishment of this numerical simulation method could provide guidance for the optimization design and performance prediction of FCM fuel. In the following study, the SiC fracture and its influence on Csdiffusivitywill also be introduced into numerical simulation to simulate more accurate radiation-thermal-mechanical coupling performance of FCM fuel.
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For a water cooled reactor, the key thermal-hydraulic parameters span a wide range corresponding to different CHF regimes. Under accident conditions, due to the flow regime transition and interchannel mixing effect, the corresponding CHF can transition from the DO to DNB regime. In order to continuously and accurately predict DNB and DO regime CHF under wide parameter range for rod bundle channel, a comprehensive CHF mechanistic model covering the DNB and DO regime CHF prediction is established based on the rod bundle CHF-regime criterion. The DNB regime CHF mechanistic model of superheated liquid layer depletion under turbulence fluctuation bubbles and the mature DO regime CHF mechanistic model are combined to form the comprehensive CHF model. Furthermore, the comprehensive CHF model is assessed by 5 × 5 rod bundle CHF experimental data independently obtained by the Nuclear Power Institute of China (NPIC). The statistical evaluation and parametric trend analysis show that the maximum mean error of P/M is within ±22%, and the local pressure, mass flux, and quality do not have any effects on the average deviations of the predicted flux P from the measured flux M. This indicates that the comprehensive CHF mechanistic model can accurately and continuously predict the DNB and DO regime CHF in the rod bundle channel.
Keywords: departure from nucleate boiling, dryout, rod bundle channel, critical heat flux, mechanistic model
INTRODUCTION
Critical heat flux (CHF) is an important thermal safety limit in the research and development of nuclear fuel assemblies and reactor thermal-hydraulic design and safety analysis. According to the different flow regimes and heat transfer characteristics corresponding to CHF, the flow boiling crisis in rod bundle channel can be divided into DNB regime and dryout (DO) regime (Tong, 1967).
For the pressurized water reactor (PWR), subcooled nucleate boiling occurs at the hot channel exit under normal operation conditions. Thus, the DNB regime CHF is the most likely to occur due to the low vapor quality in the channel. Under accident conditions, there are several kinds of flow regimes existing in the rod bundle channel. Moreover, due to the interchannel mixing mechanisms (Xiong et al., 2020) and the cross flow caused by the mixing vanes between adjacent open channels (Qu et al., 2019), the flow regime could transition from annular flow to bubble flow or slug flow. Accordingly, the corresponding CHF will also transition from the DO to DNB regime (Yang et al., 2019), as shown in Figure 1.
[image: Figure 1]FIGURE 1 | Transition from DO to DNB regime CHF.
In addition, under the normal operation and accident conditions of PWR, the key thermal-hydraulic parameters span a wide range. For example, the pressure ranges from 2 to 17 MPa, the mass flux ranges from several hundred to nearly 5,000 kg/m2s, and the corresponding equilibrium quality ranges from −0.2 to 0.5. Obviously, such a wide range of thermal-hydraulic parameters may cover different CHF regimes (Groeneveld et al., 2018).
At present, due to the complex nature of two-phase flow with heat transfer in the rod bundle channel, the method for rod bundle CHF prediction is mainly CHF empirical correlation. In the development of CHF correlation, there is no classification for DNB and DO regime CHF conditions while all the CHF experimental data are put together to develop the CHF correlation (Chai et al., 2003). Moreover, once the application scope and original object of CHF empirical correlation are exceeded, the prediction accuracy will be significantly reduced. In addition, since the CHF empirical correlation usually depends on the specific correction factors, it has great uncertainty when it is extended to the condition lacking of CHF experimental data (Weisman and Pei, 1983).
Although extensive research has been carried out on CHF mechanisms and obtained several representative CHF mechanistic models with relatively high prediction accuracy (Zhang and Hewitt, 2016; Liu et al., 2020b), these CHF mechanistic models are all developed for a specific flow regime and often only applicable to DNB or DO regime CHF prediction. Obviously, the CHF prediction ability is limited to the flow or CHF regime. As Zeigarnik (Zeigarnik, 1996) pointed out, there is no universal flow boiling CHF mechanistic model that can predict CHF in the regimes of high subcooled, low subcooled, and saturated. Because there are different flow regimes and heat transfer modes in such a wide span range, only the main process can be modeled.
At present, different comprehensive CHF mechanistic models have been developed for prediction of DNB and DO regime CHF in round tubes (Kataoka et al., 1997; Kodama and Kataoka, 2002; Liu et al., 2019). However, the void fraction or quality is often used as the classification criterion for different CHF regimes in most of these comprehensive CHF mechanistic models. The accuracy and reliability of the CHF classification criterion still need further study.
Due to the complex nature of CHF phenomenon, the challenges of experimental measurement technology, and the characteristics of wide parameter range across different CHF regimes, the coexistence of various CHF mechanistic models at this stage seems reasonable and unchangeable.
In order to accurately and continuously predict the DNB and DO regime CHF in rod bundle channel under the wide parameter range, a feasible method is to classify the CHF conditions into different regimes and then establish the corresponding CHF mechanistic model based on the specific CHF-regime visualization phenomenon and mechanism hypothesis. Finally, different regimes of the CHF mechanistic model are combined to form the comprehensive CHF mechanistic model throughout the CHF-regime criterion.
In previous studies, the author has obtained the classification criterion for CHF conditions in the rod bundle channel with the dimensional analysis method (Liu et al., 2021a) and developed the DNB regime CHF mechanistic model of superheated liquid layer depletion under turbulence fluctuation bubbles (Liu et al., 2021b). In this study, a comprehensive CHF mechanistic model covering different regimes of CHF prediction will be established by using the existing research results and the mature DO regime CHF mechanistic model. The comprehensive CHF mechanistic model will be assessed by the 5 × 5 full-length rod bundle CHF experimental data independently obtained by the Nuclear Power Institute of China (NPIC), and the statistical evaluation and parametric trend analysis will be carried out by using statistical methods.
EXISTING ROD BUNDLE CHF RESEARCH RESULTS
Rod Bundle CHF-Regime Criterion
In order to correctly distinguish the rod bundle CHF regimes, a general dimensionless rod bundle CHF correlation is obtained based on the dimensional analysis method (Liu et al., 2021a). The real vapor quality, Katto number, and boiling length are introduced to establish the basic form of the dimensionless CHF correlation. According to the deep analysis of the distribution trend of typical CHF experimental data and the CHF characteristics of different CHF regimes, the CHF in rod bundle are separated into DO, DNB, and HP-DNB regimes. The dimensionless equations between the boundaries of each regime are established, and a clearly defined map of characteristic regimes of CHF in rod bundle is determined.
The equation of the dividing line between DO and DNB regimes is,
[image: image]
where [image: image].
The equation of the dividing line between DNB and HP-DNB regimes is,
[image: image]
Figure 2 shows the dimensionless rod bundle CHF-regime map for [image: image] of 0.1 (about 11.5 MPa) and 0.2 (about 16.5 MPa), respectively.
[image: Figure 2]FIGURE 2 | Dimensionless rod bundle CHF-regime map (Liu et al., 2021a).
It can be seen from Figure 2 that when the Katto number is large and real vapor quality is high, the CHF is corresponding to the DO regime. When the Katto number is small and real vapor quality is low, the CHF is corresponding to the DNB regime. The Katto number of the boundary point between DO and DNB regimes is about 10–7. With the increase of pressure, the boundary point moves right, and the boundary line between DNB and HP-DNB regimes moves up. Consequently, the HP-DNB regime is expanded.
The above research results provide a theoretical basis for the classification of rod bundle CHF conditions.
DNB Regime CHF Mechanistic Model
Under subcooled and low quality flow boiling conditions, a general CHF mechanistic model is essential to the thermal-hydraulic design and safety analysis. Based on the mechanism of superheated liquid layer depletion (Chun et al., 2000; Liu et al., 2021c), the net mass transfer from the bulk liquid to the superheated liquid layer caused by turbulent velocity fluctuations of flowing bubbles is determined, and a new calculation method of superheated liquid layer thickness is developed (Liu et al., 2021b). After matching with other constitutive equations, a novel CHF mechanistic model for subcooled and low quality flow boiling conditions has been developed, as shown in Figure 3.
[image: Figure 3]FIGURE 3 | Schematic diagram of the DNB model.
For a fixed axial control volume Δz in the superheated liquid layer, the mass conservation equation is:
[image: image]
where [image: image] is the mass flow rate of evaporation and [image: image] is the turbulent mass flow rate transported from bulk flow to the superheated liquid layer.
After simplification,
[image: image]
The radial net two-phase mass exchange rate from the bulk flow to the superheated liquid layer caused by turbulent velocity fluctuations (Liu et al., 2021b) is determined as
[image: image]
where [image: image] is the standard deviation of velocity fluctuations.
Then,
[image: image]
The calculation method of the superheated liquid layer thickness on the heating surface is proposed, as shown in Figure 4.
[image: Figure 4]FIGURE 4 | Schematic diagram of superheated liquid layer thickness.
The superheated liquid layer thickness y* is obtained directly through thermal equilibrium temperature distribution in the rod bundle channel.
[image: image]
where Tw is the wall temperature, Pr is the Prandtl number of the liquid, and Q is a function of the local heat flux, liquid density, specific heat capacity, and friction velocity.
This DNB model is suitable for rod bundle CHF prediction under subcooled and low quality flow boiling conditions.
DO Regime CHF Mechanistic Model
In annular flow, the dryout of liquid film is determined by a balance between the liquid film evaporation, liquid droplet entrainment, and deposition from the entrained core (Groeneveld, 2013), as shown in Figure 5.
[image: Figure 5]FIGURE 5 | Schematic diagram of the DO model.
In the steady state, the mass conservation equation for the liquid film is:
[image: image]
Several models have been proposed for solution of the mass conservation equation. The models differ in the constitutive correlations representing the mechanisms of entrainment and deposition.
In this study, the DO regime CHF mechanistic model for BWR fuel assembly developed by Lim and Weisman (Lim and Weisman, 1988) is used (see reference Lim and Weisman (1988) for the subchannel division and solution steps of this model).
DEVELOPMENT OF COMPREHENSIVE CHF MECHANISTIC MODEL
In this section, the rod bundle CHF-regime criterion for DNB and DO regime CHF determined in Rod Bundle CHF-Regime Criterion is used to classify the CHF conditions. Then, the DNB regime CHF mechanistic model of superheated liquid layer depletion under turbulence fluctuation bubbles developed by the author is combined with the DO regime CHF mechanistic model of Lim and Weisman to form a comprehensive CHF mechanistic model covering the DNB and DO regime CHF prediction.
The detailed calculation process of the comprehensive CHF mechanistic model is shown in Figure 6.
[image: Figure 6]FIGURE 6 | Flowchart of the comprehensive CHF mechanistic model.
First of all, input parameters such as pressure, mass flux, subcooling, and equivalent hydraulic diameter for subchannel code are needed to calculate local parameters in the current node. The initial heat flux is q and the corresponding physical properties xt and Katto number are calculated.
For xt > 0, the D-N criterion is used for judgment. If the current calculation condition belongs to DO regime, then the DO regime CHF model is used to calculate the liquid film flow rate. When the calculated liquid film flow rate is greater than the set value of 1 kg/m2s, it means that CHF has not occurred in the current node, then the next node I + 1 is calculated. If the liquid film flow rate of the last node is still greater than the set value, it means that CHF will not occur in the whole subchannel, then the corresponding heat flux is evaluated.
If the current calculation condition belongs to the DNB regime, the N-HP criterion is used for judgment, and the DNB regime CHF model is used to calculate CHF. When the calculated CHF qc does not meet the tolerance [image: image], the next node I + 1 is calculated. If the last node still does not meet the tolerance, it means that CHF will not occur in the whole subchannel, then the corresponding heat flux is evaluated.
It should be noted that the comprehensive CHF mechanistic model established in this study can automatically and accurately judge and classify the current calculation conditions. Then, the appropriate CHF model is called to calculate and the corresponding CHF is printed. This comprehensive CHF model can accurately and continuously predict the DNB and DO regime CHF in rod bundle channel under the wide parameter range.
ASSESSMENT AND STATISTICAL EVALUATION
CHF Experimental Data
Aiming at the development of advanced Chinese fuel assemblies, NPIC has independently carried out the CHF experiment of 5 × 5 rod bundle with axial uniform and nonuniform heating, taking into account the geometry structure of rod bundle and flow subchannel, heating length, different grid arrangements, rod radial peaking factors, and the guide tube effects (Qin et al., 2016). In this study, six CHF test series data are selected, and the database and its characteristics are shown in Table 1.
TABLE 1 | CHF database and characteristics of each test.
[image: Table 1]Table 2 shows the parameter range of CHF experimental data to assess the comprehensive CHF mechanistic model.
TABLE 2 | Parameter range of CHF experimental data.
[image: Table 2]Calculation Method
The local thermal-hydraulic parameters in the 5 × 5 rod bundle of each CHF test series are calculated with the subchannel code CORTH (Liu et al., 2017), which was developed in NPIC for thermal-hydraulic analysis of reactor cores and experimental facilities with heating rod bundles. The rod bundle specific effects such as heating length, mixing strength, cold wall, and axial nonuniform heating are considered to account properly for the calculation of rod bundle local parameters (Dong et al., 2018; Liu et al., 2020a).
Figure 7 shows the subchannel numbering in a 5 × 5 rod bundle.
[image: Figure 7]FIGURE 7 | Subchannel numbering in a 5 × 5 rod bundle.
Assessment Results
Effect of Heating Length
First of all, the effects of heating length on CHF are validated by using the TEST 1, TEST 2, and TEST 5 experimental data. The distribution of P/M in these three series is shown in Figure 8.
[image: Figure 8]FIGURE 8 | Distribution of P/M in TEST 1, TEST 2, and TEST 5.
It can be seen that the comprehensive CHF mechanistic model developed in this study can accurately and continuously predict the DNB and DO regime CHF in the rod bundle channel. All the P/M predicted by the comprehensive CHF mechanistic model are uniformly distributed in the vicinity of one within the mean error of ±22%.
Effect of Mixing Strength
The TEST 8 experimental data are used to validate the effect of spacer span (with intermediate mixing spacer grids to enhance the mixing strength) on CHF prediction. The distribution of P/M in this series is shown in Figure 9.
[image: Figure 9]FIGURE 9 | Distribution of P/M in TEST 8.
Similarly, all the P/M predicted by the comprehensive CHF mechanistic model are uniformly distributed near one within the mean error of ±12%.
Effect of Cold Wall
The effect of cold wall is validated by TEST 7 experimental data. The distribution of P/M in this series is shown in Figure 10.
[image: Figure 10]FIGURE 10 | Distribution of P/M in TEST 7.
It can be seen that all the P/M predicted by the comprehensive CHF mechanistic model are uniformly distributed near one within the mean error of ±18%.
Effect of Axial Nonuniform Heating
The TEST 9 experimental data are used to validate the effect of axial nonuniform heating. The distribution of P/M in this series is shown in Figure 11.
[image: Figure 11]FIGURE 11 | Distribution of P/M in TEST 9.
It can be seen that for the axial nonuniform heating CHF prediction, only one prediction comes up with mean error larger than 20%, and rest of the P/M are uniformly distributed near one within the mean error of ±13%.
For the axial nonuniform heating of TEST 9, the CHF may not occur at the channel exit. Figure 12 shows the comparison of the CHF mechanistic model–predicted locations with experimentally measured locations. It can be seen that the predicted CHF location is in good agreement with the experimentally measured location, and the deviation of some data points is only within one spacer span. This indicates that the comprehensive CHF mechanistic model can be used to predict the CHF location for the axial nonuniform heating condition.
[image: Figure 12]FIGURE 12 | Predicted and measured CHF locations in TEST 9.
Statistical Evaluation
Table 3 shows the mean and standard deviation of M/P predicted by the CHF mechanistic model and CF-DRW correlation (Liu W. et al., 2020) based on the CHF experimental data shown in CHF Experimental Data. It can be seen that the mean and standard deviation of M/P with these two prediction methods are quite identical.
TABLE 3 | Statistical results of the CHF mechanistic model and CF-DRW correlation.
[image: Table 3]Figures 13–15 show the distributions of M/P as a function of independent variables such as local pressure, mass flux, and quality, respectively. It can be seen that the distribution of M/P with local pressure, mass flux, and quality have no obvious systematic bias.
[image: Figure 13]FIGURE 13 | M/P as a function of pressure.
[image: Figure 14]FIGURE 14 | M/P as a function of mass flux.
[image: Figure 15]FIGURE 15 | M/P as a function of local quality.
Figure 16 shows the flux predicted by the CHF mechanistic model, P, as a function of experimental measured flux M. It can be seen that the distribution of heat fluxes calculated with the comprehensive CHF mechanistic model is well distributed along the 45 line with measured CHF, and more than 95% experimental data are within the mean error of ±15%.
[image: Figure 16]FIGURE 16 | Predicted CHF as a function of measured CHF.
According to the statistical evaluation results, the comprehensive CHF mechanistic model is a promising candidate for rod bundle CHF prediction under the wide parameter range.
CONCLUSION
In this study, a comprehensive CHF mechanistic model covering DNB and DO regime CHF in a wide parameter range for the rod bundle channel is developed. This model is validated and statistically evaluated as a general CHF prediction method using the 5 × 5 rod bundle CHF experimental data. The important conclusions are as follows:
(1) The comprehensive CHF mechanistic model developed in this study covers the parameter range of PWR under normal operation and accident conditions and can accurately and continuously predict the DNB and DO regime CHF in the rod bundle channel.
(2) The mean and standard deviation of all M/P are 1.019 and 0.067, which are identical to the prediction accuracy of CF-DRW correlation. No specific correction factors such as heating length, cold wall, and axial nonuniform heating effect are needed anymore.
(3) The local pressure, mass flux, and quality do not have any effects on the average deviations of the predicted flux P from the measured flux M. This shows that the comprehensive CHF mechanistic model is a promising candidate for rod bundle CHF prediction under the wide parameter range.
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NOMENCLATURE
D channel diameter (m)/droplet deposition rate (kg/m2s)
De equivalent diameter (m)
E entrainment rate (kg/m2s)
G mass flux (kg/m2s)
hfg latent heat of vaporization (kJ/kg)
Ka Katto number
m mass flow rate (kg/s)
M measured CHF (MW/m2)
p pressure (MPa)
P predicted CHF (MW/m2)
Pr Prandtl number
q heat flux (MW/m2)
qc critical heat flux (MW/m2)
T temperature (°C)
[image: image] radial velocity (m/s)
v* net mass exchange rate (m/s)
V11 vapor generation rate (m/s)
x equilibrium quality
xt real vapor quality
y* distance from the wall (m)
z axial coordinate (m)
[image: image] density (kg/m3)
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Axial and lateral pressure loss in a 5 × 5 rod–bundle with a split-type mixing vane spacer grid was experimentally measured using differential pressure transmitters at different sub-channel Reynolds numbers (Re) and orienting angles. The geometrical parameters of the 5 × 5–rod bundle are as follows: they have the same diameter (D = 9.5 mm) and pitch (p = 12.6 mm) as those of real fuel rods of a typical pressurized water reactor (PWR), with a sub-channel hydraulic diameter (Dh) of 11.78 mm. The characteristics and resistance models of pressure loss are discussed. The main axial pressure loss is caused by the spacer grid, and the spacer grid generates additional wall friction pressure loss downstream of the spacer grid. The lateral pressure loss shows strong correlations with orienting angles and distance from the spacer grid. The lateral pressure loss shows a sudden burst in the mixing vanes region and a slight augmentation at z = 3Dh. After 3Dh, the lateral pressure loss decays in an exponential way with distance from the spacer grid, and it becomes constant quickly at z = 20Dh.
Keywords: pressure loss, resistance model development, rod bundle assembly, spacer grid, sliding pressure loss measurement
INTRODUCTION
The mixing vane spacer grids in the fuel assembly of a pressurized water reactor (PWR) highly enhance cross-flow, turbulent mixing, and heat transfer in fuel assembly, improving the departure from nucleate boiling (DNB) conditions in PWRs. However, it costs pressure loss in the reactor core due to the relatively large resistance of the spacer grid, and the axial and lateral resistance of the fuel assembly are important parameters, which should be investigated and modeled into a sub-channel analysis code in the design phase and operation phase. In the axial momentum conservation equation, wall friction resistance and spacer grid resistance models are employed to predict the axial pressure loss performance of the fuel assembly, while the lateral resistance model is used for predicting lateral pressure loss (Li et al., 2019).
The classical wall friction factor models for circular pipes are a power function of the Reynolds number (Re), including the Nikuradse equation, the Moody diagram, the Blasius equation, and the McAdams equation (Fang et al., 2011). The Colebrook equation (Colebrook, 1939) considers the wall roughness and Re, but the implicit equation is inconvenient for engineering application. Many explicit correlations were approximated to the Colebrook equation (Churchill, 1973, 1977; Chen, 1979; Haaland, 1983; Manadilli, 1997; Sonnad and Goudar, 2006). These correlations are evaluated precisely enough for predicting the wall friction in pipes (Brkić, 2011; Yıldırım, 2009). However, the geometrical details of the rod bundle reshape the wall friction. The wall friction factor is a function of Re and P/D (pitch-to-rod diameter) in triangular and square arrangements of rod bundles (Cheng and Todreas, 1986; Lee et al., 2012). The wall friction models should be developed and assessed before applying them in a special design of the rod bundle (Toptan et al., 2018).
The resistance of a spacer grid is mainly decided by the blockage of the flow area and wall friction of the straps (Chun and Oh, 1998; Idelchik, 1986). The resistance of a spacer grid is different for each special design and geometry of rod bundles. The classical resistance models for different spacer grids (Rehme, 1970, 1973) were a function of the ratio of the projected area of the spacer grid to the flow area of the bared rod bundle and the modified spacer grid resistance. A series of similar models of spacer grid resistance were found in the studies by Vog et al. (1971), Savatteri et al. (1986), Cigarini and Donne (1988), Cevolani (1995), Epiney et al. (2010), Pacio et al. (2014), and Schikorr et al. (2010). These resistance models of spacer grids were evaluated (Chenu et al., 2011; Maskal and Aydogan, 2017), and each correlation can only be applied for the special design of the spacer grid. It is essential to develop new correlations of spacer grid resistance for special designs of spacer grids and rod bundles. A sliding pressure–sensing rod in the rod bundle was employed to measure the locally axial pressure loss facing different angles in sub-channels (Caraghiaur et al., 2009). The axial pressure distribution upstream and downstream of the spacer grid facing different orienting angles is almost the same, but it is very different in the spacer grid caused by the complex geometry. Both the local geometry details and the influence of the neighboring sub-channels play an important role in the pressure distribution. Many researchers predicted the axial pressure loss in the rod bundle with the spacer grid using CFD simulations (Chen et al., 2017; Cheng et al., 2017; Wu et al., 2017; Han et al., 2018; In et al., 2015; Xiong et al., 2018; Sibel Tas-Koehler et al., 2020; Wang et al., 2020). The axial pressure upstream of the spacer grid gradually decreases due to the wall friction of the rod bundle. But the axial pressure suddenly jumps down just before the spacer grid, and in the region of the spacer grid, the axial pressure decreases sharply (Wang et al., 2020). Downstream of the spacer grid, the axial pressure increases slightly just near the spacer grid, and then it decreases slowly.
Several studies have investigated the lateral pressure loss in rod bundles. The cross-flow resistance coefficient between sub-channels (Tapucu, 1977) is defined as the ratio of the lateral pressure loss to the laterally kinetic energy, calculated by the cross-flow velocity and fluid density. The cross-flow resistance in a bared rod bundle is a power correlation of the P/D ratio and Re (Liu and Todreas, 1979). In the MATiS-H benchmark exercise (Agbodemegbe et al., 2015; Chang and Tavoularis, 2015), the pressure distribution on the surface of mixing vanes was the mechanism of the cross-flow pattern, and the cross-flow resistance was investigated using the CFD simulation. In the studies by Qu et al. (2019a) and Xiong et al. (2020), a new sliding pressure loss measurement system was designed to measure the lateral pressure loss between sub-channels. The lateral pressure loss decays as an exponential function of the distance from the spacer grid, and the cross-flow resistance was fitted into a correlation of distance from the spacer grid.
In most studies, the impulse pipes are fixed on the channel wall of the rod bundle, which is not the locally axial pressure loss in sub-channels. It is reasonable that the spacer grid generates additional wall friction downstream of the spacer grid. The pressure distribution in the sub-channels is determined by the local flow conditions, but few studies investigate the pressure loss in sub-channels along the axial distance and facing different angles experimentally.
The axial and lateral pressure loss facing different angles along the axial distance upstream and downstream of the spacer grid were measured using the sliding pressure loss measurement system, and corresponding resistance models are proposed and discussed. The experimental data help to understanding the hydraulic performance of the mixing vane spacer grid, and benefit the development of the spacer grid and CFD validation.
EXPERIMENTAL APPARATUS
Experimental Facility and Test Section
The MEdium Scale Hydraulic (MESH) test facility is utilized for the experiment (Qu et al., 2019a) in the Shanghai Jiao Tong University. In the primary loop, the deionized water is vertically driven by the pump from the fluid reservoir to the test section and then back to the water tank. The cooling loop precisely stabilizes the temperature of the fluid in the test section via the heat exchanger, cooling pump, and cooling tower. The temperature in the test section is monitored using calibrated thermal couples with an accuracy of 0.1°C at the inlet and the outlet of the test section. The flow rate through the test section is measured using a turbine flow meter with an error of 0.5% in range of 4–50 m3/h.
The spacer grid with 11 mm long mixing vanes and an inclination angle of 30° is shown in Figure 1A. The spacer grid with a height of 40 mm from the bottom plate of 3 mm thickness to the top of the straps with a height of 37 mm is installed in the rod bundle. The top and front views of the mixing vane spacer grid are shown in Figures 1B,C. The details of the mixing vanes are shown in Figure 1D. The vertical test section is shown in Figure 2A, including the inlet section, the measuring section, and the outlet tank. The housing of the test section includes the aluminum frame and four PMMA windows of 1011.5 mm length. A flow straightener at the inlet of the inlet section minimizes disturbance upstream of the test section. In Figure 2B, the rod bundle of 1100 mm length is made of aluminum oxidized by chromate and dyed to be black using a colorant. The rod diameter (D) is 9.5 mm with a pitch (P) of 12.6°mm, resulting in the sub-channel hydraulic diameter (Dh) of 11.78 mm. The 517-mm-long rods are fixed on the bottom plate of the spacer grid upstream, and the 580-mm-long rods are fixed downstream of the spacer grid. The rod bundle is fixed on the bottom and top flanges of the measuring section. The laboratory coordinate system is defined as shown in Figures 2B,C. The origin (x = 0, y = 0, z = 0) is defined at the center of the central rod on the plane of the upper edge of the straps. The sixteen sub-channels are named in Figure 2D.
[image: Figure 1]FIGURE 1 | Spacer grid.
[image: Figure 2]FIGURE 2 | Pressure loss measurement system.
Measurement System Setup
The pressure loss setup is shown in Figure 2A. Three impulse pipes are mounted through the inlet flange, spacer grid, and outlet flange. As shown in Figure 2B, the length of the impulse pipes is 1850 and 2000 mm for the two noncenter pipes and the center pipe, respectively. As shown in Figure 2C, the three impulse pipes marked blue with an outer diameter of 9.5 mm and an inner diameter of 8 mm pass through the spacer grid from the center rod and two neighboring rods, with three pressure ports of 1 mm diameter on the surface of each impulse pipe. Three pressure taps are used to guide the pressure to the differential pressure transmitters. At the measuring position of z = −20Dh, there is still a 279.4 mm length of impulse pipes upstream of the inlet of the rod bundle, which is far enough from the inlet of the rod bundle. The inlet conditions of the rod bundle and the inlet condition at the spacer grid are not influenced by the three impulse pipes. To measure the pressure loss orienting to different angles, an SUS304 angle dial plate of 63.5 mm diameter with scale lines dividing the perimeter into 360° is fixed on the top of the central impulse pipe, as shown in Figure 2E. We define the orienting angle on the x axis as equal to 0° and that on the y axis as equal to 90°. Combined with the 3D traverse platform and pressure sensors, the axial and lateral pressure loss of different orienting angles from z = −20Dh to z = 20Dh can be measured by moving the pulse pipes and turning the angle dial plate.
The axial pressure loss at different angles from z = −20Dh to z = 20Dh in sub-channel nos. 6, 7, and 11 is measured using a YOKOGAWA differential pressure transmitter (EJA110A) (range 100 kPa, accuracy 0.065%), and the reference pressure point is set on the top surface of the outlet tank. Only the central impulse pipe is used to measure axial pressure loss at different orienting angles. The lateral pressure loss in sub-channel nos. 7 and 11 was measured using a YOKOGAWA differential pressure transmitter (EJA110E) (range 5 kPa, accuracy 0.065%) for pressure loss from −2500 to 2500 Pa and a YOKOGAWA differential pressure transmitter (EJA110A) (range 100 kPa, accuracy 0.065%) for pressure loss from −50 to 50 kPa. The reference pressure point is set as the lower-right corner pressure port facing the center of sub-channel no. 11, as shown in Figure 2C. The central impulse pipe is used to measure lateral pressure loss of different orienting angles from z = −20Dh to z = 20Dh. During the experimental process, the central impulse pipe can be turned to face a different angle [image: image] ranging from [image: image] to [image: image]. By this procedure, the lateral pressure loss around the central impulse pipe at different distances from the spacer grid can be measured. The pressure loss is an averaged pressure loss based on a sample size of 1,000 samples at 10 Hz of sample frequency.
EXPERIMENTAL RESULTS
The pressure loss measurements are conducted at a temperature of 25 ± 0.2°C measured by the calibrated thermal couples, a gauge pressure of 0.12 MPa at the inlet of the test section, and a flow rate of 4.68, 9.35, 18.70, 28.05, 37.4, and 46.75 m3/h through the test section with an accuracy of 0.05 m3/h. Equivalently, the corresponding sub-channel Reynolds numbers are 0.66 × 104, 1.32 × 104, 2.64 × 104, 3.96 × 104, 5.28 × 104, and 6.6 × 104, which are calculated by using the bulk velocity and sub-channel hydraulic diameter. The sub-channel hydraulic diameter is calculated by using the inner sub-channel geometry with a pitch of 12.6 mm and a rod diameter of 9.5 mm. The characteristics and models of pressure loss upstream and downstream of the spacer grid are discussed.
Axial Pressure Loss
The axial pressure loss was measured at [image: image] and [image: image] from z = −20Dh to z = 20Dh. The axial pressure loss of different sub-channels is almost the same, with an uncertainty of 65Pa, as shown in Figure 3. The axial pressure loss is averaged using the data of three sub-channels and subtracted from the averaged axial pressure loss at z = 20Dh, as shown in Figure 4.
[image: Figure 3]FIGURE 3 | Axial pressure loss of three impulse pipes.
[image: Figure 4]FIGURE 4 | Averaged axial pressure loss of three impulse pipes.
The axial pressure loss at different orienting angles is almost the same, so the averaged axial pressure loss of [image: image] = [image: image] and [image: image] is used for the wall friction coefficient model (using data from z = −20Dh to z = −5Dh) and the spacer grid resistance model (using data from z = −5Dh to z = 1Dh). The axial pressure loss contains the wall friction upstream of the spacer grid, the spacer grid resistance, and the wall friction downstream of the spacer grid. The trends of sharp decreasing of axial pressure at the spacer grid region and slight increasing downstream of the spacer grid have also been presented in studies (Caraghiaur et al., 2009; In et al., 2015; Chen et al., 2017; Han et al., 2018; Wu et al., 2017; Xiong et al., 2018; Sibel Tas-Koehler et al., 2020; Wang et al., 2020). As explained (Wu et al., 2017), the rapid decrease in axial pressure in the height of the spacer grid is caused by the local resistance of the spacer grid, especially the form drag on the straps and mixing vanes (Chun and Oh, 1998). Downstream of the spacer grid, the flow cross-sectional area becomes large, so the pressure slightly increases and then decays gradually.
Wall Friction Coefficient Model
The wall friction coefficient is defined as
[image: image]
Here, f is the friction factor in the rod bundle. [image: image], [image: image], Wb, LR, and Dh are the pressure loss in the rod bundle, density, bulk velocity measuring length, and sub-channel hydraulic diameter, respectively. The subscript R means the rod bundle. To avoid the inlet effect at the inlet of the rod bundle and the spacer grid effect upstream and downstream on the wall friction pressure loss, we choose the measuring length from z = −20Dh (23.89Dh from the inlet of the rod bundle) to z = −5Dh (1.60Dh upstream of the spacer grid). The experimental data are fitted into a curve as shown in Figure 5.
[image: image]
[image: Figure 5]FIGURE 5 | Friction factor in the bared rod bundle.
Classical friction factor models listed following Chun and Oh (1998), Yıldırım (2009), and Lee et al. (2012) were compared with the new wall friction model. The rod roughness is equal to 1.5 µm. For the present experimental range, all classical correlations highly predicted the experimental data at higher Reynolds numbers.Blasius correlation
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McAdams correlation
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Moody correlation
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Churchill (1973) correlation
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Lee (2012) correlation
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Spacer Grid Resistance Model
The spacer grid resistance coefficient is defined as (Caraghiaur et al., 2009; Deng et al., 2020; In et al., 2015; Lee et al., 2012)
[image: image]
Here, KSG is the spacer grid resistance, and [image: image] and [image: image] are the pressure loss of the spacer grid and the pressure loss of the rod bundle in the height of the spacer grid, respectively. We choose the measuring pressure loss between z = −5Dh and z = 1Dh as [image: image], and [image: image] is calculated from the experimental friction factor and the length of 6Dh and Wb.
The classical spacer grid models (Rehme, 1973) consider the relative plugging of the flow cross section of the spacer grid to be the main reason for resistance, and the other reason is the Reynolds number corresponding to the friction of the spacer surface. The following is the relationship between the spacer grid resistance coefficient and the relative plugging of the flow cross section:
[image: image]
where CSG is the modified drag coefficient and [image: image] is the blockage ratio of the flow cross section, defined as follows:
[image: image]
Here, Ap is the projected area of the spacer grid, and Af is the flow area in the bared rod bundle. In this study, [image: image] based on the geometrical parameters of the spacer grid and the rod bundle. The value of n can be equal to 2 for special types of spacer grids (Cigarini and Donne, 1988; Rehme, 1973; Schikorr et al., 2010), and the modified spacer grid resistance is considered as a function of Re, listed as follows:
[image: image]
Cigarini–Donne (1988) correlation
[image: image]
Schikorr (2010) correlation
[image: image]
Based on experimental data of the spacer grid in the triangular rod bundle (Epiney et al., 2010; Pacio et al., 2014), the spacer grid resistance models are modified as the following correlations, in which n is equal to 0.2.Epiney (2010) correlation
[image: image]
Pacio (2014) correlation
[image: image]
For each spacer grid, the blockage ratio is constant, so the spacer grid resistance is a function of the Reynolds number. The measured spacer grid resistance is in the form of the power function of Re (Lee et al., 2012).
[image: image]
The spacer grid resistance for the split-type spacer grid and P/D = 1.35 is as follows:
[image: image]
In this study, the fitting curve of the spacer grid resistance coefficient is a function of Re.
[image: image]
As shown in Figure 6, the fitting curve predicts the spacer grid resistance well, while the other correlations, much higher or lower, predict the spacer grid resistance. This is due to the difference between the spacer grids. Downstream of the spacer grid, the axial pressure loss is higher than the pressure loss calculated by the wall friction factor, as shown in Figure 7A. Because the strong cross flow generated by the spacer grid introduces extra friction pressure loss in the rod bundle downstream of the spacer grid from z = 3Dh to z = 20Dh, we consider the axial pressure loss in this range to fit a friction factor curve downstream of the spacer grid, as shown in Figure 7B.
[image: image]
[image: Figure 6]FIGURE 6 | Spacer grid resistance models.
[image: Figure 7]FIGURE 7 | Spacer grid effect on the friction factor downstream of the spacer grid.
To evaluate the spacer grid effect on the friction factor downstream of the spacer grid, we define the parameter fSGR
[image: image]
The curve of fSGR is shown in Figure 8. It is clear that the spacer grid effect increases suddenly when the Re increases, and then it reaches a plateau gradually.
[image: image]
[image: Figure 8]FIGURE 8 | Spacer grid effect on the friction factor downstream of the spacer grid.
Lateral Pressure Loss
The resistance of the mixing vanes forces lateral pressure distribution following the arrangement of the mixing vanes, generating strong vortex, and cross flow. The lateral pressure loss changes with the orienting angle based on a series of CFD simulations (Li and Gao, 2014; Chang and Tavoularis, 2015; Sibel Tas-Koehler et al., 2020). The lateral pressure loss changes with the distance from the split-type mixing vane spacer grid, and the cross flow develops from two vortices to a single vortex, and then it decays gradually (McClusky et al., 2002; McClusky et al., 2003; Chang et al., 2008; Qu et al., 2019a; Qu et al., 2019b; Xiong et al., 2020). However, lateral pressure measurements were reported in a few studies (Qu et al., 2019a; Turankok et al., 2020; Xiong et al., 2020).
In the experiment, the lateral pressure loss at different angles ranging from z = −20Dh to z = 20Dh was measured, and the typical results are shown in Figure 9. The lateral pressure loss is maintained low, close to zero, from z = −20Dh to z = −5Dh because the flow in the rod bundle has been fully developed at z = −20Dh, and the spacer grid blockage effect on the flow upstream is still negligible at z = −5Dh. The lateral pressure loss shows a sharp decrease just upstream of the spacer grid between z = −5Dh and z = −3.4Dh because of the suddenly reduced flow area due to the spacer grid. The root of the mixing vanes locates at z = 0Dh, and the lateral pressure loss increases sharply and reaches its peak value at around half of the height of the mixing vanes (z = 0.40Dh). A similar conclusion can be seen in the work of Chang and Tavoularis (2015). The peak value of lateral pressure loss is strong enough to generate a cross flow comparable to the bulk velocity.
[image: Figure 9]FIGURE 9 | Typical normalized lateral pressure loss from −20Dh to 20Dh.
The circumferential distribution of lateral pressure loss can be divided into three regions and two patterns, as shown in Figure 10. In the mixing vane region, two lower lateral pressure loss regions and three higher lateral pressure loss regions form the “W” pattern near the spacer grid from z = 0Dh to z = 1Dh, especially in the height of the mixing vanes. This “W” pattern of lateral pressure loss generates two vortices in the sub-channels, as shown in Figure 11A. The lateral pressure loss suddenly increases from z = 0Dh to z = 0.4Dh at the angle [image: image], and the local maximum values of lateral pressure loss is maintained at [image: image] from z = 0.4Dh to z = 1.1Dh. When the flow passes through the mixing vane region, the circumferential pattern of the lateral pressure loss changes quickly from the “W” pattern to the “Λ” pattern from z = 1Dh to z = 2Dh in the pattern transition region, while the position of the peak lateral pressure loss changes from [image: image] to [image: image]. This pattern transformation will force the vortex pattern change from two vortices to a single vortex further. However, this cross-flow pattern change is almost finished until z = 4Dh, as shown in Figure 11B. This indicates that the cross-flow pattern change lags behind the lateral pressure loss change because of the difference of propagation velocity between the pressure and the flow. In the single peak region, the lateral pressure loss keeps the “Λ” pattern from z = 2Dh to z = 20Dh, while the maximum lateral pressure loss changes its circular position from [image: image] to [image: image] from z = 2Dh to z = 6Dh. During this region, the lagged vortex pattern changes from two vortices to a single vortex, as shown in Figure 11C. Then the single vortex decays gradually, as shown in Figure 11D.
[image: Figure 10]FIGURE 10 | Normalized lateral pressure loss with angles.
[image: Figure 11]FIGURE 11 | Cross-flow structure from z = 1Dh to z = 20Dh (Xiong et al., 2020).
CONCLUSION
In this study, axial and lateral pressure loss in the central inner sub-channels of the 5 × 5–rod bundle were measured from z = −20Dh to z = 20Dh and from [image: image] to [image: image] under conditions of the Reynolds number from 6,600 to 66,000.
The axial pressure loss shows a weak correlation with the orienting angles and can be divided into three regions. When the flow is fully developed upstream of the spacer grid, the wall friction is the main reason of axial pressure loss, which is a decreasing power function of the Reynolds number. The spacer grid makes the most contribution to the axial pressure loss, and the spacer grid resistance is also a decreasing power function of the Reynolds number. Downstream of the spacer grid, the mixing vanes generate a strong cross flow circulating the rod surface, resulting in additional wall friction compared with the bared rods. This additional wall friction factor quickly increases with the Reynolds number and is almost kept constant when Re = 66,000.
The lateral pressure loss is caused by the mixing vane blockage to the flow area. The lateral pressure loss increases suddenly just upstream of the spacer grid. In the mixing vane height region, the lateral pressure loss increases sharply from z = 0Dh to z = 0.4Dh and decreases quickly from z = 0.4Dh to z = 0.8Dh. The lateral pressure loss is obviously huge enough to generate a strong cross flow comparable with the bulk velocity. The “W” pattern of circumferential distribution of lateral pressure loss generates two vortices in the sub-channels. After the flow passes through the mixing vanes, the lateral pressure loss continuously decreases from z = 0.8Dh to z = 2Dh, and the circular distribution pattern of lateral pressure loss becomes the “Λ” pattern. The lateral pressure loss increases slightly from z = 2Dh to z = 3Dh, and then it decreases slowly until it becomes nearly constant at z = 20Dh. All these deformations of lateral pressure loss will make the cross-flow pattern change later. As the flow develops downstream of the spacer grid, the cross-flow resistance becomes larger and larger until the cross flow disappears.
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As one of the Generation IV nuclear reactors, the SCWR (supercritical water-cooled reactor) has high economy and safety margin, good mechanical properties for its high thermal efficiency, and simplified structure design. As the key component of nuclear reactor, the fuel assembly has always been the main issue for the design of the SCWR. The design of the fuel assembly for CSR1000 proposed by the Nuclear Power Institute of China (NPIC) has been optimized and presented in this study, which is composed of four subassemblies welded by four filler strips and guide thimbles arranged close together in the cross-shaped passage. Aiming at improving the hydraulic buffer performance of the cruciform control rod, the scram time and terminal velocity of control rod assembly were calculated to assess the scram performance based on the computational fluid dynamics and dynamic mesh method, and the mechanical property and neutronic performance of assemblies were also investigated. It has been demonstrated that the optimized fuel assembly had good feasibility and performance, which was a promising design for CSR1000.
Keywords: supercritical water-cooled reactor (SCWR), fuel assembly, optimization, CSR, control rod property
INTRODUCTION
The supercritical water-cooled reactor (SCWR) is one of the most promising reactors for Generation IV nuclear reactors due to its higher thermal efficiency and more simplified structure than the state-of-the-art LWRs (light water reactors). In order to achieve a better thermal efficiency, the coolant inlet temperature was 280°C and the outlet temperature was over 500°C in the reactor core, which caused a high heat-up of the coolant within the core by more than 200°C (Squarer et al., 2003). Thus, the fuel assembly had to withstand the high temperature, high temperature difference, and high neutron irradiation in normal operating conditions, making the design of the fuel assembly more complex and difficult.
Although many challenges exist, many countries and research organizations have proposed their fuel assembly concepts since 1990. A two-pass core composed of 121 square fuel assemblies with a single row of fuel rods between water rods was adopted by the Japanese Super LWR (Yamaji et al., 2005), a three-pass core with a square fuel assembly cluster consisting of nine subassemblies was proposed by the European HPLWR (Fischer et al., 2009), and a one-pass core with square assemblies and water rods was developed by the American SCWR (Buongiorno and MacDonald, 2003). In Korea, the assemblies were square-type with a cruciform type U/Zr solid moderator to avoid complicated water flow paths (Bae et al., 2007), while in Canada, the fuel assembly of CANDU-SCWR continued the pressure tube (PT)/Calandria tube (CT) design from CANDU, and the moderator adopted the design of the heavy-water reactor (Leung, 2015). So far, most concept designs of the thermal SCWR fuel assembly were square-type, with water rods as an extra moderator. The high enthalpy rose in the core enabled the use of two- and three-pass cores, which reduced the maximum cladding temperature (Reiss et al., 2010). Moreover, many studies devoted to the heat transfer performance of supercritical fluid. Xiong et al. (Xiong and Cheng, 2014; Xiong et al., 2015) proposed a four-equation model to predict the mixed convective heat transfer in supercritical pressure fluid and assessed the performance of RANS models in predicting supercritical pressure heat transfer in a 2 × 2 rod bundle. Castro et al. (2020) performed coupled calculations with the CFD code CFX-19.0 and the Monte Carlo neutronic code MCNP6 to analyze the heat transfer in supercritical water flowing through the typical fuel assembly of the high-performance light water reactor (HPLWR).
In China, a thermal spectrum SCWR concept called CSR1000 was proposed by the Nuclear Power Institute of China (NPIC) with a two-pass core arrangement, which increased the core heating length and decreased the temperature difference in the axial direction effectively (Xia et al., 2013). The preliminary safety evaluation (Wu et al., 2014) and LOCA analysis (Chen et al., 2017) for CSR1000 were also conducted. Considering the two-pass core structure of CSR1000 and the separation of moderator water and coolant water, the new design of the 2 × 2 fuel assembly cluster consisting of four subassemblies was developed (Zhu et al., 2013). Furthermore, a kind of configuration design of the fuel assembly with SiC as the cladding material was proposed (Feng and Zhu, 2016). Yang et al. (2012) presented an optimized design of the fuel assembly for the fast zone of a mixed-spectrum supercritical water-cooled reactor (SCWR-M), which had a multilayer structure and was divided into several seed and blanket layers.
However, there still are some issues to be addressed, especially the large drop load of the cruciform control rod on the fuel assembly. In the present study, the design of the fuel assembly for CSR1000 had been optimized, whose scram performance, mechanical properties, and neutron moderation were analyzed and discussed in detail.
THE DESIGN OPTIMIZATION
The Previous Plate-Type Design
CSR1000 was a pressure-vessel SCWR concept with 157 fuel assemblies, and the active core was 4.2 m. In the previous design as shown in Figure 1, each fuel assembly consisted of four subassemblies, while each subassembly contained 56 fuel rods and one square moderator box located in the center. In order to strengthen the lateral support and connect subassemblies into a cluster, two grids with the height of 30 mm were designed. The cruciform control rod with the thickness of 8 mm was adopted, which served as the cross channel for the intervention of the cruciform control rod from the top of the assembly (Feng and Zhu, 2016). It should be noted that it contained 60 control rods with the absorber diameter of 5.6 mm.
[image: Figure 1]FIGURE 1 | Previous fuel assembly and the cruciform control rod. (A) Cross-sectional design and (B) the cruciform control rod.
The numerical simulation was conducted on the dropping and buffering behavior of the cruciform control rod by Xiao et al. (2017), and it was demonstrated that the whole drop time of the cruciform control rod was about 1.018 s, with the drop distance of 4.1 m. However, at the end of the whole drop distance, the velocity of control rod was up to 7.64 m/s, which would result in the too large impact load on the fuel assembly to guarantee the structure integrity of the fuel assembly. The large impact load was attributed to the lack of hydraulic buffer effect when the cruciform control rod was inserted into the fuel assembly, which was a key design for the rod cluster control assemblies (RCCAs) in the pressurized water reactor (PWR). Moreover, considering that the irradiation deformation of the cruciform control rod was much larger than that of the RCCA in the PWR, the gap between the cruciform control rod and the cross channel of the fuel assembly must be set as a reasonable value.
The Optimized Rod-Type Design
In order to strengthen the hydraulic buffer property of the cruciform control rod, an optimized design of the fuel assembly was proposed, as shown in Figure 2. The fuel assembly comprised four subassemblies, which were welded together by four filler strips instead of grids along the axial height, so as to minimize thermal deflection of the fuel assembly. The number and dimension of fuel rods among the fuel assembly were the same as those of the previous design. The radial fixed position of the fuel rod was rip wrapped instead of wire wrapped, which can reduce the flow-induced vibration due to the high flow velocity of the coolant. In addition, in order to insulate the heat transfer of inside and outside of moderator box, the thickness of the moderator box was increased to 2 mm, which was the same as that of the assembly box, including the wall thickness of 0.5 mm at both sides and ZrO2 filling in the middle with the thickness of 1 mm. The comparison of main parameters between the previous plate-type and optimized rod-type fuel assemblies for CSR1000 is listed in Table 1.
[image: Figure 2]FIGURE 2 | Optimized fuel assembly and the cruciform control rod. (A) Cross-sectional design and (B) the cruciform control rod.
TABLE 1 | Comparison between the previous design and optimized structure.
[image: Table 1]There were 17 guide thimbles arranged close together in the cross-shaped passage, which was surrounded by the walls of four subassembly boxes. Aiming at reducing the impact load on the fuel assembly, the guide thimbles were designed as shown in Figure 3, which consisted of the upper buffer with the inner diameter of 19 mm, the lower buffer with the inner diameter of 18 mm, and the drain hole with the diameter of 3 mm. When the cruciform control rod assembly is inserted into the guide thimbles, the coolant would be ejected out from the drain holes and top gaps between control rods and guide thimbles, which would provide enough and increasing hydraulic buffering force.
[image: Figure 3]FIGURE 3 | Scheme of guide thimble.
The optimized design of the cruciform control rod is also given in Figure 2B. Different from the conventional cruciform control rod design like that in Figure 1, the optimized design adopted the cylindrical rods hanging on the cross-shaped beam, which matched the structure of guide thimbles in the optimized fuel assembly in Figure 2A. When the optimized cruciform control rod is inserted into the guide thimbles of the fuel assembly, the small annular gap between the control rod and guide thimble increased the hydraulic buffer effect greatly, especially in the lower buffer section. Therefore, the impact force on the fuel assembly might be decreased significantly. Besides, the water gap between the guide thimble and cross-shaped passage could improve the power distribution characteristics and decrease the power peak factor of the fuel assembly in the reactor core.
THE DESIGN ANALYSIS
Scram Analysis
In the SCWR, the control rod drop behavior is the key issues for the reactor safety and the integrity of the fuel assembly. For the optimized cruciform control rod, each control rod corresponded to every single guide thimbles of the fuel assembly. It was expected that the control rods dropped quickly through the upper buffer and dropped slowly in the lower buffer, so as to control the reactivity of the reactor and decrease the impact force on the fuel assembly separately.
Computational Fluid Dynamic Numerical Method
In order to evaluate the dropping time and buffering behaviors of the optimized fuel assembly, the dynamic mesh method in computational fluid dynamics (CFD) was utilized to conduct the numerical study on the dropping process of the optimized control rod. Since the whole system was symmetric, the quarter geometrical structure and periodic boundary conditions were used, and all of the boundary conditions for solid in this simulation were set as wall. The gravitational acceleration was set as 0, 0, and −9.81 m/s2 because the control rod was designed to drop along the z-direction. By neglecting that the fluid in the guide thimble was isothermal, only the mass and momentum conservation equations were adopted to analyze the whole process. The RNG k-e turbulence model was recognized to be able to obtain high calculation accuracy in engineering applications; thus, it was applied in the numerical simulation. The mass of the control rod was set as 90 kg, and the physical properties of water are listed in Table 2. It should be noted that the water temperature was defined as the average value between the inlet and the outlet temperature.
TABLE 2 | Physical properties of water.
[image: Table 2]Aiming at simulating the dropping process of control rod, six degree of freedom (6 DOF, one of the dynamic mesh methods) was used by changing the mesh size to simulate the volume change of fluid domain. Moreover, in order to avoid the appearance of negative volume mesh, structured grid was adopted. And, the layering method was employed to update the mesh, and the height-based layering method with the split factor of 0.4 and collapse factor of 0.2 was used. The total number of grids was approximately 18 million, and the minimum orthogonal quality was 0.23.
Pressure-based solver and SIMPLE scheme were used in this calculation. Because the dropping process of the control rod was dynamic and the whole process was transient, the differential scheme of turbulent kinetic energy and the turbulent dissipation rate were set as the first-order upwind in order to make sure the solution can be converged easily. The transient formulation was also set as the first-order implicit based on the same reason. The differential scheme of the rest of the parameters was set as the second order. To avoid the emergence of negative volume mesh and make sure the solution is converged in every time step, a smaller time step of 0.001 s and maximum 50 iterations per time step were used, respectively.
The Scram Performance
The evolution of dropping distance and velocity of control rod is shown in Figure 4, while the pressure force, total drag force, and viscous force of control rod assembly are shown in Figure 5. As can be seen, the dropping process could be divided into the following three processes:
(1) The acceleration process at the beginning (OA): the dropping velocity of the control rod assembly increased rapidly because of the leading role of gravity, which gave rise to the rapid increment of pressure force as shown in Figure 5; at the same time, the pressure in the thimble guide and the water velocity in the drain hole increased rapidly, as shown in Figure 6. Meanwhile, the viscous force also increased for the larger velocity difference between the control rod and water. It should be noted that the pressure force represented the force induced by the pressure difference between the top and bottom positions of control rods.
(2) The slow decelerating process in the upper buffer (AB): the dropping velocity of the control rod assembly decreased due to the increasing pressure force and drag force. The pressure in the thimble guide and the water velocity in the drain hole increased further, as shown in Figure 6. At the end of the slow decelerating process, the control rod entered into the lower process with a small distance.
(3) The rapid decelerating process in the lower buffer (BC): the dropping velocity decreased rapidly for the larger pressure force and drag force induced by the larger pressure difference, as shown in Figure 6, which resulted from the much lower water draining rate of the water across the gap at the top of guide thimbles for the much larger flow resistance.
[image: Figure 4]FIGURE 4 | Change of velocity and position over time.
[image: Figure 5]FIGURE 5 | Evolution of forces acting on the control rod.
[image: Figure 6]FIGURE 6 | Evolution of pressure and velocity in the guide thimble. (A) t=0.5 s. (B) t=1.0 s. (C) t=1.5 s.
On the whole, it took about 1.2 s for the bottom of the control rod to reach the lower buffer region and 1.57 s to insert wholly. Moreover, the terminal velocity of the control rod assembly was about 1.7 m/s, which was much smaller than that of the previous plate-type design. And, the impact load on the fuel assembly would decrease greatly. Therefore, it could be concluded that the design of the optimized fuel assembly and cruciform control rod were feasible for the SCWR in terms of the dropping behavior.
Mechanical Analysis
In order to improve the mechanical performance of the optimized fuel assembly, the outer wall thickness of the moderator box was increased from 0.8 to 2.0 mm. Thus, the mechanical analysis was conducted. For the optimized fuel assembly in Figure 2, the average temperature difference of the coolant and moderator inside the fuel assembly was up to 150°C. The pressure difference would exist between the assembly boxes and moderator boxes, which might cause the thermal deflection of assembly boxes and moderator boxes. Based on the study of Hofmeister et al. (2007), assuming the pressure difference of 50 kPa, the maximum deflection of wall thickness should be less than 0.1 mm when the gap between fuel rods and box walls of the optimized fuel assembly was only 0.5 mm as listed in Table 1, and the thermal deflection [image: image]of the assembly box could be predicted as follows:
[image: image]
where [image: image]is the pressure difference acting on the assembly box, [image: image] = 0.05MPa; [image: image] is the inner side length of the assembly box, [image: image] = 94.5 mm; E is Young’s modulus of the 310S assembly box, E = 1.8 × 104 MPa; and s is the box thickness, s = 2 mm.
Compared with the moderator box, the assembly box had the same wall thickness but longer side length, thus suffering the larger thermal deflection. The calculation result of Eq. 1 shows that the thermal deflection of the assembly box was about 0.086 mm, not exceeding the maximum deflection of 0.1 mm. Therefore, the mechanical properties of the optimized fuel assembly could meet the requirement of allowed thermal deflection.
Neutron Performance
CSR1000 was a thermal spectrum reactor with UO2 as the fuel, which was cooled and moderated by light water. Because of high outlet temperature under supercritical water condition, the coolant had a small density, which resulted in the under-moderated issue. In order to improve neutron moderation, moderator boxes were introduced as presented in Figure 2. The coolant flowed among the fuel rods between the assembly box and moderator box, while the water served as the moderator inside the moderator boxes and through the gaps between the adjacent assemblies.
Considering the water density along the height of the active core (Hofmeister et al., 2007), the gap between the adjacent assemblies, and the guide thimbles data (Table 1), the water-to-fuel ratio of the optimized fuel assembly was calculated. The average ratio was about 0.08, which was close to that of the typical PWR, with the water-to-fuel ratio of 0.1. Therefore, the optimized fuel assembly had a good neutron-moderating ability.
Moreover, the cross-sectional area of the absorber for the plate-type cruciform control rod is about 60 × π × 5.62/4 = 1,477.81 mm2, which was much smaller than that of the absorber for the rod-type cruciform control rod (17 × π × 72/4 = 2,616.95 mm2). Thus, it could be deduced that the control rod worth of the optimized rod-type control rod was larger than that of the previous plate-type design.
CONCLUSION
An optimized design of the SCWR fuel assembly for CSR1000 aiming at solving the hydraulic drop buffering issue of the cruciform control rod had been proposed in this article, which consisted of four subassemblies welded by four filler strips and 17 guide thimbles arranged close together in the cross-shaped passage. The analysis demonstrated that the dropping time and terminal velocity of the control rod met the need of the control rod drop design, and the mechanical property as well as the neutronic performance also met the requirements of the fuel assembly design, which had good feasibility and performance.
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Aiming at understanding the phase distribution characteristics and developing the transition criterion from wall-peak to core-peak phase distribution in a rod bundle channel, air–water two-phase flow experiments were conducted in 5 × 5 rod bundles in the Interfacial Evolution Research Facility at Chongqing University (IERFC). Based on the experimental data, the influences of gas velocity, liquid velocity, mixing vane spacer grid (MVSG), and geometrical size on phase distribution have been analyzed in detail. With the increasing superficial gas velocity and decreasing liquid velocity, the wall-peak phase distribution turned to core-peak. The wall-peak phase distribution was enhanced by an MVSG, and the transition from the transitional phase distribution to the wall-peak phase distribution appeared when the air–water mixture flowed through the MVSG. The gap size was the key factor for the transition of phase distribution in rod bundles. Moreover, the transition criterion from wall-peak to core-peak phase distribution was developed based on present experimental data and the data in the literature, which was also verified based on the limited data. More experiments were recommended to focus on the detailed phase distribution in the rod bundle channel with different geometrical sizes.
Keywords: phase distribution, wall-peak, core-peak, two-phase flow, rod bundles
HIGHLIGHTS

•The typical wall-peak and core-peak phase distribution characteristics have been analyzed in vertical rod bundles.
•The influences of gas velocity, liquid velocity, spacer grid, and geometrical size on phase distribution have been discussed.
•The mixing vane spacer grid promoted the transitional phase distribution to convert into wall-peak due to the shear force, stronger turbulence, secondary flow, and smaller bubble size.
•The transition criterion from wall-peak to core-peak phase distribution was developed for rod bundle channels with different geometrical sizes.
INTRODUCTION
As the common phenomena in chemical industry, petrochemical industry, nuclear power, and refrigeration, gas–liquid two-phase flows attracted much attention and were intensively investigated numerically and theoretically. As a complex and open geometry, rod bundle channel was widely applied in the nuclear reactor, heat exchanger, and chemical reactor. Thus, it is crucial to make clear the flow resistance, heat transfer characteristics, chemical reaction rate, and critical heat flux in rod bundles, which is of great significance for the safety and efficiency of the equipment. Furthermore, these crucial properties are always affected by the phase distribution characteristics.
Phase Distribution Characteristics in Circular Pipe
A large amount of work focused on phase distribution in conventional channels, especially in the circular pipe. Serizawa et al. (1975a), Serizawa et al. (1975b), and Akimi et al. (1988) studied the local characteristics of air–water two-phase flow in a round pipe with the diameter of 60 mm experimentally. And two typical phase distribution patterns were identified: wall-peak and core-peak phase distributions. For wall-peak phase distribution, bubbles tended to aggregate near the wall and the near-wall-peaks of void fraction profiles appeared. However, the core-peak phase distribution showed the void fraction peaks at the channel center. Ishii et al. (Hibiki and Ishii, 1999; Hibiki et al., 2001) also found the wall-peak and core-peak phase distributions for air–water two-phase flows in 25.4 and 50.8 mm pipes. Based on the wire mesh sensor, Prasser et al. (2007) presented the evolution of the phase distribution structure in the large pipe with the inner diameter of 195 mm, which showed wall-peak and core-peak void fraction profiles for air–water and steam–water (6.5 MPa) two-phase flows.
Some studies were also devoted to making clear the transition characteristics and criteria of phase distribution. Serizawa et al. (1975a), Serizawa et al. (1975b), and Akimi et al. (1988) demonstrated that the phase distribution pattern was determined by bubble size. Moreover, Zun et al. (1988) summarized the phase distribution data in round pipes with the diameter ranging from 20 to 86.4 mm and developed the phase distribution pattern map in the superficial liquid velocity vs. superficial gas velocity diagram. In addition, Mendez-Diaz et al. (2012) developed the transition criterion from wall-peak to core-peak phase distribution in a circular pipe, which was based on the critical bubble Reynolds number [[image: image]] and Weber number [[image: image]]. However, it was difficult to adopt the critical bubble Reynolds number and Weber number to predict the phase distribution patterns directly because it was difficult to acquire or calculate the bubble diameter at the working condition, which was determined by many factors, such as the flow regime and gas and liquid velocities.
Phase Distribution Characteristics in Rod Bundles
Compared with those in a round pipe, the experimental and theoretical studies on phase distribution in the complex channel were scarce, especially those in rod bundles. Hosokawa et al. (2014) measured the local void fraction with the double sensor conductivity probe in detail in 4 × 4 rod bundles, which showed the wall-peak and core-peak phase distributions. With the help of the sub-channel void sensor (SCVS), Arai et al. (2012) discovered the small bubbles tended to migrate toward the rod gap. Based on the four-sensor conductivity probe, Paranjape et al. (2010) and Yang et al. (2013) also presented the wall-peak and core-peak phase distributions in 8 × 8 rod bundles. Yun et al. (2008) reported that bubbles gathered near the rod wall in sub-cooled boiling in 3 × 3 rod bundles; and the bubble layer and void fraction peak values were influenced by heat flux and mass flow rate. Ren et al. (2018a) and Ren et al. (2019) presented the detailed wall-peak void fraction profiles for bubbly flow and core-peak phase distribution for cap bubbly flow in 5 × 5 rod bundles. According to Arai et al. (2012) and Lucas et al. (2007), small bubbles were pushed to aggregate near the rod wall by lift force (Tomiyama, 1998; Tomiyama et al., 2002), while large bubbles were kept away from walls by wall lubrication force (Antal et al., 1991). Based on the above introduction, the schematic of typical wall-peak and core-peak phase distributions in rod bundles is presented in Figure 1, in which the blue circles represent the rods.
[image: Figure 1]FIGURE 1 | Schematic of the typical phase distribution in rod bundles (top view). (A) Wall-peak phase distribution. (B) Core-peak phase distribution.
The spacer grid was an important component of rod-type fuel assembly, which improved the flow turbulence, heat transfer efficiency, and critical heat flux for the nuclear reactor. Yang et al. (2013) pointed out that the simplified spacer grids without mixing vanes produced stronger turbulence and made the large bubbles break up. Ren et al. (2018a) demonstrated that, for the wall-peak void fraction profiles, mixing vane space grids (MVSGs) enhanced the wall-peak phenomenon by giving rise to the larger void fraction peak values near the rod wall at the downstream of the MVSG.
Lateral Forces Acting on Bubbles
Essentially, the phase distribution was determined by the lateral forces acting on bubbles, which affected the bubble migrating direction and behaviors. According to Lucas et al. (2007), Liao et al. (2015), and Rzehak and Krepper (2013), the bubble lateral force included lift force, wall lubrication force, and turbulent disperse force. The lift force was induced by the liquid velocity gradient around the bubble, whose direction was vertical to liquid velocity. The lift force coefficient CL was positive in the co-current upward flow, and the lift force was toward the direction of decreasing liquid velocity. Tomiyama (1998) and Tomiyama et al. (2002) acquired the correlation of the lift force coefficient by analyzing the single bubble motions in the shear flow field of high-viscosity liquid and predicted that the coefficient of lift force would be negative when the bubble size was larger than 5.8 mm (Lucas et al., 2007). The bubbles were pushed back to the main flow by the wall lubrication force when near the wall. In another way, the wall lubrication force prevented bubbles from “passing through” the wall due to the effect of lift force. On the basis of the wall lubrication force correlation developed by Antal et al. (1991) and Hosokawa et al. (2002), the wall lubrication force was determined by the bubble size, bubble Reynolds number, and [image: image] number. The turbulent dispersion force was induced by the liquid turbulence and vortexes acting on bubbles (Ishii and Zuber, 1979; Burns et al., 2004), which was associated with the bubble size, void fraction, relative velocity, bubble Reynolds number, and [image: image] number. As discussed above, the total lateral forces acting on bubbles were affected by many factors, such as the bubble size, void fraction, liquid turbulence, bubble Reynolds number, and [image: image] number.
To sum up, although some studies were conducted on the phase distribution characteristics in different rod bundles with the help of different measuring sensors by different researchers, there was no experimental study focusing on the transition mechanisms and criterion from wall-peak to core-peak phase distribution in rod bundles. Compared with that in a circular pipe, two-phase flow in rod bundles was more complex for the limited effect of sub-channel size on large bubbles, the influence of spacer grid, stronger turbulence, and secondary flow. Therefore, it is of great significance to make clear the transition mechanisms and develop the transition criterion from wall-peak to core-peak phase distribution. In this paper, the air–water two-phase flow experiments were performed to acquire the detailed phase distribution characteristics to reveal the influencing mechanisms of different factors acting on the phase distribution. On the basis of the measured data and existing experimental data from the literature, the empirical correlation for the transition from wall-peak to core-peak phase distribution was developed.
EXPERIMENTAL SETUP
Test Loop
The gas–liquid two-phase flow experiments were performed in the Interfacial Evolution Research Facility at Chongqing University (IERFC), as shown in Figure 2. The maximum water volumetric flow rate was 30 m3/h, while the maximum air mass flow rate reached 3,000 SLM (standard liters per minute). In order to produce uniform small bubbles at the inlet of the test section, the air–water mixer was designed, which consisted of four porous metal tubes. Moreover, the phase distribution characteristics at the inlet (Port 0 shown in Figure 3) could be referred from Ren et al. 2018a. More information about the experimental setup could be found in the authors’ previous research (Ren et al., 2018a; Ren et al., 2018b; Ren et al., 2018c; Ren et al., 2018d; Ren et al., 2018e; Liu et al., 2018; Ren et al., 2019; Ye et al., 2019).
[image: Figure 2]FIGURE 2 | Schematic of the experimental facility.
[image: Figure 3]FIGURE 3 | Structure of the test section. (A) Front view. (B) Top view.
Test Section
The test section was made of transparent PMMA (polymethyl methacrylate). The width and length of the square casing tube were 66.1 and 1,500 mm, respectively, and the rod diameter was 9.5 mm, while the rod gap size was 3.1 mm. It should be noted that the gap size played an important role in confining the bubble motion. Two kinds of spacer grids were adopted in the test section: simplified spacer grid [SSG, different from that in Yang et al. (2013)] and mixing vane spacer grid (MVSG). The structure of the SSG is shown in Figure 4, while that of the MVSG can be found in Chen et al. (2017). Detailed description of the test section could be found in Ren et al. (2018a) and Ren et al. (2019).
[image: Figure 4]FIGURE 4 | Schematic diagram of the simplified spacer grid (SSG).
As shown in Figure 3A, six measuring ports (Ports 0–5) were set for a miniaturized four-sensor conductivity probe (MFSCP) at different axial locations (10.7, 50.6, 64.2, 76.8, 90.5, and 115.8 L/D). It should be noted that, to avoid the disturbance on the flow field, only one MFSCP was installed to measure the local two-phase flow parameters. The moving line of the MFSCP is shown in Figure 3B and Figure 1, and the distance between two neighboring measuring points was about 1.0 mm. The MFSCP was designed based on the large difference of conductance between gas and liquid, which consisted of a stainless steel tube and four acupuncture needles with different lengths. Moreover, the uncertainty of MFSCP was related to the uncertainty of measured voltage, bubble number, sample frequency, and time. Based on the error propagation model, the uncertainty of measured void fraction was about 0.67%. The processing data were demonstrated to be credible with the relative errors of area-averaged void fraction and superficial gas velocity as about 18.5 and 17.8%, respectively. More detailed information on the data processing and verification of the MFSCP could be found in authors’ previous researches (Ren et al., 2018a; Ren et al., 2019; Ren et al., 2021).
Test Conditions
The experiments were conducted at the stable flow condition with the preset gas and liquid mass flow rates, which were controlled by the presupposed test conditions shown in Figure 5. And the presupposed superficial gas and liquid velocities in the test conditions were determined on the purpose of covering a larger range of flow velocities and flow regimes. The flow regime transition lines for gas-liquid flow in rod bundle channel proposed by different researchers were also shown in Figure 5, which includes the global flow regime map proposed by Paranjape et al. (2008) based on a plate-type impedance void meter, the theoretical global flow regime transition criteria developed by Liu and Hibiki (2017), and the inner sub-channel flow regime map acquired by Ren et al. (2018d) based on a sub-channel impedance void meter.
[image: Figure 5]FIGURE 5 | Test conditions.
RESULTS AND DISCUSSIONS
Typical Phase Distribution Characteristics in Rod Bundles
Compared with a circular pipe, the rod bundle channel had more rod walls and produced special phase distribution features. The typical wall-peak and core-peak phase distributions in rod bundles are presented in Figures 6, 7. It should be noted jg denotes the local superficial gas velocity, while jl is the superficial liquid velocity. As shown in Figure 1A, the wall-peak phase distribution meant that the bubbles gathered and flew near the rod walls, which resulted in the peaks of void fraction profiles located near the rod gaps as shown in Figure 6. On the contrary, as shown in Figure 1B, the core-peak phase distribution indicated that the bubbles were more likely to gather and flow in the center of the sub-channels, which gave rise to the peaks of void fraction profiles near the sub-channel center as shown in Figure 7. Wall-peak phase distribution was observed at the flow condition with a lower gas velocity and higher liquid velocity as shown in Figure 6, while the core-peak pattern appeared at the flow condition with a higher gas velocity and lower liquid velocity as shown in Figure 7.
[image: Figure 6]FIGURE 6 | Characteristics of wall-peak phase distribution. (A) Void fraction. (B) Bubble chord length.
[image: Figure 7]FIGURE 7 | Characteristics of core-peak phase distribution. (A) Void fraction. (B) Bubble chord length.
The phase distribution pattern was determined by many factors (Akimi et al., 1988), such as the void fraction, flow regimes, gas velocity, liquid velocity, and bubble size. Serizawa et al. 1975a, Serizawa et al. 1975b, and Mendez-Diaz et al. 2012 reported that phase distribution was mainly affected by bubble size. And the transverse migration of bubbles was determined by the lateral forces in circular pipes (Tomiyama et al., 2002). Furthermore, the bubble lateral forces were affected by bubble size greatly, such as lift force (Tomiyama et al., 2002) and wall lubrication force (Tomiyama, 1998). Therefore, it was necessary to put emphasis on the bubble size when discussing phase distribution characteristics.
As shown in Figure 6, the void fraction peak values increased with flow development in the axial direction, while the bubble chord length did not show large change but remained at about 1.3 mm. Therefore, it was concluded that the phase distribution was determined not only by bubble size but also by other factors, which would be analyzed in The Factors Acting on Phase Distribution. As can be seen in Figure 6, there were some hollows at some peaks of the void fraction profiles at Port 5. It was inferred that some small bubbles coalesced into larger bubbles and larger bubbles tended to move to the sub-channel center under the combined effect of lift force and wall lubrication force; then, hollows at some peaks appeared under the complex effects of the wall-peak phase distribution and the limitation of gap size.
The core-peak phase distribution profiles are shown in Figure 7. However, due to the strong turbulence and secondary flow, the peaks were not located at the sub-channel center exactly. And the bubble chord length increased from about 2 to 3.5 mm with flow development for bubble coalescence. According to Tomiyama et al. (2002), the lift force value changed from positive to negative when the bubble size was larger than 5.8 mm in air–water two-phase flows. Obviously, it could not be applicable to the present multi-bubble flow system in rod bundles directly. However, when compared to the wall-peak phase distribution in Figure 6, it could be deduced that the phase distribution would change from wall-peak to core-peak with the increasing bubble size.
The Factors Acting on Phase Distribution
As discussed above, the phase distribution was related to liquid and gas velocities, flow regimes, and bubble size in the circular pipe (Serizawa et al., 1975a; Serizawa et al., 1975b; Akimi et al., 1988). As regard to the complex geometry of the rod bundle channel, the phase distribution was affected by rod diameter, gap size, spacer grid, bubble size, gas and liquid flow rates. In this section, the influencing factors acting on phase distribution will be analyzed, including superficial gas velocity, superficial liquid velocity, MVSG, and geometrical size.
Superficial Gas Velocity
As shown in Figure 8, the wall-peak phase distribution changed to core-peak with the gas velocity increasing at [image: image], and the critical superficial gas velocity was in the range from 0.17 to 0.67 m/s. Meanwhile, the void fraction increased from about 0.02 to 0.36, and the bubble chord length increased from about 1 to 3.6 mm. With the increasing gas velocity, void fraction and bubble number increased, which resulted in the larger collision frequency and more coalescences among bubbles. Because of the wall lubrication force and limitation of gap size, the large bubbles migrated toward the sub-channel center, which resulted in the core-peak phase distribution. To sum up, the superficial gas velocity, bubble size, and void fraction played a positive role in the transition from wall-peak to core-peak phase distribution.
[image: Figure 8]FIGURE 8 | Influence of superficial gas velocity on phase distribution. (A) Void fraction. (B) Bubble chord length.
Superficial Liquid Velocity
With the increasing superficial liquid velocity, the phase distribution characteristics at jgatm ≈ 0.20 m/s are shown in Figure 9. It should be noted that jgatm represented the superficial gas velocity at the atmosphere pressure. The local superficial gas velocity jg was different because of the different local pressures. The core-peak phase distribution was not so apparent at [image: image], which belonged to cap bubbly flow according to the sub-channel flow regime map developed by Ren et al. (2018d). Because the void fraction values at the sub-channel centers were larger than those at the adjacent gaps, it was still deemed as the core-peak phase distribution. The typical wall-peak phase distribution appeared with the increasing liquid velocity as shown in Figure 9A, while the bubble chord length decreased from about 2.5 to 1.2 mm as shown in Figure 9B. The increment of liquid velocity resulted in the lower void fraction, stronger turbulence, and more vortexes, which gave rise to the bubble breakup and smaller bubble size. The small bubbles tended to migrate toward the walls under the effect of the lift force, which promoted the appearance of wall-peak distribution.
[image: Figure 9]FIGURE 9 | Influence of superficial liquid velocity on phase distribution. (A) Void fraction. (B) Bubble chord length.
The Mixing Vane Spacer Grid
In the authors’ previous study (Ren et al., 2018a; Ren et al., 2019), the effects of the MVSG were summarized as stronger turbulence, stronger secondary flow, bubble breakup, bubble lateral movement, low pressure region downstream of the MVSG, and recirculating flow behind mixing vanes. The influences of MVSG on the wall-peak, transitional, and core-peak phase distributions are shown in Figures 10–12, respectively. It should be noted that Ports 3 and 4 were located upstream and downstream of the MVSG, respectively, as shown in Figure 3. As shown in Figure 10, the MVSG promoted the larger wall-peak values and smaller bubble size for wall-peak phase distribution. However, the larger void fraction peak values near the wall improved the heat transfer resistance between the heated wall and main flow, which needs more attention in the design of a spacer grid. As shown in Figure 11, the transitional phase distribution showed large hollows near the rod gaps upstream of the MVSG while presented typical wall-peak features at the downstream of the MVSG. In a similar way, the smaller bubble size was produced by the MVSG for the stronger turbulence and shear force, which promoted the transition from transitional phase distribution to wall-peak phase distribution. With regard to core-peak phase distribution shown in Figure 12, the MVSG led to smaller bubble size, but the phase distribution was still maintained as the core-peak phase distribution at the downstream of the MVSG. To sum up, the MVSG enhanced the wall-peak phase distribution and promoted the transition from the transitional phase distribution to the wall-peak phase distribution, but it was hard to promote the transition from the typical core-peak phase distribution to the wall-peak phase distribution.
[image: Figure 10]FIGURE 10 | Influence of MVSG on wall-peak phase distribution (Ren et al., 2018a). (A) Void fraction. (B) Bubble chord length.
[image: Figure 11]FIGURE 11 | Influence of MVSG on transitional phase distribution. (A) Void fraction. (B) Bubble chord length.
[image: Figure 12]FIGURE 12 | Influence of MVSG on core-peak phase distribution. (A) Void fraction. (B) Bubble chord length.
Geometrical Size
As discussed above, the gap size was the main factor limiting the bubble size and affecting the phase distribution. The phase distribution patterns acquired in different rod bundles are presented in Figure 13, including present data in 5 × 5 rod bundles with the gap size of 3.1 mm, Yang’s data (Yang, 2015; Yang, 2011) in 8 × 8 rod bundles with the gap size of 6.4 mm, Hosokawa’s data (Hosokawa et al., 2014) in 4 × 4 rod bundles with the gap size of 2.5 mm, Arai’s data (Arai et al., 2012) in 10 × 10 rod bundles with the gap size of 3.0 mm, and Julia’s data (Yun et al., 2008) in 3 × 3 rod bundles with the gap size of 8.4 mm. It should be noted that Julia’s data was obtained in the sub-cooled boiling flow, while all of the others’ data were acquired in air–water two-phase flow. Moreover, Yang’s data (Yang, 2015; Yang, 2011) only consisted of the two-phase flow parameters just at the sub-channel centers and rod gaps, which increased the difficulty and uncertainty in recognizing the phase distribution patterns. And the transition lines from wall-peak to transitional and core-peak phase distribution for a circular pipe in Figure 13 were proposed by Akimi et al. (1988) based on the phase distribution data in different circular pipes. As shown in Figure 13, the transition lines in the circular pipe proposed by Akimi et al. (1988) were not fit for the gas–liquid flow in the rod bundle channel.
[image: Figure 13]FIGURE 13 | Influence of geometrical size on phase distribution. (A) Present data, [image: image]. (B) Yang’s data (Yang, 2011; Yang, 2015). (C) Others’ data.
As shown in Figure 13B, the wall-peak phase distribution was hard to appear at low liquid velocity (not larger than 0.23 m/s), which resulted from that the liquid turbulence was not strong enough to produce small bubbles. As for Julia’s data (Yun et al., 2008), there were no core-peak flow conditions, which were attributed to the small bubble size in the sub-cooled boiling flow and large gap size (8.4 mm). Based on the comparison among present data, Yang’s data (Yang, 2011; Yang, 2015), and Hosokawa’s data (Hosokawa et al., 2014) shown in Figure 13, the transition from wall-peak to core-peak phase distribution appeared at a lower superficial gas velocity in the rod bundle channel with the smaller gap size.
The Transition Criterion From Wall-Peak to Core-Peak Phase Distribution
Based on the critical bubble Reynolds number and [image: image] number, Mendez-Diaz et al. (2012) proposed the transition criterion from wall-peak to core-peak phase distribution in a circular channel. However, it was difficult to acquire the bubble diameter and relative velocity to calculate the bubble Reynolds number and [image: image] number in the actual two-phase flow systems, which limited their application range. Meanwhile, the effect of channel size was not considered in Mendez-Diaz’s correlation, which meant it could not be adopted in the complex rod bundle channel. Therefore, it was necessary to develop the transition criterion from wall-peak to core-peak phase distribution in rod bundles, based on which the phase distribution patterns could be identified for the specific working condition. As shown in Figure 13, Julia’s data (Yun et al., 2008) only included the wall-peak data, while the core-peak data point was far from the wall-peak data point in Arai’s data (Arai et al., 2012). Thus, only present data, Yang’s data (Yang, 2011; Yang, 2015), and Hosokawa’s data (Hosokawa et al., 2014) were adopted to develop the empirical correlation for the transition from wall-peak to core-peak phase distribution.
Based on the above discussions, phase distribution was related to many parameters, including bubble size, void fraction, gas and liquid densities, relative velocity, surface tension, distance from the bubble to the wall, liquid turbulence, bubble Reynolds number, and [image: image] number. Aiming at identifying the phase distribution based on the macro and easily acquired two-phase flow parameters, such as superficial gas and liquid velocities, geometrical size, void fraction, and gas and liquid physical properties, the factors acting on the transition from wall-peak to core-peak were divided into two groups: the enhancing factors and the restraint factors. The enhancing factors were summarized as the dimensionless number Ng (expressed as Eq. 1), while the restraint factors were considered together as the dimensionless number Nl (expressed as Eq. 2). As shown in Figure 14, with increasing Ng, the wall-peak phase distribution turned to core-peak; with increasing Nl, the core-peak phase distribution turned to wall-peak. Taking [image: image] as X and Y coordinates, respectively, the boundaries between wall-peak and core-peak phase distributions are plotted as magenta lines for present data, Yang’s data (Yang, 2015; Yang, 2011), and Hosokawa’s data (Hosokawa et al., 2014) as shown in Figure 14. The transition line correlations for different geometrical sizes were summarized as Eq. 3, which complied with Eq. 4. It was deduced that the coefficient C in Eq. 4 was related to the channel size, especially the gap size. And the phase distribution was determined by the bubble size and bubble shape. Thus, the non-dimensional gap size was developed as Eq. 5, in which the maximum spherical bubble size (Kim et al., 2000) was adopted as the standard value.
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[image: Figure 14]FIGURE 14 | Transition lines for different data. (A) Present data. (B) Yang’s data (Yang, 2011; Yang, 2015). (C) Others’ data.
Aimed at developing the dimensionless transition criterion, the data points are plotted in Figure 15 by taking the coefficient C and dimensionless gap size [image: image] as the coordinates. Because the phase distribution data in different rod bundle channels were scarce in the published literature, there are only three data points in Figure 15. As can be seen, with the increasing non-dimensional gap size [image: image], the coefficient C decreased rapidly when the gap size ranged from 2 to 3.1 mm and then decreased slowly when the gap size was larger than 3.1 mm. Although there were only three data points, the correlation between the coefficient C and the non-dimensional gap size [image: image] is still developed as
[image: image]
[image: Figure 15]FIGURE 15 | Fitting curve for the coefficient C.
In order to verify the transition criterion, the data acquired by Yun et al. (2008) and Arai et al. (2012) were adopted. And [image: image] was adopted as the Y coordinate, whose value was larger than 1 for wall-peak phase distribution and smaller than 1 for core-peak phase distribution. As shown in Figure 16, the developed correlation was applicable to the data in rod bundle channel with p/d at 13/10 (Arai et al., 2012) and 16.8/10.2 (Yun et al., 2008), which demonstrated the reliability of the present transition model to some extent. It should be noted that the correlation for the transition from wall-peak to core-peak phase distribution needed more experimental data to amend and verify. More experiments were suggested to focus on the phase distribution patterns in rod bundle channels with different geometrical sizes.
[image: Figure 16]FIGURE 16 | Verification of the transition criterion.
CONCLUSION
In this work, air–water two-phase flow experiments were performed to make clear the phase distribution characteristics and develop the transition criterion from wall-peak to core-peak phase distribution in rod bundles. Based on the analysis on experimental data, the phase distributions in rod bundles were related to many factors, such as the bubble size, void fraction, gas and liquid densities, gas and liquid velocities, surface tension, distance from the bubble to the wall, MVSG, geometrical size, liquid turbulence, and bubble lateral forces. By dividing the influencing factors into the enhancing and restraint factors, the dimensionless correlation for the transition from wall-peak to core-peak phase distribution in rod bundles was developed. Some important conclusions are listed as follows:
•With the increasing superficial gas velocity and decreasing liquid velocity, the wall-peak phase distribution turned to the core-peak pattern.
•For present flow conditions, the MVSG enhanced the wall-peak phase distribution and promoted the transitional phase distribution to turn to wall-peak, but it was hard to promote the transition from the typical core-peak phase distribution to the wall-peak phase distribution.
•The wall-peak phase distribution was hard to appear at low liquid velocity (not larger than 0.23 m/s) for the weak liquid turbulence according to the experimental data in the literature (Yang, 2011; Yang, 2015).
•The geometrical size of the rod bundle channel had great influence on the transition from wall-peak to core-peak phase distribution in rod bundles, especially the gap size.
•The dimensionless transition criterion from wall-peak to core-peak phase distribution was proposed based on present data, Yang’s data (Yang, 2011; Yang, 2015), and Hosokawa’s data (Hosokawa et al., 2014) while verified against Julia’s data (Yun et al., 2008) and Arai’s data (Arai et al., 2012).
It should be noted that the developed transition model needed much more experimental data to amend and verify. More experiments were suggested to focus on the transition from wall-peak to core-peak phase distribution in rod bundle channels with different geometrical sizes.
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Plate-type fuel elements is one of the first fuel structure choice for the novel integrated PWR, however, blisters will appear on the cladding induced by irradiation and fission. In this work CFD method was used to investigate the subcooled boiling characteristic of the water in rectangle channel with round and pillow blisters, the modified RPI model was also proposed, we can draw conclusions as follows: In the channel with round blister, as the blisters will increase the local flow resistance and more fluid will flow through center of the channel. Boiling occurred only in the area near the edges, nearly no vapor appeared at the center of the channel. The boiling region in channel with pillow shape blisters is wider and concentrated between two pillow blisters and downstream of the non-blisters side. The dry out area are both in the downstream region of blisters for the two types of channels.
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INTRODUCTION
Plate-type fuel elements is one of the first fuel structure choice for the novel integrated pressurized water reactor. Two kinds of fuel pellets had been used for plate-type fuel elements currently, monolithic fuel and dispersion fuel. The above two plate-type fuel elements do not contain air gaps, the fuel pellet and the cladding are contact directly.
In recent years, many experiments had been conduct to investigate the thermal hydraulic characteristics of plate-type fuel elements, including heat transfer characteristics (Lee and Lee, 2001; Wang et al., 2014a; Chen et al., 2015), subcooled boiling characteristics (Li et al., 2013; Wang et al., 2014b; Al-Yahia and Jo, 2017; Song et al., 2017) and critical heat flux (Debortoli et al., 1958; Sudo et al., 1985).
Li et al. (Li et al., 2013) studied the boiling characteristic of water in narrow rectangular channel at atmospheric pressure. The flow rate is 304.1–760.2 kg m−2 s−1, and the inlet temperature is 54.2–86.9°C. They found that the bubble will slide along the wall and two types of sliding bubbles was observed in the experiment. The first type has a short life, and the volume changes rapidly due to rapid evaporation and condensation; the second type of bubble has a long life and slow growth rate. Sudo et al. (Sudo et al., 1985) conducted experiments on 2.25 and 2.80 mm narrow channels for jrr-3 research reactor. The results show that the critical heat flux increases with the mass flow rate, and the inlet subcooling has little effect on CHF when the dimensionless mass flow rate is less than 100.
The behaviors of the plate-type fuel elements in actual operation show that the blisters will be formed on the cladding under irradiation and fission (Dienst et al., 1977; Meyer et al., 2012). On one hand, affected by neutron irradiation, the properties of the cladding material will be changed. On the other hand, fission gas will be released and accumulate in the fuel pellets. The increased gas pressure would cause blistering deformation of the cladding. Li et al. (Li et al., 2019) studied the heat transfer characteristics in single and parallel channels after formation of blisters, the result show that high temperature areas and large temperature gradients will appear, the distribution of heat flux on the surface is not uniform. Under the influence of the blister, vapor will gather at some stagnation areas, which would result in local high void fraction. The high void fraction near the wall affects the heat transfer seriously and the dry out spots will be produced, which may burn out the fuel assembly.
It is difficult to capture the local characteristics of two-phase flow accurately by experimental methods. In recent years, CFD method is widely used in two-phase flow (Chen et al., 2019; Khan et al., 2020; Wang et al., 2021). However, there are no recognized models that can be widely used in various conditions.
Koncar and krepper (Koncar and Krepper, 2008) simulated the subcooled boiling of R-113 in a circular tube, the void fraction, turbulent kinetic energy and liquid temperature on a cross section had been investigate. The simulation results in most working conditions were in good agreement with the experiment. GU et al. (Gu et al., 2017) simulated subcooled boiling characteristic at high pressure (11–15 MPa) using different nucleation site density and bubble departure diameter models, a set of recommendation models are obtained. Lucas (Liao et al., 2018; Liao et al., 2019) proposed a baseline model and establish a set of benchmark model to calculate the two-phase flow.
In present work, CFD method was used to investigate the subcooled boiling characteristic in rectangle channel with round and pillow blisters. The effect of the blisters for mass flow rate, temperature and void fraction in different conditions had also been analyzed.
NUMERICAL MODELS
Governing Equation
In this section, the Euler-Euler multiphase model was used to investigate the boiling process, and the mass, momentum and energy equations of the two phases were shown as follows.
Continuity Equation
1) Vapor Phase

[image: image]
Where [image: image], [image: image], [image: image] is the void fraction, density and velocity of vapor respectivity, [image: image] is liquid evaporation rate per unit volume/kg·m−3·s−1, [image: image] is vapor condensation rate per unit volume/kg·m−3·s−1.
2) Liquid Phase

[image: image]
Where [image: image] is liquid void fraction, [image: image] is liquid density/kg·m−3, [image: image] is liquid velocity/m·s−1.
Momentum Conservation Equation
1) Vapor Phase

[image: image]
Where p is the pressure/Pa, [image: image] is the corresponding force tensor of vapor/kg·m−1·s−2, [image: image] is gravitational acceleration/m·s−2, [image: image] is the interfacial force of liquid phase acting on vapor per unit volume.
2) Liquid Phase

[image: image]
Where [image: image] is the corresponding force tensor of liquid/kg·m−1·s−2, [image: image] is the interfacial force of vapor phase acting on liquid per unit volume.
Energy Conservation Equation
1) Vapor Phase

[image: image]
Where [image: image] is vapor specific enthalpy, [image: image] is vapor pressure,[image: image] was vapor heat flux, [image: image] is heat transfer of liquid to vapor per unit volume, [image: image] is liquid specific enthalpy.
2) Liquid Phase

[image: image]
Where [image: image] is liquid pressure, [image: image] was liquid heat flux, [image: image] is heat transfer of vaporto liquid per unit volume.
For the multiphase flow system where only vapor phase and liquid phase exist, the volume fraction of vapor and liquid phase satisfies the following equation:
[image: image]
Interphase Momentum Transfer
The interphase momentum transfer of bubbles dispersed in the liquid could be expressed as:
[image: image]
Where [image: image]is the drag force on vapor per unit volume, [image: image] is the lift force on vapor per unit volume, [image: image] is the turbulent dispersion force on vapor per unit volume, [image: image] is the wall lubrication force on vapor per unit volume.
Drag Force Model
The drag force exerted by the liquid phase on the vapor phase per unit volume can be expressed as:
[image: image]
The drag force coefficient [image: image]was calculated using the Ishii-Zuber model (Ansys, 2013).
Lift Force Model
Due to the non uniformity of flow, the liquid velocity on the direction perpendicular to the bulk flow will exist velocity gradient inevitably, bubbles dispersed in the liquid will be influenced by lift force. The direction of lift force is perpendicular to the relative velocity between vapor and liquid, which can be calculated as Eq. 10.
[image: image]
Where CLis lift force coefficient.
In present work, Moraga model (Moraga et al., 1999) was selected to calculate the lift force, and the lift coefficient is calculated as follows:
[image: image]
Where
[image: image]
[image: image]
[image: image]
Turbulent Dispersion Force
The dispersion effect of turbulent flow on the dispersed vapor phase is usually described by the turbulent dispersion force which mainly depends on the volume fraction gradient of vapor. Burns et al. (Burns et al., 2004) consider that turbulent dispersion force was caused by liquid phase vortices which caused by interfacial drag, so the turbulent dispersion force was calculated as:
[image: image]
Where CTD is turbulent dispersion force coefficient with value of 1.0, [image: image] is constant with value of 0.9.
Wall Lubrication Force
The wall lubrication force is calculated as:
[image: image]
Where [image: image] is normal wall unit vector, [image: image] is wall lubrication force coefficient which was calculated by Antal model (Antal et al., 1991):
[image: image]
Where C1 and C2 are infinite constants, which are −0.01 and 0.05 respectively, yw is the distance from the wall.
Interphase Energy Transfer
When the bubbles departure from the heating wall and enter the subcooled bulk flow region, the heat transfer between the subcooled fluid and the interface for unit volume can be expressed as:
[image: image]
Where [image: image] is equivalent heat transfer coefficient per unit volume/W·m−3·K−1.
[image: image]
Where [image: image] is the interfacial density which represent total area of the interface for per unit volume. The interfacial density is obtained by the algebraic relation between the bubble diameter and the interfacial density:
[image: image]
Db is the bubble diameter, in this work, the improved model of Anglart and Nylund were adopt. It is considered that when the fluid undercooling is higher than[image: image], the bubble diameter in the bulk flow is[image: image], and when the fluid undercooling is less than [image: image], the bubble diameter is[image: image].
[image: image]
Where d0 = 0.0001 m; d1 = 0.0015 m; [image: image]= 13.5 K; [image: image]= 0 K.
Based on the literature (Ansys, 2013), Nul can be expressed as:
[image: image]
The heat transfer between the vapor phase and interface for unit volume can be calculated as:
[image: image]
Where [image: image] is time scale, which defaults to 0.05, [image: image] is the specific heat capacity of the vapor at constant pressure.
Interphase Mass Transfer
For flow boiling, the interphase mass transfer include two processes: evaporation of liquid phase near the heated wall and mass transfer between vapor and liquid phase in bulk flow. During heating process, the superheated liquid layer near the wall will evaporate and generate bubbles. The evaporation rate of the liquid phase near the wall is calculated as:
[image: image]
Where hfg is latent heat of liquid, cp,l is specific heat capacity of the liquid at constant pressure, qe is heat flux of evaporation.
The mass transfer rate in bulk flow depends on the temperature difference between two phases. When the liquid is subcooled, the vapor phase will condense. And when the liquid temperature is higher than the saturation temperature, the liquid will evaporate.
The mass transfer rate from liquid phase to vapor of per unit volume can be expressed by:
[image: image]
The mass transfer condensation rate from vapor phase to liquid of per unit volume is calculated by:
[image: image]
Wall Boiling Model
Rensselaer Polytechnic Institute (RPI) wall boiling model (Kurul and Podowski, 1990) was a common method to describe near-wall boiling behavior. In this model the total heat flux could be divided into the following three parts:
1) Forced convection heat flux of liquid, qc;
2) The heat flux of evaporation induced by continuous evaporation of liquid near the wall, qe;
3) The quenching heat flux carried away by the subcooled liquid after bubble detaching from nucleation point on the wall, qq.
Therefore, the total heat flux on the wall can be expressed as:
[image: image]
In present work, to investigate the dry out phenomenon, a modified model had been proposed. Convective heat flux of vapor was added to the RPI wall boiling model, the total heat flux can be expressed as:
[image: image]
Where [image: image], [image: image], [image: image]have the same meaning as RPI model, [image: image] is the convective heat flux of vapor phase.
[image: image]is a function to determine the wall heat partition which is related to the local volume fraction of each phase. Tentner’s form is adopted in this paper:
[image: image]
Where [image: image], [image: image] are the transition break points with values of 0.9 and 0.95, respectively.
Convective Heat Flux of Liquid
The forced convective heat flux of single-phase liquid can be calculated as:
[image: image]
Where [image: image] is convective heat transfer coefficient of liquid phase, [image: image] is wall temperature, [image: image] is liquid temperature in the first layer of mesh near the wall, [image: image] is the affected area of the liquid phase on the heating wall per unit area. In Eq. 27, the liquid phase convective heat transfer coefficient is calculated by the wall function.
The heating area can be divided into two parts: the affected area of nuclear boiling and the area affected by convective heat transfer of liquid. The heating wall is only affected by these two mechanisms and no overlapping area exists. Therefore, these two parts meet the normalization requirements:
[image: image]
Del Valle and Kenning (Del Valle and Kenning, 1985) assumes that every bubble generated at the nucleation site have the same diameter, which is equal to the bubble departure diameter dw, and the distance between any two bubbles were greater than the bubble diameter, influence area of nuclear boiling can be written as:
[image: image]
Where [image: image] is nucleation site density. K represents the ratio between the affected area of the vapor phase and the maximum projected area of the bubble, usually taking a value of four, indicating that the affected area of the bubble is larger than the projected area of the bubble on the heating wall. Considering different degree influence may exist between each bubble, the K values recommended by various researchers are different, but mostly distributes between 1.8 and 5.0. Del Valle and Kenning et al. conducted a large number of visual experimental studies and obtained the correlation for K:
[image: image]
Evaporative Heat Flux
The heat flux used for evaporation can be expressed as:
[image: image]
Where [image: image] is the liquid phase evaporation rate per unit area of heated wall, [image: image] is the volume of departure bubble, f is the bubble departure frequency.
[image: image]
Where dw is the departure diameter which depends on the force balance in the process of bubble growth. The bubble departure diameter can be obtained by analyzing the bubble force or by the experimental data. In this paper, the bubble departure diameter is calculated by Tolubinsky et al. (Krepper and Rzehak, 2011):
[image: image]
Where [image: image]is the subcooling, [image: image]; [image: image]; [image: image]
In this paper, the nucleate site density [image: image] on the heated surface is calculated by Lemmert-Chawla (Kurul and Podowski, 1990):
[image: image]
Where C = 210; n = 1.805; [image: image] is wall superheat, [image: image]
[image: image] is the frequency of bubbledeparture, given by Cole (Cole, 1960) correlation:
[image: image]
Where [image: image] is resistance factor of bubble departure, the value is 1.0 in this simulation.
Quenching Heat Flux
Quenching heat flux is the cyclic averaged transient energy transfer related to liquid filling the wall vicinity after bubble detachment, The quenching heat flux is expressed as:
[image: image]
Convective Heat Flux of Vapor
The convective heat flux of vapor was calculated as follows:
[image: image]
Where hv is the convective heat transfer coefficient, it determined by the wall function.
NUMERICAL METHODS
Geometry Model
The fuel element and fluid channel studied in present work are choosed according to the general test reactor (Jo et al., 2014), it include two types: 1) the large plate used in the real reactor, its size is 2 mm × 60 mm × 600 mm, the channel gap is 2.5 mm; 2) The small plate used in the RERTR irradiation experiment (Meyer et al., 2012), its size is 1.27 mm × 25.4 mm × 101.47 mm, the channel gap is also 2.5 mm.
Under the guidance of RERTR (Research reactor low concentration Program), Argonne National Laboratory has carried out a series of experimental studies on the performance of plate fuel elements (Meyer et al., 2012). Based the results, the blisters could be classified into two types, the first type occurs at low burnup (low irradiation), the blisters are usually round shape and small (less than 0.17 cm2). and it usually appears at the edge of the pellet. The second type occurs under high burnup (high irradiation), the blisters are usually pillow shaped which caused by the merging of small blisters. The size of the pillow blisters ranges from 1 to 6 cm2. The position of pillow blisters also starts from the edge of the pellet and expands to the interface of the pellet and the cladding. The above two types are considered in present work.
Round Blisters
The round blisters were shown in Figure 1, its diameter is 5 mm, and the projection diameter is 4 mm, the height is 1 mm. 112 blisters were formed on each side of the channel, which was divided into two columns. There were 56 blisters in each row. The blisters formed on both sides of the channel were assumed to be the same, correspond to each other.
[image: Figure 1]FIGURE 1 | The geometric model of round blisters in a single channel. (A) Partial magnification (B) Global geometric (C) cross section.
Pillow Blisters
Pillow blisters occur on the small plate which was shown in Figure 2. The projection area of pillow blister is 9.5 mm × 25 mm rounded rectangle, and the height is 1 mm. Two pillow-shaped blisters were formed on each side of the channel and arranged side by side along the flow direction, the interval between two blisters were 32 mm. The pillow blisters also formed on both sides of the channel, resulting in the 2 mm blockage in the center of the channel, the gap of flow channel is 0.5 mm.
[image: Figure 2]FIGURE 2 | The geometric model of pillow blisters. (A) Global geometric (B) Cross section.
Mesh Model
As more equations were needed to be solved compared to single phase flow, the unstructured tetrahedral mesh used in single-phase calculation are not suitable for boiling simulation. So in this work, the hexahedral mesh were used for the channel with blisters.
For the channel with round blisters, due to the array nature of geometry, mesh replication array is also used. The mesh was shown in Figure 3, seven layers of mesh are arranged in the gap direction, and the mesh size in the width and length direction is equal to that in the gap direction. Based on mesh sensitivity analysis, the total number of mesh is about two million, the mesh quality is above 0.6 and the maximum aspect ratio is 6.6.
[image: Figure 3]FIGURE 3 | Mesh of channel with round blisters.
For the channel with pillow blisters, the trimmed mesh was used. As shown in Figure 4. Through this method, the mesh on the surface with large curvature could be divided into small meshes, thus it could capture the surface structure better. Like the channel with round blisters, seven layers of mesh were arranged in the gap direction, and the mesh size in the width and length direction is the same as that in the gap direction. Based on mesh sensitivity analysis, the total mesh is about 140,000, the mesh quality is more than 0.3, and the maximum aspect ratio is 14.9.
[image: Figure 4]FIGURE 4 | The single-channel pillow bubbling deformation mesh.
Boundary Conditions
The boundary conditions are shown in Table 1. In present work, the solid region (pellet and cladding) and the gas cavity formed by fission gas are not considered, and the boundary conditions of solid wall are set according to literature (Li et al., 2019). The velocity inlet was used in this work, the water with high subcooling enters the channel and the volume fraction of the vapor is 0, the velocity of the liquid was 1.5 m/s. The pressure outlet was used and the pressure is 1.0 Mpa. The side wall is the adiabatic and non-slip wall.
TABLE 1 | The boundary conditions for deformation channel.
[image: Table 1]Uniform heat flux was applied in the wall of cladding and blister. The initial heat flux was calculated according to Jens-Lottes formula. Then the heat flux was increased gradually with 0.5 MW/m2 as step size.
As the heat flux is greatly reduced by the existence of the gas cavity, so the heat flux at the blasters was assumed to be about 1% of that in other cladding areas.
RESULTS AND DISCUSSION
According to the single-phase calculation results, the flow will be influenced by blisters in the plate-type fuel channels, the scouring action of fluid at the front of blisters may enhance the heat transfer and the flow separation at the trailing edge of blisters may result in a local stagnation area. Vapor will accumulate in the stagnation region which could reduce the heat transfer characteristic. In this section, the heat transfer characteristics for two different channels were analyzed firstly, then sensitivity analysis of different parameters was carried out. The operation conditions were shown in Table2.
TABLE 2 | Operating conditions simulated in this study.
[image: Table 2]The Round Blisters
The overall boiling phenomenon in the channel depends on evaporation rate and transportation of the vapor phase. In the following, we will first present the void fraction distribution in the channel, which gives the reader an intuitive impression of the boiling region. Then, Wall Temperature discusses wall temperature distribution which is directly related to evaporation heat flux (in the RPI model) and to evaporation rate in Eq. 21. Following that, Flow Distribution Across the Channel analyses the flow distribution in the cross-section of the channel, which explains the uneven distribution of boiling region. Lastly, high-void-fraction region where dryout occurs is closely examined.
Void Fraction Distribution
Firstly case1-case5 were calculated. For these cases, the heat flux was large, subcooled boiling occurred closed to the outlet. The void fraction of the channel was shown in Figure 5. We can see that boiling occurred only in the area affected by the blisters, that is, near the edges of the channel. At the onset of nucleate boiling (the 46th row of blisters in Figure 5), vapor mainly appeared on the front walls of the blisters. As the increasing of void fraction, the high void fraction regions appeared at the rear edge of the blisters (54th row). The local void fraction almost reached 1.0 near the 55th and 56th rows of blisters. It suggested that dry out may occur more easily at the trailing edge of the blisters, and cladding will be burnout more easily in this region.
[image: Figure 5]FIGURE 5 | Void fraction distribution of channels for case5.
We can also see from Figure 5 that no boiling occurred at the center of the channel. Although uniform heat flux conditions were applied to the entire wall, boiling phenomenon in the center of the channel was different from that on the edge of the channel. This indicates that blisters may have an important influence on the flow rate, so it may affect the initiation and development of boiling.
Wall Temperature
Figure 6 shows the temperature distribution of the cladding surface. We can see that the superheat of the cladding surface was mostly about 15 K, but the temperature in the middle of the fuel plate was lower. Due to the thermal resistance of the internal air, the heat derived from the blisters was less than that from other area, so the temperature was also lower. And the temperature of most blisters surface was lower than the saturation temperature (453 K) at the operating pressure (1 MPa) except for the dry out area.
[image: Figure 6]FIGURE 6 | Temperature of cladding for case 5.
Flow Distribution Across the Channel
As shown in Figure 7B, the cross sections were divided into three parts in the width direction, the mass flow in each part were shown in Figure 7A. The blisters in the channel will increase the local flow resistance and reduce the mass flow rate greatly in the blister region, so more fluid will flow through center of the channel. As the decrease of mass flow rate in the blister regions, the heat transfer ability will be weakened, the temperature in these regions was higher.
[image: Figure 7]FIGURE 7 | Mass flow rate distribution in the cross section of round blister channel.
As water flowing through a row of blisters, the velocity and heat transfer coefficient will change periodically, which may result in different phenomenon for the leading and trailing edges of the blisters.
Figure 8 shows the bulk velocity at different cross sections along the flow direction. After flowing through the first row of blisters, a stagnation area will appear at the trailing edge of the blisters (32 and 42 mm). We can see from the figure of 33–38 mm, there was a low-velocity region near the wall, and the temperature in this region will increase faster along the flow direction. Therefore, boiling is more likely to occur before reaching the next blister (front of blisters). After flowing through the blister, the transverse flow will eliminate the local high temperature of the fluid. So, the onset of nucleate boiling usually occurred at the front of blisters (e.g., 46th row of blisters in Figure 5).
[image: Figure 8]FIGURE 8 | Velocity of liquid phase on different cross-sections channel (number on the left marked positions of cross-sections).
Stagnation and Dryout
Figure 9 shows the blisters temperature and the streamline near the 54th row of blisters. We can see that the temperature at the back of blisters is very high and the dry out will also appear in this region. It can be concluded that the backflow and stagnation may be the main reasons for the deterioration of local flow heat transfer, which lead to the local dry out.
[image: Figure 9]FIGURE 9 | The temperature and wall streamline of the 54th row of blisters for case 5.
Pillow Blisters
The void fraction calculated from case 6–15 were shown in Figure 10. In case 6, the heat flux of the wall is 0.35 MW/m2, and boiling begins to occurring at this condition. Boiling first occurs in regions between two pillow blisters, and then disappears after entering the downstream of blisters. In case 7 (0.40 MW/m2), vapor will also appear in the downstream of the non-blisters side except regions between two pillow blisters. For the case 8–15 (0.45–0.75 MW/m2), the regions of boiling are nearly the same. The vapor mostly concentrated in two regions: the region between two pillow blisters and downstream of the channel without blisters. With the increasing of heat flux, the region of boiling will increase gradually. In case 15 (0.80 MW/m2), the maximum void fraction on the wall is more than 0.9 and local dry out occurs.
[image: Figure 10]FIGURE 10 | Void fraction in channel with pillow-like blisters.
The temperature of the cladding surface in case15 was shown in Figure 11. It can be seen that the temperature in regions between two pillow blisters is higher. Especially for the region with void fraction higher than 0.9, the local dry out occurs and the temperature is more than 500 K. Due to the accumulation of vapor, convection heat transfer of vapor phase will increase, the overall heat transfer coefficient reduce greatly compared with other regions, so that the temperature will rise sharply.
[image: Figure 11]FIGURE 11 | Temperature distribution of cladding with pillow-like blisters.
As shown in Figure 12B, the cross sections were divided into two parts in the Y direction, in which the +y half of the channel has blisters and the –y half has no blisters. The mass flow rate and average void fraction along the flow direction were shown in Figure 12A. Under the influence of pillow-blisters, more fluid will flow through the non-blisters side, the flow rate in the +y half will decrease. And more vapor will be generated in the region with pillow blisters. As the lower velocity and higher heat flux in downstream region of the blisters, there is a higher risk of dryout. This is consistent with the result in Figure 10.
[image: Figure 12]FIGURE 12 | Average void fraction and flow rate in cross section.
Compared with the round blisters, the boiling region of pillow-blisters is wider. However, the dry out area for channel with pillow-blisters and round blisters are consistent, both in the downstream region of blisters.
CONCLUSION
In present work, the subcooled boiling characteristic had been investigated for the rectangle channel with round and pillow blisters, mass flow rate, temperature and void fraction for different conditions had also been analyzed, we can draw conclusions as follows:
1) For round blisters, boiling starts at the front edge of the blisters, however, for pillow blisters, boiling starts at the downstream region;
2) For the channel with round blister, the blisters will increase the local flow resistance and more fluid will flow through center of the channel;
3) For round blister channel, boiling occurred only in the area near the edges, no boiling occurred at the center of the channel;
4) The boiling region of pillow-blisters is wider and concentrated in the region between two pillow blisters and the downstream of the non-blisters side;
5) The dry out area for channel with pillow-blisters and round blisters are both in the downstream region of blisters.
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Micro-plate or microcell UO2–Mo is considered a promising accident tolerant fuel candidate for water-cooled power reactors. In this work, we evaluated the anticipated oxidation behavior of a UO2–Mo system under high-temperature steam to understand the impact of Mo oxidation on the fuel degradation mechanism in the event of steam ingress through cracks in the cladding. The equilibrium oxygen compositions of UO2 and Mo in various steam atmospheres relevant to reactor operating conditions were predicted using thermodynamic calculations and then compared with previous results. The oxidation behavior of UO2–Mo pellets was discussed through thermodynamic calculations and in terms of kinetic parameters such as oxygen diffusion, fuel temperature profile, and pellet microstructure. Mo oxidation was found to have an insignificant effect on pellet integrity in a cladding leakage scenario under normal reactor operating conditions.
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INTRODUCTION
UO2–Mo micro-plate or microcell pellets, in which small amounts of molybdenum metal particles are arranged in the form of directionally aligned plates or continuous networks, are actively studied worldwide as a promising accident tolerant fuel candidate for light water reactors, because they have improved thermal conductivity (Kim et al., 2017; Kim et al., 2018; Buckley et al., 2019; Cheng et al., 2019; Finkeldei et al., 2019; Cheng et al., 2020; Lee et al., 2020). This fuel design might be easily implemented in nuclear power plants in the near term, as it inherits the superior safety performance of UO2 nuclear fuel and can leverage existing knowledge and infrastructure.
To successfully implement the micro-plate or microcell concepts in a UO2 pellet, research is underway on addressing various technical issues. A conventional pressure-less sintering process has been established to produce composite pellets with a specific microstructure (Kim et al., 2017; Kim et al., 2018). From an economic perspective, the fuel cycle length in a UO2–Mo system is reduced because the addition of Mo reduces U loading, and Mo has a larger neutron absorption cross-section. The neutron penalty is partly mitigated by limiting the Mo addition to less than 3 vol%. The lower fuel operating temperature owing to the improved thermal conductivity is conducive to neutron utilization owing to the MTC feedback effect (Jo et al., 2020). Preliminary calculation showed that UO2–3vol% Mo fuel with a U235 enrichment of 4.95% can achieve the same fuel cycle length as that in a 4.65% enriched UO2 fuel.
Phase equilibria serve as a basis for the manufacturing and performance characterization of nuclear fuels. In particular, a comprehensive understanding of phase equilibrium and thermochemical properties is essential to support licensing by providing data on changes in the thermophysical properties, irradiation damage, and behavior of fission products. Chemical reactions between fuel materials and the atmosphere can result in fuel degradation and is one of the main factors governing nuclear fuel performance. During irradiation in a nuclear reactor, fuel pellets can be in two states where the partial pressure of oxygen in the environmental gas increases. The first state is during normal operation. The oxygen separated from UO2 by the fission of U increases the oxygen potential of the atmosphere in the fuel rod (Spino and Peerani, 2008). Another state is the ingress of steam through a damaged fuel cladding. The coolant flows into the hot fuel rod and vaporizes, and the steam is decomposed to generate oxygen, which increases the oxygen partial pressure inside the fuel rod. Thermodynamically, Mo has a high oxygen affinity and can undergo oxidization and evaporation when exposed to a high-temperature atmosphere containing oxygen. If UO2–Mo pellets are oxidized in a leakage scenario (e.g., cladding breach), the oxidation and evaporation of Mo and the resulting volume expansion of the fuel pellets may cause fuel rod failure and exacerbate the accident.
The aim of this study was to evaluate thermodynamically the change in the equilibrium oxygen composition of UO2–Mo pellets when exposed to high-temperature steam. The impact of Mo oxidation on the degradation behavior of UO2 pellets in the event of a cladding breach is also discussed. Our preliminary assessments are expected to contribute to the evaluation of this material for use as an accident-tolerant fuel.
CALCULATION OF OXYGEN PARTIAL PRESSURE IN STEAM GAS UNDER VARIOUS CONDITIONS
In fuel rod failure scenarios, UO2 pellets are exposed to steam at high temperatures and high pressures. In this environment, UO2 pellets oxidize to a composition that is in equilibrium with the gas phase. To calculate the equilibrium deviation from the stoichiometry of UO2, it is necessary to know the partial pressure of oxygen in the environment. The oxygen partial pressure of the gas is determined by the temperature, gas composition, and pressure. Under normal operating conditions, the fuel temperature is typically in the range of 400–1,300°C. The internal pressure of the damaged fuel rod is equivalent to a typical reactor operating pressure of 150 atm. Regarding the composition of the gas introduced into the rod, the steam is mixed with hydrogen produced during the oxidation reaction of steam with Zr (Garzarolli and Stehle, 1979; Review of Fu, 2010). Previous studies reported that the highest deviation from the stoichiometry (x in UO2+x) for the pellets in the damaged fuel rods is approximately 0.1 (Une et al., 1995; Kim, 2003; Verrall et al., 2005; Higgs et al., 2007). This deviation implies that some amount of hydrogen is mixed in the introduced steam and that the hydrogen composition varies depending on the location in the fuel rod. Considering the typical operating conditions and anticipated steam compositions, the equilibrium oxygen partial pressure with respect to the temperature was calculated under different hydrogen contents of the mixed steam gas (0, 10, and 1,000 ppm).
Two calculation procedures were applied to obtain the equilibrium oxygen partial pressures in this study: 1) The Gem module from HSC Chemistry 9 (HSC Chemistry 9, 2018), which utilizes the built-in Gibbs energy minimization method, and 2) Olander’s transcendental equation (Olander, 1986). According to the Olander’s transcendental equation, the oxygen partial pressure ([image: image] in atm) in the steam and hydrogen mixture can be estimated using the following expression:
[image: image]
where,
[image: image]
R is the universal gas constant (8.3145 J/mol·K), and [image: image] is the total system pressure. The hydrogen-to-oxygen atom ratio (Q) of the environment is given by
[image: image]
Figure 1 shows the calculated variation in the oxygen partial pressures as a function of temperature for steam and steam–hydrogen mixtures at 1 and 150 atms. For pure steam, the oxygen partial pressure calculated by Olander’s formula agrees well with that obtained using the HSC9 program. However, for the steam–hydrogen mixture, the oxygen partial pressures obtained from Olander’s solution were slightly lower. Many previous studies have used Olander’s equation to evaluate the equilibrium oxygen partial pressure of steam–hydrogen mixed gases. In this study, Olander’s solution was used to estimate the equilibrium oxygen composition to ensure consistency with previous results.
[image: Figure 1]FIGURE 1 | Comparison of equilibrium oxygen partial pressures of steam and steam–hydrogen mixed gases as a function of temperature for total pressures of (A) 1 atm and (B) 150 atm, calculated through the HSC9 program (HSC Chemistry 9, 2018) and Olander’s equation (Olander, 1986).
Figure 2 shows the equilibrium oxygen partial pressures of the mixed steam as a function of temperature at pressures of 1 and 150 atm obtained by Olander’s solution. The mixing of a small amount of hydrogen significantly reduces the equilibrium oxygen partial pressure of the steam. However, as the temperature increases, the oxygen partial pressure difference between the pure steam and the mixture gradually narrows because of the decomposition reaction of the steam. Evidently, in pure steam, the oxygen partial pressure increases with increasing pressure in the calculated temperature range. In the case of the mixed gas, the pressure has little effect in the low-temperature region. Above a certain temperature, however, the oxygen concentration increases because of the decomposition reaction of the steam, thereby increasing the oxygen partial pressure at high pressures.
[image: Figure 2]FIGURE 2 | Effects of H2 mixing and pressure on the equilibrium oxygen partial pressures of steam calculated by Olander’s equation (Olander, 1986).
EVALUATION OF EQUILIBRIUM OXYGEN COMPOSITIONS OF UO2 AND MO AT HIGH TEMPERATURE STEAM AND STEAM-HYDROGEN MIXTURES
The equilibrium oxygen composition of U–O and Mo–O systems can be estimated using the oxygen partial pressures of the environment and p-C-T ([image: image]-composition-temperature) diagram. Figure 3 shows the phase diagram of the U–O system with oxygen pressure isoatms, presented by Kim (Kim, 2000). Figure 2 indicates that the equilibrium oxygen partial pressure of pure steam at 1000 K and 1 atm is approximately 1 × 10–7. At this oxygen partial pressure, U3O8−x is in a stable oxide phase, as denoted by point B (red dot) in Figure 3. On the other hand, at 1500 K, the equilibrium oxygen partial pressure increases to approximately 1.2 × 10–4, and the corresponding equilibrium phase should be UO2+x, as marked by point A (blue dot) in Figure 3.
[image: Figure 3]FIGURE 3 | Variation in the equilibrium oxygen stoichiometry with temperature of the U–O system in pure steam atmosphere. The points A (blue dot) and B (red dot) indicate the equilibrium oxygen partial pressures of pure steam at 1500 and 1000 K, respectively. The U–O phase diagram is from Ref. (Kim, 2000).
Figures 4A,B show the phase stability diagrams of the U–O system constructed using thermodynamic equations established by Kim and Tpp module in HSC9 Chemistry, respectively. The equilibrium oxygen potential curves for the pure steam and steam–hydrogen mixtures in this study are also shown. From Figure 4, we can predict the oxidation behavior of UO2 with temperature changes when UO2 is exposed to high-temperature steam. As shown in Figure 4A, when UO2 pellets are exposed to pure steam at a pressure of 150 atm and a temperature above 1573 K, there is no significant change in the pellet shape owing to the stable cubic phase of UO2+x. However, when the temperature decreases below 1573 K, the orthorhombic phase of U3O8 becomes stable, and UO2 pellets pulverize to U3O8−x powder. Figure 4A also reveals that reducing the pressure or mixing a small amount of hydrogen in the steam can help significantly extend the temperature range in which the cubic phases of UO2+x or U4O9−y are stable. For example, mixing more than 10 ppm of hydrogen in the steam can help prevent UO2 pellets from being oxidized to U3O8. The two stability diagrams shown in Figures 4A,B are similar but not entirely consistent. As shown in the stability diagram of Figure 4B obtained using HSC9, the UO2 pellets pulverize to U3O8 when exposed to steam at a pressure of 150 atm and a temperature below 1373 K. This temperature limit is ∼200 K lower than that shown in Figure 4A.
[image: Figure 4]FIGURE 4 | U–O stability diagram and equilibrium oxygen potentials of steam and steam–hydrogen mixed gas. U–O stability boundary is constructed using (A) thermodynamic equations in Ref. (Kim, 2000), and (A)Tpp module in HSC9 Chemistry (HSC Chemistry 9, 2018).
Figure 5 shows detailed variations in the calculated equilibrium O/U ratio of the U–O system with the steam composition, pressure, and temperature. The equilibrium O/U ratio was calculated using the equations presenting the best p-C-T relationship proposed by Kim (Kim, 2000). As expected, in Figure 4A, the O/U ratio of pure steam abruptly changes at the stability boundary temperature between the cubic phases (UO2+x, U4O9−y), and U3O8. When the steam-to-hydrogen ratio (H2O/H2) is 100,000, the cubic phase is stable over the calculated temperature range, and no U3O8 phase is expected. Since the oxygen potential curve of this gas is closest to the stability boundary at approximately 1273 K, the equilibrium O/U ratio shows a parabolic shape with a peak value located in the temperature range of approximately 1,273–1373 K. When the hydrogen content is increased further (H2O/H2 = 1,000), the oxygen potential of the atmosphere is largely reduced, and consequently, the equilibrium O/U ratio decreases. Published experimental data (Abrefah et al., 1994; Hashizume et al., 1999; Lewis et al., 1990; Cox et al., 1986) on O/U ratio variations following UO2 oxidation in steam and steam–hydrogen mixture are compared in Figure 5A. The experimental data measured above 1273 K are in good agreement with the calculated values. While several experimental datasets on the equilibrium O/U ratio exist for steam oxidation of UO2 pellets above 1273 K, few data are available for steam oxidation below 1273 K owing to the slow oxidation of UO2 at low temperatures and the challenges related to controlling the steam–hydrogen composition. Kuhlman (Kuhlman, 1948) found no significant weight change in UO2 after exposure to oxygen-free steam at 873 K for 6 h. Bittel et al. (Bittel et al., 1969) reported that the final average O/U ratio of pellets annealed at 1158 K for 290 min in steam was 2.039, which is far below the calculated value. On the contrary, Dumitrescu et al. (Dumitrescu et al., 2015) reported that UO2 pellets pulverize to U3O8 after annealing in 873 K steam for 10 h. Recently, Jung et al. (Jung et al., 2020) have also shown the formation of U3O8 particles on the UO2 pellet annealed for 1,000 min in steam maintained at a temperature range of 673–733 K. This discrepancy between the experimental results appears to be due to the very slow oxidation reaction in low-temperature steam and the strong influence of the oxygen and hydrogen contents on the equilibrium oxygen potential of the steam.
[image: Figure 5]FIGURE 5 | Calculated equilibrium O/U ratio of the U–O system using the equations in Ref (Kim, 2000). and comparison with experimental data.
The melting point of pure molybdenum is 2896 K. However, the formation of low-melting-temperature oxides is the drawback of this refractory metal. The Mo–O temperature–concentration diagram shows various molybdenum oxides, where the principal stable oxide phases in the Mo-O system are MoO3 ([image: image] and MoO2 ([image: image] (Brewer and Lamoreaux, 1980).
The phase stability diagrams for the Mo–O system with the variations in the temperature and oxygen partial pressure have been presented by several researchers (Chen et al., 2018; Lee et al., 2019a; Zhang et al., 2014). Figure 6 shows the stability diagrams applied in this study, plotted using the Tpp module in HSC9 program (HSC Chemistry 9, 2018). The stability diagram is similar to that prepared by Chen (Chen et al., 2018) using FactSage 6.2 (GTT Technologies, Germany) and that calculated by Lee (Lee et al., 2019a) using meta-generalized-gradient approximation and hybrid density functional theory calculations. Zhang et al. constructed a Mo–O stability diagram using the CALPHAD method (Zhang et al., 2014). However, the stability diagram differs considerably from that shown in Figure 6, characterized by a narrower area of stability for solid oxides.
[image: Figure 6]FIGURE 6 | Mo–O stability diagram and equilibrium oxygen potentials of steam and steam–hydrogen mixed gas, constructed using the HSC9 program.
The oxygen partial pressure or equilibrium oxygen potential curves were superimposed on these figures to assess the anticipated equilibrium oxygen composition of the Mo–O system when exposed to atmospheres as those shown in Figure 2. Figure 6 indicates that MoO3 is a stable oxide in pure steam. Therefore, when Mo is exposed to steam, it will oxidize to MoO3, becoming a liquid above 1073 K and vaporizing above 1428 K. Indeed, the oxidation test of Mo in 100% steam showed a rapid weight loss above 1073 K (Nelson et al., 2014). The oxidation behavior of Mo changes significantly even when very small amounts of hydrogen is added to the steam. As shown in Figure 6, in 150 atm steam mixed with 1,000 ppm of hydrogen, the equilibrium oxide composition is MoO2, and a liquid phase is formed at approximately 1673 K, which is approximately 600 K higher than that in the case of pure steam. The effect of hydrogen content in steam on the oxidation of Mo has been determined at 1273 K. The test result shows that the material loss rate can be meaningfully reduced by adding hydrogen to the steam, consistent with the effect of hydrogen predicted and shown in Figure 6 (Nelson et al., 2014).
PREDICTION OF THE OXIDATION BEHAVIOR OF UO2-MO PELLETS IN THE EVENT OF CLADDING BREAKAGE DURING THE NORMAL OPERATION
The oxidation behavior of UO2 and Mo in various steam atmospheres relevant to reactor operating condition was studied independently. In this section, the oxidation behavior of UO2–Mo pellets is predicted when steam is introduced into the fuel rod through cladding leaks under reactor operating conditions.
Figure 7 shows a comparison of the calculated temperature profile along the radial direction between conventional UO2 and micro-plate UO2–3vol% Mo pellets operating at a linear heat generation rate of 30 kW/m. The temperature gradient of the UO2 pellets was calculated using the thermal conductivity model from the MATPRO handbook (Hagrman and Reymann, 1979). The temperature profile of UO2- 3vol% Mo pellets was calculated using the measured thermal conductivity of the pellet in which Mo plates with an average diameter of ∼45 μm and an average thickness of ∼1.5 μm were dispersed in UO2 (Kim et al., 2020). The thermal conductivity of both pellets was corrected to 95% of the theoretical density for temperature calculation.
[image: Figure 7]FIGURE 7 | Comparison of radial temperature profile between UO2 and UO2–Mo pellets.
Since the thermal conductivity is more than 80% higher than that of UO2 pellets, the operating temperature is significantly reduced in the case of the UO2–3vol% Mo pellet. The centerline temperature of UO2–3vol% Mo is calculated to be 1093 K, approximately 300 K lower than that of UO2.
As shown in Figure 5, the high-pressure steam ingress into the fuel rod pulverizes the UO2 pellets, and consequently, the fuel rods are severely damaged because of the volume expansion and fission gas release. However, the fuel failure mechanism due to the oxidation of UO2 pellets has not been reported thus far. In fact, the secondary failure mechanisms observed in defective fuel rods were mostly due to the formation of ZrO2 or ZrH2 ((2010). Review of Fu, 2010). As mentioned in Calculation of Oxygen Partial Pressure in Steam Gas Under Various Conditions, this fact reveals that the steam introduced to the fuel rod is mixed with hydrogen and consequently has a much lower oxygen partial pressure than pure steam.
Assuming a constant thermal conductivity of the fuel pellets during the oxidation reaction, the oxidation behavior of UO2–3vol% Mo pellets operating at a 30 kW/m when exposed to 150 atm steam mixed with hydrogen can be predicted as follows. Figures 4, 5 indicate that the equilibrium oxygen composition deviation from stoichiometric UO2 (x in UO2+x) is ∼0.22 and decreases toward the pellet periphery, when the hydrogen content in the steam is 10 ppm. The equilibrium phase of Mo under this condition is MoO2, which has a melting temperature of ∼1193 K, as shown in Figure 6. When the hydrogen content in the steam increases to 1,000 ppm, the maximum deviation of x in UO2+x decreases to less than 0.02, and the melting temperature of MoO2 increases to ∼1673 K. The theoretical densities of Mo, MoO2 and MoO3 are 10.28, 6.47, and 4.69 g/cm3, respectively. The lattice parameters of UO2+x are known to contract linearly with an increase in x, and the contraction factor (line slope) is in the range of −0.132 and −0.07 Å, depending on temperature and x (Perio, 1955; Rachev et al., 1965; Belbeoch et al., 1967; Touzelin and Dode, 1969; Teske et al., 1983; Yakub et al., 2009). Considering the specific situation where only Mo is oxidized to MoO3 in UO2-3vol% Mo pellet, the pellet will show a volume increase of up to 3.6%. However, in that situation, UO2 is also oxidized to UO2+x, so the volume expansion due to MoO3 formation is offset by the volume reduction due to oxidation of UO2. If we assume the oxidation reaction terminated with the formation of solid MoO3 and UO2.15, and the contraction factor is −0.07 Å, the volume of the pellet will be increased by about 3%. When the oxidation reaction with the steam-hydrogen mixture is completed and the pellet reaches an equilibrium state, the pellet volume is expected to increase to less than 3%, considering the volume expansion due to MoO2 formation and volume reduction due to UO2 oxidation. Moreover, no liquid phase is expected in the equilibrium state because the maximum pellet temperature is much lower than the melting temperature of MoO2.
The diffusion mobility of oxygen as well as the kinetic parameters should also be considered in the prediction of the oxidation behavior. Higgs et al. have developed a theoretical model to evaluate the UO2 pellet oxidation behavior in operating defective fuel elements, taking into account multi-phase transport including oxygen diffusion by both chemical and thermal gradients and steam-hydrogen transport along gap and in fuel cracks (Higgs et al., 2007).
Thermoelastic fracture owing to the temperature gradient dominates the formation of primary radial cracks in UO2 pellets under irradiation (Oguma, 1983; Lee et al., 2019b; Li and Shirvan, 2021). The number of cracks measured under various out-of-pile conditions in the UO2 pellet is roughly proportional to linear power of the fuel rod (Oguma, 1983). Multiphysics phase-field modeling of quasi-static cracking in UO2 pellet showed typically eight primary radial cracks are developed and interconnected during the reactor startup and cooling (Li and Shirvan, 2021). In the case of UO2-Mo composite pellet, lower temperature gradient would reduce the thermal hoop stress, thereby decreasing pellet region where the thermal hoop stress is higher than fracture stress of UO2 (Lee et al., 2019b), suggesting the UO2-Mo could be more resistant to cracking than the UO2 pellet even for the same linear power, as was observed in U3Si2 fuel (Cappia and Harp, 2019). However, the composite structure would probably have insignificant effect on cracking behavior because the volume fraction of Mo plates or Mo wall is just 3% and its thickness is only several micrometers. Therefore, the linear power will be a dominant factor in the cracking behavior and, if the temperature gradients between the UO2 and UO2-Mo pellets are the same, the crack patterns observed in both pellets are expected to be similar to each other.
Two assumptions have been made. First, the UO2-3 vol% Mo pellet are fragmented into eight parts by eight primary radial cracks that penetrate the center. Second, considering the average diameter of Mo plates (∼45 μm), the Mo particles located within 50 μm of the fragments surface will be exposed to environment directly. Under the circumstance, it is calculated that about 0.45 vol% of Mo among the 3 vol% of Mo will directly contact with steam transported along the gap and fuel cracks, and the remaining 2.55 vol% of Mo will be embedded in the UO2 matrix.
The oxidation reaction of the Mo plates embedded in the UO2 matrix will be governed by oxygen diffused through UO2 lattice or grain boundaries. Therefore, oxygen diffusion inside the UO2 matrix is an important parameter that needs to be considered to better understand the influence of Mo on oxidation behavior. Considering the diffusion distance for oxygen to reach the Mo surface via the dense UO2 and the low lattice diffusion rate owing to the low pellet temperature of less than 1093 K (Bittel et al., 1969), relatively long incubation time seems to be required for the Mo inside the pellet fragment to meet with oxygen and start the oxidation reaction. The MoO2 layer is known to adhere to the Mo surface and act as an anti-corrosion layer, so the formation of a MoO2 surface layer is expected to further delay the oxidation rate. Therefore, the oxidation reaction rate of Mo by oxygen diffusion is expected to be low, particularly in the outer region of the pellet with low temperature. In contrast to the Mo plate inside the pellet fragment, the Mo plate located near the pellet periphery or fragment surface would be rather quickly oxidized even at low temperature by direct contact with the steam introduced through the cladding defects, gas gaps and fuel cracks. In particular, the volume expansion due to preferential oxidation of Mo possibly develops secondary cracks on the surface, and steam can penetrate through the cracks to accelerate oxidation. However, the rapid oxidation of exposed Mo is expected to be confined to a small number of pellets located around the defect. The experimental and computational results showed that O/U ratio of pellet located at opposite side of or far from the defect is much lower than that of pellet near the defect (Une et al., 1995; Kim, 2003; Verrall et al., 2005; Higgs et al., 2007). The steam-hydrogen transport rate, another important parameter controlling the rate of reaction, is probably limited in the opposite area of the pellet to defect or at a location away from the defect. In particular, the hydrogen concentration increases where the gas transports is stagnant, and then, the local oxidation rate is further delayed.
There was a concern about the accelerated degradation of UO2–Mo fuel rods due to the oxidation of Mo in a cladding leakage scenario. However, a thermodynamic evaluation showed that the equilibrium composition of Mo is the solid phase of MoO2, and the maximum volume expansion of a pellet due to the complete oxidation of Mo to MoO2 is estimated to be less than 3%. Given the low fuel temperature and the microstructure of the pellets, where most of Mo is imbedded in UO2 matrix, and considering UO2 pellet oxidation behavior in operating defective fuel element (Garzarolli and Stehle., 1979; Review of Fu, 2010; Une et al., 1995; Kim, 2003; Verrall et al., 2005; Higgs et al., 2007), it will take a long time for Mo to reach the equilibrium composition of MoO2, and the volume expansion of the pellet will also proceed gradually. Therefore, the effect of Mo oxidation on the pellet integrity in a cladding leakage scenario is expected to be insignificant.
The thermodynamic prediction of the oxidation behavior was evaluated under the assumption that the thermal conductivity of the pellet remains constant and that there are no reactions at the UO2/MoO2 interface. However, the thermal conductivity may decrease depending on the degree of oxidation of UO2 and Mo, and the formation of new compounds has an additional effect on the volume change. Subsequently, the pellet temperature will increase, and the oxidation behavior of the fuel rod may vary. U-Mo-O ternary compounds, which are possibly formed at the UO2/Mo interface, would influence the oxygen transport and thus the oxidation behavior of the pellets. When the thermal conductivity decreased and fuel temperature increased, Mo oxides in the central region of pellet might form liquid or vapor phases. Those phases can negatively affect the integrity of the fuel rods by increasing the fuel internal pressure and reacting with pellet and cladding. Therefore, to accurately assess the fuel behavior, further experimental studies are required to obtain data on the diffusion mobility of oxygen near the phase boundary between UO2 and Mo, reactions at the UO2/Mo and UO2+x/MoO2 interfaces (Bharadwaj et al., 1984; Sarrasin et al., 2019), phase equilibria in U-Mo-O ternary system and the change in the thermal conductivity with the degree of oxidation. Multiple and complex chemical reactions, including cladding and fission products, as well as interactions between UO2-Mo and steam are expected to occur under accidents such as loss of coolant or station black out. Although the volume fraction of Mo in UO2 is small (3%), which is expected to have a limited impact on accident progress, integral test of fuel rod is required to understand the behavior of UO2-Mo pellets and their interactions with cladding in the event of accidents.
CONCLUSION
The oxidation behavior of a UO2–Mo system in a steam atmosphere relevant to reactor operating conditions was evaluated through thermodynamic calculations for a preliminary assessment of the impact of Mo oxidation on the fuel behavior of UO2–Mo pellets in the event of steam ingress through cracks in the cladding. In the thermodynamic equilibrium state, the oxidation reaction is terminated with the formation of solid MoO2 and hyper-stoichiometric UO2+x, and the volume expansion after the termination of the reaction is estimated to be less than 3%. In terms of the kinetic parameters, such as the steam-hydrogen flow, fuel temperature, and cracked-pellet microstructure, the impact of Mo oxidation on the fuel integrity in a cladding leakage scenario is expected to be insignificant. Limitations of the current preliminary thermodynamic assessment include the thermal conductivity degradation due to the formation of U-Mo-O compounds, steam/hydrogen transports along the fuel cracks and gap, and simplified thermo-mechanical cracking behavior. Future experimental study would include the oxidation behavior of Mo located near fuel crack and inside UO2 under the anticipated oxygen potential, the microstructure change after the mechanical cracks or during the oxidation, and the variation of effective thermal conductivity owing to the formation of Mo-oxides and U-Mo-O compounds. Integral test using fuel and cladding assembly would also be necessary to estimate the effect of steam/hydrogen mixed gas transport in the defective fuel rod and its local composition on the overall oxidation behavior of UO2-Mo-Zr fuel system. Combining the thermodynamic evaluation in this study with experimental data in the future, it will be possible to simulate the behavior of fuel rods in the event of a cladding breach.
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In nuclear reactors, the research of conjugated heat transfer between the fuel and coolant in the fuel assembly is fundamental for improving the safety, reliability and economy. The numerical approach based on Computational Fluid Dynamics (CFD) can be used to realize the rapid analysis of the conjugated heat transfer. Besides, the numerical simulation can provide detailed physical fields that are useful for the designing and optimizing of the fuel assembly. The plate-type fuels are generally used to enhance heat transfer in research reactors with high power density. In this study, a standard plate-type fuel assembly in the research reactor was taken into consideration. The solid-fluid conjugated heat transfer of the fuel assembly and coolant was numerically investigated. In the fluid region, the subcooled flow boiling simulation model was established by implementing the Rensselaer Polytechnic Institute model into the Euler multi-phase flow method. The results show that the conjugated heat transfer of the fuel assembly and coolant can be simulated using the model established in this work. The influence of fluid velocity, power density and the width of the flow channel on the temperature distribution and the conjugated heat transfer was investigated and discussed.
Keywords: conjugated heat transfer, numerical simulation, plate-type fuel assembly, subcooled flow boiling, multi-phase flow
INTRODUCTION
Research reactors are widely used to produce high neutron flux for research, training, education, and irradiation test (Gong et al., 2015; Guo et al., 2018). The fuel assembly used in the research reactors is generally the plate-type fuel assembly, including several fuel plates, two side plates and narrow rectangular channels formed between the fuel plates. The research of heat transfer of the fuel assembly is fundamental for improving the safety, reliability and economy. However, the coolant flow and heat transfer characteristics in the narrow rectangular channels are significantly different from those of conventional channels and tubes (Sun et al., 2020). Therefore, investigation of coolant flow and heat transfer characteristics in the plate-type fuel assembly is important for research reactors designing.
In the last few years, 1-dimensional codes, 1.5-dimensional codes and 2-dimensional codes, such as the RELAP5/MOD3 (Lu et al., 2009; Son et al., 2015), FRAPCON (Phillippe et al., 2012), FEMAX (Yoo et al., 2006) and FROBA (Deng et al., 2016) were used for the thermo-mechanical coupling analysis and safety analyses of the fuels. In order to improve the accuracy of the calculation, 3-dimensional simulations based on MOOSE (He et al., 2018) and COMSOL (Liu and Zhou, 2017) were used. However, the fluid was considered as 1-dimensional flow in the calculations and the detailed flow and heat transfer characteristics cannot be obtained.
The numerical investigation based on Computational Fluid Dynamics (CFD) can provide 3-dimensional detailed physical fields that are useful for the designing and optimizing of the fuel assembly. Recently, with the help of CFD, some researchers investigated the thermal-hydraulic characteristics of the fuel assembly. Li et al. (2020) numerically investigated the flow fields and phase distributions in the subchannel of a pressurized water reactor fuel assembly based on the CFD model of subcooled flow boiling. Kumar et al. (2018) and Zhang and Liu (2020) carried out CFD simulations to predict the void and temperature distribution inside the rod bundle. The influence of the spacer grid on the flow and heat transfer characteristics of subcooled flow boiling was studied by Zhang and Liu (2020). Shirvan (2016) numerically investigated the boiling crisis for helical cruciform-shaped rods using commercial software Star CCM+.
As for the plate-type fuel assembly, some researchers focused on the single-phase flow in the channels (Gong et al., 2015; González Mantecón and Mattar Neto, 2018; Liao et al., 2020). Gong et al. (2015) investigated the heat transfer characteristics of the plate-type fuel assembly. The single-phase turbulence flow was calculated using the commercial software FLUENT. The temperature distribution of the fuel assembly was obtained with different coolant inlet velocity and the assembly with a hot spot was specially studied. Liao et al. (2020) conducted the fluid-solid coupling simulation with the consideration of irradiation effects for plate-type fuel assembly. The thermo-hydraulic model in the fluid domain was established based on FLUENT. González Mantecón and Mattar Neto (2018) numerically investigated fluid-structure interaction of the plate-type fuel assemblies using the commercial software ANSYS CFX for modeling fluid flow and ANSYS Mechanical for modeling the plates. The maximum deflection of the plates was detected at the leading edge. An extra deflection peak was observed near the trailing edge of the plates for fluid velocities greater than the Miller’s velocity.
The research of subcooled flow boiling heat transfer in the fuel assembly is fundamental for improving the safety, reliability and economy. However, fewer thermal-hydraulic investigations of the plate-type fuel assembly have taken the subcooled flow boiling into consideration. Guo et al. (2018) conducted the thermal-hydraulic analysis of flow blockage in the fuel assembly in the JRR-3M research reactor. The 3-dimensional model of the fuel assembly was built and the flow and heat transfer characteristics were simulated using FLUENT. Guo et al. (2018) found when the blockage ratio of the fuel assembly is 70%, the departure from nucleate boiling will occur. Park et al. (2021) investigated the thermal-hydraulic behaviors of flow channels of the plate-type fuel assembly by the CFD simulation with a multi-phase flow model. The wall boiling model proposed by Kurul and Podowski (1991) was used and the influence of the flow channel blockage on the flow instability and heat transfer was studied.
In this work, a standard plate-type fuel assembly in a research reactor was taken into consideration. The solid-fluid conjugated heat transfer of the fuel assembly and the coolant was numerically investigated. In the simulation, the Euler multi-phase flow method was used with the Rensselaer Polytechnic Institute (RPI) wall boiling model implemented. The temperature distribution and the flow field of the fuel assembly were obtained. The influence of power density, fluid inlet velocity and subchannel width on the conjugated heat transfer was investigated.
MATHEMATIC MODEL AND NUMERICAL METHOD
The simulation of conjugated heat transfer considering the phase change process is complicated. In this work, the conjugated heat transfer model was established. The simulation domain was divided into the solid region and the fluid region. The heat transfer of each region was calculated using different models and the heat transfer between the two regions was calculated.
Solid Region
In the solid region, heat is transferred by conduction. Since the thermal conductivity of the solid was assumed as constant, the heat transfer of the solid region was calculated by
[image: image]
where [image: image] is the density of the solid, [image: image] is the specific heat of the solid, T is the temperature, t is time, [image: image] is thermal conductivity of the solid, [image: image] is the volume heat source.
Fluid Region
In the fluid region, the subcooled flow boiling was numerically simulated based on the Euler multi-phase flow method with liquid water being the primary phase and water vapor being the second phase. The volume fraction was used to represent the content of each phase and only two phases were set in the fluid region.
[image: image]
where [image: image] is the liquid phase volume fraction, [image: image] is the vapor phase volume fraction i.e., the void fraction.
The governing equations included the mass conservation equations, the momentum conservation equations and the energy conservation equations for each phase. In order to simplified the description of the governing equations, the subscripts p and q were used denote the two phases.
1) Mass conservation equations
The mass conservation equation for phase q in the Euler multi-phase flow method was
[image: image]
where ρq and uq are the density and the velocity of phase q respectively, [image: image] and [image: image] are the mass transfer from phase p to phase q and the mass transfer from phase q to phase p.
2) Momentum conservation equations
The momentum conservation equation for phase q in the Euler multi-phase flow method was
[image: image]
where [image: image] is the stress-strain tensor for phase q
[image: image]
where [image: image] and [image: image] are the shear and bulk viscosity of phase q, p is pressure, g is gravity, [image: image] is the momentum transfer caused by phase change mass transfer and Mq is the momentum transfer due to the interfacial forces.
The standard k-ε turbulence model was chosen to calculate the effect of turbulent flow and the two-layer model with all y+ wall function was employed. Generally, the interfacial momentum transfer between liquid and vapor should be the sum of the drag force, turbulent dispersion force, lift force, wall lubrication force and virtual mass force.
The sensitivity analysis of the forces on the simulation result of subcooled flow boiling was conducted. The simulation object and conditions were the same as those in the experiment conducted by Zeitoun and Shoukri (1996). The channel geometry was an annulus with a 306 mm length. The outer wall diameter was 25.4 mm and the heated inner wall diameter was 12.7 mm. The heat flux of the inner wall of the channel was 508 kW/m2, the mass flux of the coolant was 264.3 kg/(m2 s), the coolant inlet temperature was 94.6°C and the system pressure was 150 kPa. The result shows that the influence of the lift force, wall lubrication force and virtual mass force on the calculated wall temperature was less than 1 K. Similar to the results of the sensitivity analysis we finished in our previous work (Li et al., 2018), the effects of the three forces are to move the vapor bubbles radially away from or towards the heated surface. While the forces have little influence on the void fraction distribution along the coolant flow direction.
Since the lift force, wall lubrication force and virtual mass force have little effect on the simulation results and the inclusion of the three forces takes more time to obtain convergence, only the drag force and turbulent dispersion force were taken into consideration in this work.
[image: image]
where FD,k is the drag force and FTD,k is the turbulent dispersion force.The drag force can by calculated using
[image: image]
where ur = ul-uv is the relative velocity between the two phases, dB is the bubble diameter and CD is the drag force coefficient. In this work, the bubble diameter was calculated using the Anglart’s method (Anglart and Nylund, 1996) and the drag force coefficient was calculated using the Tomiyama’s method (Tomiyama, 2004).
The turbulent dispersion force plays an important role in taking the vapor bubbles from the near wall region to the bulk liquid region. The turbulent dispersion force was calculated using the method proposed by Lopez de Bertodano (1991).
[image: image]
where CTD is the turbulent dispersion coefficient and kl is the turbulent kinetic energy of the liquid phase.
3) Energy conservation equations
The energy conservation equation for phase q in the Euler multi-phase flow method was
[image: image]
where hq is the specific enthalpy of phase q, qq is the heat flux, hqp and hpq are the interphase enthalpy.
Solid-Fluid Boundary
At the solid-fluid boundary, heat transferred from the solid region to the fluid region.
[image: image]
where [image: image] is the heat flux of the fluid region and [image: image] is the heat flux of the solid region at the solid-fluid boundary.
Wall Boiling Model
Figure 1 shows the schematic of wall boiling heat flux partitioning. The Rensselaer Polytechnic Institute (RPI) wall boiling model (Kurul and Podowski, 1991) divided the total heat flux from the hot wall to the fluid region [image: image]to the liquid convection heat flux [image: image], the quenching heat flux [image: image]and the evaporation heat flux [image: image]. Lavieville et al. (2005) modified the RPI model by considering the heat flux directly from the hot wall to the vapor [image: image]. Thus, the total heat flux can be calculated by
[image: image]
where [image: image] is the wall contact area fraction for vapor. [image: image]can be calculated by
[image: image]
[image: image]
where [image: image] is the average void fraction in the mesh near the hot wall, [image: image] is the critical void fraction.The four parts heat flux can be calculated by
[image: image]
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where [image: image] and [image: image] are the frictional velocities of liquid and vapor near the hot wall, [image: image] and [image: image] are the non-dimensional parameters for liquid and vapor, Kquench is the bubble influence wall area fraction and was calculated using the model proposed by Kurul and Podowski (1991), tw is the bubble waiting time, Dd and fd are the bubble departure diameter and bubble departure frequency, Nw is the active nucleation site density.
[image: Figure 1]FIGURE 1 | Schematic of wall boiling heat flux partitioning.
In this work, the widely used active nucleation site density model proposed by Lemmert and Chawla (1977), the bubble departure diameter model proposed by Tolubinsky and Kostanchuk (1970) and the bubble departure frequency model proposed by Cole (1960) were used. In Tolubinsky’s model, D0 was 0.6 mm.
[image: image]
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Model Validation
Due to the lack of experimental results of subcooled flow boiling in the plate-type fuel assembly, the conjugated heat transfer model was validated using the experimental results of subcooled flow boiling in a tube conducted by Bartolemei and Chanturiya (1967) and the experimental results of subcooled flow boiling in an annulus channel conducted by Zeitoun and Shoukri (1996). In Bartolemei’s work, the tube diameter was 15.4 mm, the heat flux of the tube wall was 0.57 MW/m2, the mass flux of the coolant was 900 kg/(m2 s), the subcooled temperature of the coolant was 60 K and the system pressure was 4.5 MPa. The coolant temperature, wall temperature and void fraction were measured by Bartolemei and Chanturiya (1967). Since the system pressure in Bartolemei’s work was larger than that in our simulation for plate-type fuel assembly, the experimental results at lower system pressure obtained by Zeitoun and Shoukri (1996) were also used to validate the model. Figures 2A,B show the comparison of the numerical results of the coolant temperature, wall temperature and void fraction along the coolant flow direction with the experimental results obtained by Bartolemei and Chanturiya (1967). Figure 2C shows the comparison of the numerical results of void fraction along the coolant flow direction with the experimental results obtained by Zeitoun and Shoukri (1996). It can be seen that the calculated results agree well with the measured data and the calculated void fraction is slightly larger than the measured data at lower system pressure.
[image: Figure 2]FIGURE 2 | Model validation of axial distribution of (A) wall temperature, coolant temperture and (B) void fraction in tube and (C) void fraction in annulus channel.
PHYSICAL MODEL
In this work, a standard plate-type fuel assembly of the research reactor was chosen as the simulation object. The structure, material and thermal-hydraulic parameters of the fuel assembly were the same as those used in Gong’s work (Gong et al., 2015). Table 1 shows the structure, material and thermal-hydraulic parameters of the standard plate-type fuel assembly.
TABLE 1 | Parameters of the research reactor fuel assembly.
[image: Table 1]A three-dimensional model of the standard plate-type fuel assembly was built on the Star CCM+ platform. Figure 3 shows the simulation domain of the conjugated heat transfer of the plate-type fuel assembly. The simulation domain included the inlet section, the test section and the outlet section. In the test section, there were 20 fuel plates with 1.52 mm thickness and 19 subchannels with 2.28 mm width and two by-pass subchannels with 1.24 mm width. The fuel, cladding and coolant parts were considered in the simulation domain. As shown in Figure 3B, half of the fuel assembly was included in the simulation domain due to the symmetry of the geometry and the fluid field.
[image: Figure 3]FIGURE 3 | Schematic of (A) simulation domain and (B) Cross section.
The hexahedral mesh was used for the physical model. In the mesh independence analysis, a single calculation unit of the assembly was used. A flow channel with two half of the fuel plates was included in the unit. The power distribution of the fuel was assumed to be uniform with 2.35 × 109 W/m3. The coolant inlet temperature, inlet velocity and the system pressure were 35°C, 4.5 m/s and 152 kPa, respectively. Figure 4 shows the calculation results of coolant outlet temperature and the coolant temperature at the center of the calculation region with different number of grid cells. The calculation results of the coolant outlet temperature change a little with the number of grid cells due to the energy conservation. The coolant temperature at the center of the calculation region changes a little when the number of grid cells exceeds 180,000. Thus, the mesh with a 189,000 grid cells was used in this work and the same meshing method was used for the whole fuel assembly. The cell size was chosen as Δx ≈ 0.23 mm, Δy ≈ 1.1 mm, Δz ≈ 2 mm in the fluid domain and Δx ≈ 0.19 mm, Δy ≈ 2.4 mm, Δz ≈ 3 mm in the solid domain.
[image: Figure 4]FIGURE 4 | Calculation results of cases with different number of grid cells.
RESULTS AND DISCUSSION
Conjugated Heat Transfer of the Assembly
The conjugated heat transfer of the plate-type fuel assembly was carried out. The power distribution of each plate along height direction was assumed to be a cosine distribution as
[image: image]
where qmax is the maximum power density and was set as 3.654 × 109 W/m3, H is the height of the fuel.
Figure 5 shows the temperature distribution of the fuel plates and Figure 6 shows the temperature distribution of the coolant. The maximum temperature appears near the center of the fuel plate due to the non-uniform power density distribution of the fuel. Since the power density is zero, the temperature near the ends of the fuel plate equals to the coolant temperature approximately.
[image: Figure 5]FIGURE 5 | Temperature distribution of the fuel plates (scale: x:z = 1:5).
[image: Figure 6]FIGURE 6 | Temperature distribution of the coolant (scale: x:z = 1:5).
Conjugated Heat Transfer of a Single Unit
In order to reduce the time consuming of the simulation, the conjugated heat transfer of a single unit was investigated in this section. The influence of power density, inlet velocity and channel width on the conjugated heat transfer was investigated.
Influence of Inlet Velocity
Figure 7 shows the coolant outlet temperature, maximum coolant temperature, maximum cladding temperature and maximum fuel temperature with different inlet velocities. The uniform power density of the fuel was 2.35 × 109 W/m3 and the coolant inlet temperature was 35°C. As shown in Figure 7, the temperatures of the coolant, cladding and fuel decrease with the increase of the inlet velocity due to the increase of the coolant mass flux. Within the inlet velocity range of 1.5–7.5 m/s, the maximum coolant temperature was lower than the saturation temperature of the coolant. The fuel plate can keep safe since no local nucleate boiling occurs. The difference between the coolant temperature and the cladding temperature is the smallest with 7.5 m/s inlet velocity due to the enhancement of single phase convective heat transfer at the highest inlet velocity.
[image: Figure 7]FIGURE 7 | Temperatures of coolant, cladding and fuel with different inlet velocities.
With 0.5 m/s inlet velocity, the maximum coolant temperature exceeds the saturation temperature of the coolant, which means the boiling phase change occurs in the flow channel. As shown in Figure 7, the difference between the coolant temperature and the cladding temperature is small with 0.5 m/s inlet velocity. This is because the nucleate boiling occurs and the heat transfer between the coolant and the cladding was enhanced by nucleate boiling. Figure 8 shows the void fraction distribution in the flow channel with 0.5 m/s inlet velocity. As shown in Figure 8, vapor appears near the hot fuel plate. The vapor fraction increases along the flow direction due to the increase of the coolant temperature. The maximum void fraction appears at the leeward of the plate due to the small velocity.
[image: Figure 8]FIGURE 8 | Void fraction distribution with 0.5 m/s inlet velocity (scale: x:z = 1:20).
Influence of Power Density
Figure 9 shows the coolant outlet temperature, maximum coolant temperature, maximum cladding temperature and maximum fuel temperature with the different uniform power density of the fuel. The inlet velocity was 4.5 m/s and the coolant inlet temperature was 35°C. The coolant temperature, the cladding temperature and the fuel temperature increase with the power density as shown in Figure 9. Since the maximum coolant temperature reaches above the saturation temperature with 9.40 × 109 and 11.75 × 109 W/m3 power density, the boiling phase change occurs. As shown in Figure 10, due to the high power density, the void fraction near the fuel plate at the rear of the flow channel was very large, which weaken the heat transfer and lead to higher maximum fuel temperature and higher maximum cladding temperature.
[image: Figure 9]FIGURE 9 | Temperature of coolant, cladding and fuel with different power densities.
[image: Figure 10]FIGURE 10 | Void fraction distribution with 11.75 × 109 W/m3 power density (scale: x:z = 1:20).
The influence of power density distribution on the conjugated heat transfer was numerically investigated. Three kinds of power density distributions along the height direction were used with the total power of the fuel plate maintained, as shown in Figure 11. Figure 12 shows the simulation results of the temperature distribution of the calculation region with qavg = 2.35 × 109 W/m3. As shown in Figure 12, the coolant outlet temperatures were equal for these three cases due to the conservation of energy. The maximum temperature of the cladding and the fuel is the largest for q2 due to the concentrate distribution of the power density. The maximum cladding temperature and the maximum fuel temperature were lower for the uniform distribution of the power density. With the uniform power density distribution, the maximum temperature of the fuel plate appears at the rear due to the increase of the coolant temperature along the flow direction.
[image: Figure 11]FIGURE 11 | Power density distribution along the height direction.
[image: Figure 12]FIGURE 12 | Temperature distribution with different power density distributions (scale: x:z = 1:20).
Influence of Channel Width
The conjugated heat transfer with different channel widths was simulated. In the simulations, the coolant inlet mass flux was maintained. Figure 13 shows the coolant outlet temperature, maximum coolant temperature, maximum cladding temperature and maximum fuel temperature with different channel widths, 1.75, 2.28 and 2.75 mm. Since the coolant inlet mass flux was maintained, the inlet velocities were 5.23, 4.50, and 4.00 m/s for these three cases, respectively. As shown in Figure 13, the coolant outlet temperature does not change with the channel width due to the conservation of energy. The maximum cladding temperature and maximum fuel temperature increase with the channel width. This is because, with the channel width increase, the coolant velocity decreases and the convective heat transfer weakens.
[image: Figure 13]FIGURE 13 | Temperature of coolant, cladding and fuel with different channel widths.
CONCLUSION
The conjugated heat transfer model between the plate-type fuel assembly and the coolant was established in this paper. With the RPI wall boiling model added into the Euler multi-phase flow method, the heat transfer and boiling phase change process in the whole fuel assembly and a single unit of the assembly of the research reactor were simulated. In the model validation, the simulated wall temperature variation, coolant temperature variation and void fraction variation were in good agreement with the experimental results in the literature.
The influence of the coolant inlet velocity, power density and flow channel width on the conjugated heat transfer was numerically investigated. According to the simulation results, the coolant outlet temperature, maximum coolant temperature, maximum cladding temperature and maximum fuel temperature increase with the decrease of the inlet velocity and increase with the increase of the fuel power density. Three kinds of power density along the axial direction were considered in this work. The maximum cladding temperature and the maximum fuel temperature were lower for the uniform distribution of the power density. As for the investigation of the influence of channel width on the conjugated heat transfer, the coolant inlet mass flux was maintained. The maximum cladding temperature and maximum fuel temperature increase with the increase of channel width.
Among the simulation conditions in this work, the boiling phase change occurs with 0.5 m/s inlet velocity under 2.35 × 109 W/m3 power density, 4.5 m/s inlet velocity under 9.4 × 109 W/m3 power density and 4.5 m/s inlet velocity under 11.75 × 109 W/m3 power density. The maximum void fraction appears at the leeward of the plate and the rear of the flow channel near the plate.
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To ensure that fuel rods operate in nuclear reactors safely and reliably, UO2 pellets with different enrichment levels of 235U in the same production line are manufactured in batches and divisionally managed to avoid confusion or the potential misloading of UO2 pellets with different enrichment levels. At the same time, nondestructive tests for their enrichment levels and loading uniformity and all UO2 pellets must be nondestructively tested during production. By studying the enrichment detection mechanism of the UO2 pellets of 235U, the design of an integral standard rod was carried out, and a single integral standard rod was used to achieve the calibration of the enrichment measurement curve, as well as the detection and calibration of abnormal pellets. This study undertook a comparison test of 235U enrichment between the neutron activation method and the array multi-probe passive method. The test results showed that the array multi-probe passive method had higher detection efficiency and equal accuracy.
Keywords: nuclear fuel rods, UO2 pellets, enrichment, neutron activation method, passive method
INTRODUCTION
Nuclear fuel rods (hereinafter referred to as fuel rods) are the energy source and core of nuclear power plant reactors. The main function of fuel rods is to release heat and contain nuclear fission products. Since the nuclear power plants have different reactor types and different refueling batches, the 235U enrichment of the UO2 pellets in the fuel rods may vary. To ensure the safe and reliable operation of nuclear fuel rods in nuclear power plant reactors, the 235U enrichment and charging uniformity of the UO2 pellets inside the fuel rods must conform to relevant design and production requirements. On the production line of a nuclear fuel element production plant, fuel rods with different enrichments are manufactured in batches and undergo very strict differentiated management. It is forbidden to accidentally load UO2 pellets with different enrichments into fuel rods. If the UO2 pellets with different enrichment are misloaded in fuel rods, the axial power distribution of the fuel rods will be uneven, and local hot spots may be generated. In severe cases, the fuel rods may rupture, cause radioactive material leakage, contaminate the coolant, and affect the safety of the reactor operation (Zhang et al., 2013). Therefore, to prevent the potential misloading of UO2 pellets with different enrichment (hereinafter referred to as abnormal pellets) during the fuel rod manufacturing process, and to ensure the safe and reliable operation of fuel rods in nuclear power plant reactors, the UO2 pellets in the fuel rods must be subject to 100% non-destructive inspection of 235U enrichment and charging uniformity (hereinafter referred to as enrichment inspection). Generally, fuel rod enrichment detection methods include the neutron activation method and the passive method. The current fuel element production line mainly uses the neutron activation method. In the 1970s, the first 252Cf thermal neutron detection system, which was designed by the American Alamos Laboratory H.O. Menlove, was used to measure the total content of fissile material in the fuel rods of the light water power reactor. At the end of the 1990s, Chinese researchers also developed a fuel rod neutron activation detection device by using a252Cf neutron source, the source was surrounded by neutron moderators, and utilized a neutron protective material as the outer layer and lead as the gamma-ray shielding material. The transmission device allows the fuel rod to pass through the irradiator at a constant speed. The exit of the irradiator is equipped with a NaI(TI) gamma-ray detector. The gamma rays induced by the fuel rod after neutron irradiation are ten times higher than the spontaneous decay of 235U, which is convenient for checking 235U enrichment (Chen and Liu, 2007). Although the neutron activation method has high detection efficiency, it has disadvantages such as needing to replace neutron sources regularly, and the high cost of detection, maintenance, and management. Although the detection cost of the traditional single-probe passive method is low, the poor detection efficiency leads to difficulty in satisfying the needs of the fuel rod production line. In recent years, with the advancement of sensor technology, fuel rod enrichment inspection based on the array multi-probe passive method has been rapidly developed and attracted widespread attention. The United States NDA and the Zhengzhou branch of China Nuclear Power Engineering Co. Ltd., the Institute of High Energy Physics, the Chinese Academy of Sciences (Liu et al., 2019), and other units have carried out related research.
In this paper, through the analysis and research on the detection mechanism of UO2 pellet 235U enrichment, a comparative experiment of neutron activation method and array multi-probe passive method is carried out. The test results show that the array multi-probe passive method has higher detection accuracy. The high detection efficiency and recognition rate of abnormal pellets can replace the traditional method for fuel rod neutron activation enrichment detection and loading uniformity detection.
THE TEST REQUIREMENTS OF FUEL ROD STRUCTURE AND ENRICHMENT
Fuel Rod Structure
The fuel rod is composed of a cladding tube, UO2 pellets, spring, upper end plug, and lower end plug, as shown in Figure 1. The fuel rod has an outer diameter of 9.5 mm and a length of about 4 m. Each type of fuel rod generally only contains UO2 pellets with the same enrichment. During the fuel rod production process, UO2 pellets have various types of enrichment, such as 1.8, 2.4, 3.1, 4.45, 4.95%, etc. The incident of loading different enrichment UO2 pellets into fuel rods is prohibited during the production process. All fuel rods must be tested 100% for enrichment.
[image: Figure 1]FIGURE 1 | Schematic diagram of fuel rods.
Enrichment Test Requirements

1) It can detect the average enrichment value of UO2 pellet 235U in fuel rods.
2) Abnormal pellets in fuel rods can be detected. For fuel rods mixed with UO2 pellets with a relative enrichment of ± 15.6%, detection confidence can be 95%. For fuel rods mixed with UO2 pellets with relative enrichment of ± 8%, the detection confidence can be 2.5%.
3) The efficiency of enrichment detection should meet the needs of the fuel rod production line.
Enrichment Deviation
The enrichment deviation refers to the percentage difference between the matrix pellets and the abnormal pellets, which is defined as follows:
[image: image]
where:
[image: image]-Relative enrichment deviation, %,
E0-Nominal enrichment value of matrix pellets, %,
Ei-Abnormal pellet enrichment, %,
M0-Matrix pellet enrichment, %,
Mi-Abnormal pellet mass, g.
In general, considering that the diameter of matrix pellets and abnormal pellets are the same, and their density difference is small, the above formula can be rewritten as:
[image: image]
where L0 and Li are the height of matrix pellets and abnormal pellets, respectively. That is, when calculating the deviation of abnormal pellets, the height of pellets should be considered.
PRINCIPLE OF FUEL ROD ENRICHMENT DETECTION
The spontaneous alpha decay of the 235U nuclide in the UO2 pellet is accompanied by 98 and 185.7 keV gamma-ray radiations. gamma rays of 185.7 keV are generally selected as fuel rod enrichment inspection signals. When the fuel rod passes through the γ probe at a constant speed, the signal is collected and processed by measuring the circuit to obtain the distribution γ spectrum of 235U enrichment in the direction of the horizontal axis of the fuel rod. The γ spectrum is analyzed and processed through data analysis and processing. By comparing calibration data of standard rods, the average enrichment value of fuel rods can be obtained and it can be judged whether there are abnormal fuel pellets with different enrichment levels in fuel rods.
EQUIPMENT CALIBRATION OF STANDARD ROD DESIGN AND INSPECTION
Enrichment inspection of the standard rod design is one of the key technologies for checking fuel rods. Usually, a set of reference fuel rods with the same structure and same geometric dimensions but different UO2 pellet enrichment are used to calibrate inspection equipment and make a 235U relationship curve between enrichment and γ-ray intensity. Then calibration curve, rejection limit, supervision limit, and control limit are established to realize the detection of fuel rod enrichment and abnormal pellets.
A standard rod is equipped with a series of UO2 pellets with different enrichments arranged along the axial length. The remaining structure and dimensions are the same as the fuel rod. That is, a certain enrichment (E0) is used as matrix pellets, and the pellets are placed in appropriate positions. Individual pellets are loaded with different enrichment (called abnormal pellets) and then assembled, welded, and the pellet gap is measured according to the fuel rod manufacturing process. Finally, through scanning inspection, the isolated abnormal pellets in these rods are obtained. The γ-ray intensity difference Δγ between abnormal and the matrix pellets is used to obtain the relationship between the relative deviation of pellet enrichment ΔE and γ-ray intensity difference Δγ through one-variable linear regression α. If the curve passes through the origin, the linear relationship between the two variables can be expressed as:
[image: image]
Design requirements are when the deviation of enrichment of abnormal pellets mixed in a fuel rod is ≥ 15.6%, inspection method and inspection equipment should be able to detect these abnormal pellets with a detection efficiency of 95% confidence. The rejection limit Rj exceeding this design requirement is:
[image: image]
where.
Rj-Abolishment limit, Count;
A-The slope of curve;
[image: image]-Enrichment deviation allowed by the technical specification, %;
k-95% 95% confidence factor. When calculating positive deviation, k is -1.96. When calculating negative deviation, k is +1.96; σ-Standard deviation of the measured value.
Any measurement signal that exceeds the rejection limit may indicate that there is an abnormal pellet. In practice, it is allowed to be checked again. If a signal exceeding the rejection limit Rj is repeated, the fuel rod will be judged as a disqualified product (Mou et al., 2010) (He et al., 2008).
Two methods of enrichment standard rods can be used in fuel rod production, multiple standard rods and one-piece standard rods.
Multiple Standard Rods
Multiple standard rods include enrichment measurement standard rods (the same kind of 235U enriched UO2 pellets are packed into a fuel rod to manufacture fuel rods) and abnormal pellet standard rods (the other UO2 pellets with 235U enrichment different from matrix pellets). According to the technical conditions, the fuel rods are made of a mixture of these pellets and matrix pellets, which are used to calibrate the inspection equipment. Taking an 235U enrichment standard 4.45% rod as an example, there are two standard rods, of which one is an enrichment calibration standard rod, and the other one is an abnormal pellet calibration standard rod.
Integral Standard Rod
Integrated standard rod combines the measurement functions of the enrichment calibration standard rod and the abnormal pellet calibration standard rod into one standard rod. Integrated standard rod includes enrichment measurement section and abnormal pellet measurement section. The enrichment measurement section is used to fit and calibrate the enrichment measurement curve. Generally, it should not be less than three calibration points. The abnormal pellet measurement section is used to identify misloaded UO2 pellets. Generally, it should include possible production for pellets with different enrichment, take 235U enrichment 4.45% standard rod as an example, see Figure 2.
[image: Figure 2]FIGURE 2 | Integral enrichment standard rod.
SINGLE PROBE PASSIVE METHOD FUEL ROD ENRICHMENT INSPECTION
The single-probe passive method fuel rod enrichment inspection equipment is relatively simple and low cost. A set of gamma-ray intensity measurement systems only needs an NaI probe, amplifier, single-channel analyzer, and calibrator. First, the standard rod is used to calibrate the γ-ray intensity measurement system. After determining fuel rod enrichment and abnormal pellet rejection limit, fuel rod product enrichment can be checked.
The disadvantage of this equipment is that the inspection efficiency is relatively low and the fuel rod transmission speed is slow. So multi-channel measurement methods are often used, such as an eight-channel single-probe passive fuel rod enrichment inspection system, as shown in Figure 3. However, the inspection efficiency is still relatively low, and it is difficult to satisfy the demand for mass production of fuel rod products in general.
[image: Figure 3]FIGURE 3 | single probe inspection equipment.
THE ENRICHMENT DETECTION OF FUEL RODS BY NEUTRON ACTIVATION METHOD
Basic Principles of Neutron Activation Method
The neutron activation method by using the characteristic of 235U has a large neutron capture cross section for thermal neutrons. 252Cf neutron source irradiation device is attached to the inspection device. The half-life of 252Cf is 2.638 years. The most important nuclear property of 252Cf is that it can release a large number of neutrons in spontaneous fission, and the yield is 2.35 × 1012n/(s.g). Moreover, the average neutron energy of the neutrons is 2.348 MeV. The 235U in UO2 pellet induces nuclear fission reaction under activation of neutron irradiation, the produced fission products are accompanied by a series of beta decays, releasing a large amount of delayed gamma rays, which are ten times higher than gamma rays of 235U spontaneous decay. Several times, by measuring fissile prompt gamma rays and delayed gamma rays, the content of fissionable material in tested material can be determined. 252Cf neutron activation method is currently a commonly used method in fuel rod production lines.
Neutron Activation Inspection System
The fuel rod is irradiated by thermal neutrons to induce strong gamma rays. Delayed gamma intensity is recorded by NaI detector, and the 235U content of each pellet in the fuel rod can be distinguished. The maximum speed of fuel rod inspection can reach 9 m/min. The structure of the device is shown in Figure 4. It is not affected by the age of UO2 pellets. The resolution of abnormal pellets is equivalent to that of passive methods.
[image: Figure 4]FIGURE 4 | Schematic diagram of neutron activation equipment.
Advantages and Disadvantages of Neutron Activation
The advantages of neutron activation detection fuel rod enrichment are fast speed, good resolution, and suitability for pellets of any age. However, it is necessary to select measurement parameters reasonably to optimize detection efficiency. The intensity of the slow emission line released by activated pellets decreases exponentially with time (because the half-life of most fission products is very short). Therefore, the distance between detector and neutron source should be as small as possible. Inevitably, the distance will be limited by the irradiation shielding shell of the device. To obtain the best resolution, the window of the detector collimation hole is set in a range of 15–20 mm. The scanning speed of the fuel rod is closely related to the intensity of the neutron source. Generally, after a half-life (2.638 years), neutron yield decreases significantly. At this time, it is necessary to appropriately reduce the scanning speed of the fuel rod to achieve the detection resolution of abnormal fuel pellets. The main disadvantage of neutron activation is the high cost of equipment, and the need to replace the 252Cf neutron source regularly, high operating costs, and strict radiation protection requirements. Fuel rods that have undergone neutron activation inspections need to be stored for about 50 min before they can be manually transported.
ARRAY MULTI-PROBE PASSIVE ENRICHMENT INSPECTION OF FUEL ROD
The principle of the array multi-probe passive method for fuel rod enrichment inspection is the same as that of the single-probe passive method. It directly collects 185.7 keV gamma rays from the spontaneous alpha decay of 235U nuclide. The difference is that the array multi-probe passive method uses dozens or even hundreds of gamma probes arranged in the horizontal axis. When each UO2 pellet passes through these gamma probes, in turn, the gamma rays released by it will be affected by these gamma probes. The probe accepts, so it can get more γ-rays than single-probe passive method. Therefore, combining the corresponding data analysis algorithm, the array multi-probe passive method can obtain a higher inspection efficiency and recognition rate, as shown in Figure 5.
[image: Figure 5]FIGURE 5 | Array of multi-probe passive devices.
CONTRAST TEST OF ARRAY MULTI-PROBE PASSIVE METHOD AND NEUTRON ACTIVATION METHOD
The 4.45 and 4.95% enrichment standard rods commonly used in production are selected for the test. Test parameters include standard rod transmission speed, collection interval, recognition rate, and other parameters, which are shown in Table 1.
TABLE 1 | Comparative test parameters.
[image: Table 1]4.45% Enrichment Fuel Rod Inspection
4.45% Enrichment Standard Rod
The 4.45% enrichment standard bar information is shown in Table 2, and the structure diagram is shown in Figure 2.
TABLE 2 | 4.45% Enrichment standard rod information.
[image: Table 2]4.45% Enrichment Standard Rod Calibration Data
The array multi-probe passive fuel rod enrichment inspection system uses pellets with different enrichments in standard rods and corresponding average gamma counts to calibrate the inspection system.
The Calibration Curve of 4.45% Standard Pellet
The calibration curve of 4.45% standard pellet is shown in Figure 6
[image: Figure 6]FIGURE 6 | 4.45% Standard rod calibration curve. (A) 4.45% Average enrichment detection curve, (B) 4.45% Abnormal pellet detection curve.
Comparison of 4.45% Standard Rod Passive Enrichment Detection System and Active Enrichment Detection System
A comparison of 4.45% standard rod passive enrichment detection system and active enrichment detection system, the results are shown in Table 3.
TABLE 3 | 4.45% Standard rod calibration comparison.
[image: Table 3]4.95% Enrichment Fuel Rod Inspection
4.95% Enrichment Standard Rod
The 4.95% enrichment standard bar information is shown in Table 4.
TABLE 4 | 4.95% Standard rod calibration comparison.
[image: Table 4]Calibration Data of 4.95% Enrichment Standard Rod
The 4.95% standard rods were verified at speeds of 6.6 and 7.5 m/min, of which 7.5 m/min was used to verify the maximum detection speed of the passive enrichment detection system.
4.95% Standard Rod Calibration Curve
The calibration curve of 4.95% standard bar is shown in Figure 7.
[image: Figure 7]FIGURE 7 | 4.95%Standard rod calibration curve. (A) 4.95% Average enrichment detection curve, (B) 4.95% Abnormal pellet detection curve.
Comparison of 4.95% Standard Rod Passive Enrichment Detection System and Active Enrichment Detection System
Comparison of 4.95% standard rod passive enrichment detection system and active enrichment detection system. The comparison results are shown in Table 4.
Conclusion of Calibration Data Comparison
From the comparison of passive and active calibration data in the above 4.45% Enrichment Fuel Rod Inspection to 4.95% Enrichment Fuel Rod Inspection sections, we can conclude:
1) The correlation coefficient of the average enrichment calibration curve and correlation coefficient of abnormal pellet calibration curve of the passive enrichment detection system are better than those of the active enrichment detection system, indicating that the data linearity of the passive enrichment detection system is better;
2) The detection rate of 8% abnormal pellets is the most critical sensitivity index of this detection system, which characterizes the most precise detection requirements. The passive enrichment detection system, no matter what enrichment standard bar, is 8%. The detection rate of abnormal pellets is far better than the active enrichment detection system, which shows that the passive enrichment detection system is more sensitive to the detection of abnormal pellets.
3) The collection interval of the passive enrichment detection system in Table 1 is 7 mm. The collection interval of the active enrichment detection system is 17 mm. It further proves the high sensitivity of the passive enrichment detection system for abnormal pellet detection.
SYSTEM REPEATABILITY VERIFICATION
The repeatability of the system characterizes the consistency of multiple measurement results of the detection system, and can also be regarded as the stability index of the detection system. Therefore, it is necessary to further verify the project. The repeatability of the system requires repeated measurement of a standard rod 20 times, and the following indicators are calculated for evaluation, shown in Table 5.
TABLE 5 | System repeatability index.
[image: Table 5]Repeatability Verification (20 times Inspections)
The results of the count value of the standard rod (20 times) detected by the passive enrichment detection system are shown in Table 6.
TABLE 6 | 20 Times of repeatable validation data.
[image: Table 6]According to the above table, checking the repeatability of the detection system:
[image: image]
[image: image]
The verification results meet technical requirements.
Repeatability Verification (50 times Inspections)
The count result of the standard rod (50 times) detected by the passive enrichment detection system is shown in Table7.
TABLE 7 | Repeatable validation data of 50 times.
[image: Table 7]According to the above table, checking the repeatability of the detection system:
[image: image]
[image: image]
The verification results meet technical requirements.
Comparison of Repeatability Results
The repeatability of the passive enrichment detection system was compared with the active one, and the results are shown in Table 8.
TABLE 8 | Comparison of repeatability verification.
[image: Table 8]CONCLUSION
The comparison between array-type multi-probe passive enrichment detection system and the active enrichment detection system resulted in the following conclusions:
1) The detection speed of array type multi-probe passive enrichment detection system is not lower than that of the active enrichment detection system.
2) The linear correlation coefficient of the average enrichment detection curve meets technical specifications, and the linear correlation coefficient of the abnormal pellet detection curve meets technical specifications and is better than an active enrichment detection system.
3) The detection rate of 8% abnormal pellets meets technical specifications, and the detection rate of 15.6% abnormal pellets meets technical specifications and is not lower than the detection capability of the active enrichment detection system.
4) The repeatability of the system meets technical specifications and is better than an active enrichment detection system.
5) The array multi-probe passive method has high detection accuracy, detection efficiency, and recognition rate of abnormal pellets, which can replace traditional fuel rod neutron activation methods for enrichment and loading uniformity detection methods.
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Case Geometric conditions Pressure/MPa Inlet velocity/m-s™" Inlet temperature/K Inlet subcooling/K Wall heat

flux/MW.m2
1 1 15 350 100 09
2 1 15 355 95 09
3 Large plate round blisters 1 15 360 9 09
4 1 15 365 85 09
5 1 15 370 80 09
6 1 15 430 23 035
7 1 15 430 23 0.40
8 1 1.5 430 23 045
9 1 15 430 23 050
10 z 1 1.5 430 23 055
4 Small plate pilow biisters ; b bt 5 i
12 1 15 430 23 065
13 1 15 430 23 0.70
14 1 15 430 23 075
15 1 15 430 23 0.80
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Boundary

Operating pressure
Inlet

Outiet
Cladding wall
Blster wall
Side wall

Condition

1 MPa

Velocity inlet

Subcooling: 80 K

Velocity: 1.5 m/s

The volume fraction of liquid s 1
Pressure outlet

Uniform heat flux

1% of the average surface heat flux
Adiabatic





OPS/images/fenrg-09-675494/fenrg-09-675494-g004.gif
o
G0 a5 q0 5 6 5 10 15 2





OPS/images/fenrg-09-676586/fenrg-09-676586-g012.gif
oon]






OPS/images/fenrg-09-675494/inline_11.gif





