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Editorial on the Research Topic 
Static and dynamic performance analysis of structures and materials under complex loads and environmental excitation


The rapid evolution of structural materials and construction methodologies has ushered in a transformative era for civil engineering, driven by the urgent need to achieve carbon neutrality and enhance infrastructure resilience. As societies demand safer, more durable, and environmentally adaptive structures, the imperative to understand the static and dynamic behaviors of materials and systems under complex loads has never been more critical. This Research Topic seeks to address these challenges by consolidating cutting-edge research on the interplay between innovative materials, advanced analytical techniques, and real-world engineering applications. The contributions within this Research Topic reflect a multidisciplinary effort to bridge theoretical insights with practical solutions, offering novel perspectives on structural integrity, damage mitigation, and performance optimization across diverse engineering domains.
The global push toward sustainable infrastructure has catalyzed the adoption of novel materials such as fiber-reinforced composites, high-performance concrete, and smart sensing technologies. However, their integration into large-scale projects necessitates rigorous evaluation under realistic conditions, such as seismic events, typhoon-level wind loads and prolonged environmental degradation. This research emphasizes the dual focus on macro-scale structural resilience and micro-scale material behavior, recognizing that the durability of infrastructures hinges on both the robustness of their components and the adaptability of their design. By exploring interactions between dynamic loads, environmental factors, and material properties, the featured studies collectively advance our capacity to predict, monitor, and enhance structural performance in increasingly volatile climates.
The ten articles published in this Research Topic exemplify the diversity and depth of contemporary research in this field. Ji et al. investigate the cyclic performance of steel-tube-enabled precast column connections, offering a paradigm shift in emulative design for seismic-resistant structures. Their experimental findings underscore the potential of modular construction to balance prefabrication efficiency with seismic durability. Complementing this, Qin et al. delve into fatigue damage mechanisms in plain and steel fiber-reinforced concrete, proposing a microplane model that correlates stiffness degradation with cyclic loading patterns. This work not only refines predictive tools for material fatigue but also provides actionable insights for designing longer-lasting pavements and bridge decks subjected to repetitive vehicular stresses.
Environmental exposure remains a persistent threat to material longevity, particularly in coastal and industrial settings. Li et al. examine the dynamic mechanics of reef limestone concrete during dry-wet carbonation cycles, revealing how microcrack propagation under fluctuating humidity accelerates energy dissipation. Their findings highlight the vulnerability of marine structures to climate-induced degradation, urging the adoption of corrosion-resistant additives in coastal infrastructure. Similarly, Guo et al. explore the flexural behavior of high-performance concrete (HPC) under prolonged alkaline immersion, linking mesoscale fracture mechanisms to the efficacy of alkali-silica reaction (ASR) inhibition measures. These studies collectively advocate for material innovations that harmonize strength with environmental adaptability. The intersection of traditional materials and modern reinforcement techniques is exemplified by Li et al., who demonstrate how carbon fiber-reinforced polymer (CFRP) strengthening can revitalize aging wooden arch bridges. Through experimental and numerical validation, their work provides a blueprint for retrofitting heritage structures without compromising historical aesthetics. Meanwhile, Zhang et al. address a ubiquitous yet understudied issue: the compression behavior of steel angles with bolt-hole defects. By quantifying the load-bearing penalties imposed by localized imperfections, their research informs safer fabrication standards for steel frameworks in high-rise buildings and transmission towers.
Dynamic load modeling and computational mechanics form another pillar of this Research Topic. Jianqiu et al. present a theoretical framework for predicting soil column deformation under impact loads, integrating the Duncan-Chang constitutive model with real-world validation. This approach enhances the accuracy of geotechnical simulations for scenarios such as pile driving or landslide impacts. On the structural health monitoring front, Ying et al. investigate the coupled static-dynamic response of thermally damaged mortar, offering a methodology to assess fire-affected buildings’ residual capacity.
The Research Topic also ventures into granular material science, with He et al. establishing empirical relationships between micro-texture, Vickers hardness, and the polished stone value (PSV) of high-friction aggregates. Their models enable pavement engineers to select skid-resistant materials proactively, reducing accident risks on highways. Lastly, Huang et al. analyze the lateral impact resistance of notched steel tubes, revealing how localized flaws alter energy absorption mechanisms.
Collectively, these studies highlight pivotal advancements in understanding how materials and structures respond to complex challenges, emphasizing the critical need for multiscale analysis that connects atomic-level behavior to large-scale structural performance, the transformative potential of smart technologies like fiber-optic sensing and advanced computational modeling in enabling real-time infrastructure monitoring, and the urgent requirement to align innovation with sustainability goals to ensure new materials and methods support global decarbonization efforts. As climate change accelerates the occurrence and intensity of extreme events, the knowledge generated through this Research Topic equips engineers to develop infrastructure that is not only more robust and intelligent but also inherently adaptable to the unpredictable demands of the 21st century. Looking ahead, challenges persist in standardizing performance metrics for emerging materials, scaling laboratory findings to field applications, and optimizing life-cycle costs for sustainable systems. Future research must prioritize cross-disciplinary collaboration, leveraging advances in artificial intelligence, nanotechnology, and renewable materials to address these gaps. We extend our gratitude to all authors, reviewers, and editors who contributed to this Research Topic, fostering a dialogue that will shape the next-generation of civil engineering solutions.
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In this study, 32 numerical models of CHST columns were established in the ABAQUS program to evaluate the effect of mid-span local defects on the impact resistance of circular hollow steel tube (CHST) columns. The simulation studies were conducted from three aspects: notch length, notch angle, and impact energy. The results showed that under a lateral impact load, the mid-span of the CHST column presented global bending failure patterns accompanied by local indentation deformation in the impact region and local buckling deformation at the bottom of the fixed end. Compared with the mid-span indentation displacement of the non-notch model, when the impact velocities were 30 km/h and 60 km/h, the horizontal notch model surpassed the maximum by 29.3% and 36.3%, the oblique notch model surpassed the maximum by 47.8% and 115.6%, and the vertical notch model only increased by 9.7% and 1.1%. The local damage area and impact force time-history curves of the vertical notch model agreed well with those of the non-notch model. Among the three notch angles, the impact plateau values of the vertical notch model and the global bending displacement in the mid-span were least affected by the notch length, notch location, and impact energy. The energy absorption of the CHST column was mainly due to indentation deformation in the mid-span, and the global bending deformation was auxiliary. Compared with the energy absorption ratio (EAR) of the non-notch model, with increased impact energy, the EAR of the vertical notch model increased by 20.2%, 13.5%, and 17.3% on average. The horizontal and oblique notch models decreased by 28.2%, 61.0%, 42.4%, and 29.1%, 62.7%, and 49.3%, respectively. The Rd of all notch models showed an overall upward trend as the impact energy increased, and the Rd of the horizontal notch model increased the most. According to the parametric analysis results, the dynamic flexural capacity prediction formula of the CHST columns section was obtained, considering the influence of notch length, notch angle, and impact energy within the parameter range of this study.
Keywords: localized corrosion, steel tube, impact, numerical simulation, local indentation displacement
1 INTRODUCTION
Circular steel tubes are widely used in marine, industrial, and large spatial structures such as stadiums, airports, bridges, offshore oil platforms, power towers, communication towers, and billboards. The performance of these structures in corrosive environments is critical to ensure their overall safety and extend their service life. Although anti-corrosion coatings are widely used in existing steel structures, steel components are unavoidably corroded in complex and changeable environments. Depending on the environment in which the structure is located, uniform and localized corrosion of structural members may occur, with uniform corrosion being easier to control. In addition to using anti-corrosion coatings in practical designs, thin-walled steel members can resist corrosion by adding additional thickness; however, localized corrosion is more unpredictable and difficult to perceive (Hu et al., 2014).
Several researchers have conducted a series of studies on the mechanical properties of thin-walled structures in fully corrosive environments. Under the combined action of long-term loading and chloride corrosion, the bearing capacity, stiffness, and ductility of concrete-filled steel tubes (CFST) are reduced to varying degrees (Hou et al., 2013; Han et al., 2014; Li et al., 2015; Hou et al., 2016). The bearing capacity and energy dissipation capacity of CFST are reduced under the corrosive effect of an acid rain environment (Chen et al., 2018; Yuan et al., 2018). In addition, numerous researchers have conducted comprehensive analyses of the mechanical properties of steel members under local corrosion conditions. Localized galvanic coupling corrosion significantly reduces the ultimate strength of steel tubes and changes their buckling direction. Both circumferential and longitudinal corrosion lead to deviations in the centroid of the section, and the influence of circumferential corrosion on the bearing capacity of a steel tube is greater than that of longitudinal corrosion (Wang H. et al., 2020a). To simulate local corrosion, many scholars have used artificial notches in steel members to simulate local region weakening and have proposed corresponding prediction models to calculate the residual strength of members (Jiang and Soares, 2012; Saad-Eldeen et al., 2013; Ahn et al., 2016; Liang et al., 2020). Both local hole-type and crack-type corrosion reduced the load-deformation capacity and ultimate strength of the members, and the mechanical properties of the hole-notch members were superior to those of the crack-notch members. Local buckling after the yield of the notch region primarily caused the failure of the member, and the closure phenomenon occurred in both types of corrosion notches. The double-peak phenomenon of horizontal notch members after the notch is closed is more conducive to the post-buckling behavior of steel tubes (Wang et al., 2020b; Shan et al., 2022).
However, during the normal service period of steel members, it is impossible to avoid low-frequency, frequent, and extremely harmful impact hazards, such as impact loads caused by automobiles, temporary construction facilities, mountain floods, rockfalls, explosions, earthquakes, or coastal steel members hit by ships. Although the duration of the impact load is short, its instantaneous energy is huge, which poses serious safety risks to steel members. Thus far, several scholars have studied and analyzed the impact resistance of hollow steel members. Hou (Hou, 2012) studied the mechanical properties of circular hollow steel tubes and concrete-filled steel tubes under low-velocity lateral impact and concluded that, compared with concrete-filled steel tube members, the plastic deformation area of hollow steel tube members was concentrated in the drop hammer impact area, the mid-span deflection was larger, and the local deformation was more serious. Numerous experimental studies and finite element simulation analyses were conducted under the influence of different parameters, such as impact position, repeated impact, axial preloading, impact velocity, and different section types, and the corresponding impact energy absorption relationship and empirical formulas were proposed in ref. (Zeinoddini et al., 2002; Bambach et al., 2008; Al- et al., 2011; Shan et al., 2023).
The above studies have not considered the impact of the corrosion environment on the impact performance of steel members, and it is unavoidable for steel members to encounter impact-corrosion conditions in practical engineering applications. Literature (Yulin et al., 2022) investigated the transverse impact response of concrete-filled steel tubular columns with localized corrosion and obtained the corresponding bearing capacity formulas by considering the influence of the impact surface, the length and angle of the cracks, etc., but did not consider the influence of steel fracture. However, the local defect region of the steel member is prone to fracture failure under impact loading, which is unfavorable for the impact resistance of the member. Recently, some interesting methods, such as the element-free kp-Ritz method and the numerical Galerkin method, have been developed and used to analyze the progressive damage and fracture failure of structural materials (Yin et al., 2023a; Yin et al., 2023b). Therefore, this study aims to introduce the fracture parameters of steel in a finite element analysis (FEA) based on previous studies and further explore the effects of corrosion orientation, corrosion length, and impact energy on the impact resistance of circular steel tube columns with localized corrosion.
In this study, numerical models of the lateral impact of circular hollow steel tube (CHST) columns are established using the ABAQUS program. A local notch was used to simulate the localized corrosion of the CHST columns. The impact velocity, notch angle, and notch length effects on the impact resistance and dynamic flexural bearing capacity coefficients of CHST columns were investigated. Based on the simulation results, the CHST mid-span stress development process and its overall energy dissipation mechanism were analyzed. The development trend of the mid-span damage paths of various notch models was described. Subsequently, a prediction method was proposed to consider these parameters for the cross-sectional bearing capacity of a locally notched CHST under lateral impact.
2 OVERVIEW OF NUMERICAL SIMULATION
2.1 Model design
The initial CHST model was established using the ABAQUS software. The initial model had a section diameter D = 500 mm, wall thickness t = 16 mm for the steel tube, and length L = 4,000 mm. The ends of the steel tube were equipped with end plates of diameter 600 mm and thickness 25 mm. One end of the tube was provided with a fixed constraint, and the other with a simple support constraint. The drop hammer mass used in the model was 1,500 kg. The impact position was at the mid-span. The designed impact velocities (V) were 30 km/h, 45 km/h, 60 km/h, 75 km/h, and 90 km/h, and the corresponding impact energies (Ei) were 52.1 kJ, 117.2 kJ, 208.3 kJ, 325.5 kJ, and 468.8 kJ, respectively. Based on this initial model, local corrosion was simulated by setting a local penetrating notch at the mid-span of the steel tube. The width of the local notch is 16 mm. The notch model adopted semi-arc transitions at the notch ends. Simultaneously, different notch lengths (500, 375, and 250 mm) and notch angles (0o, 45o, and 90o) are designed to explore the influence of the above parameters on the dynamic response of the circular hollow steel tube under lateral impact. The specific local corrosion parameters and model numbers are listed in Table 1, and the local corrosion locations and overall model are shown in Supplementary Figure S1A,B.
TABLE 1 | Parameters of the CHST model.
[image: Table 1]2.2 Constitutive model of steel
Steel structures or members are subjected to high strain rates under dynamic conditions, such as high-velocity impacts and explosions. To consider the strain rate effect on steel, scholars at home and abroad have proposed strain rate effect models that can be used to predict the dynamic mechanical properties of metallic materials. The commonly used models are the Cowper-Symonds (C-S) and Johnson-Cook (J-C). The steel used in this model was the C350 steel test data provided in (Al- et al., 2011). According to the test results in (Jones, 1997), the Cowper-Symonds model (Eq. 1) with D = 40.4 s−1 and p = 5 was adopted to consider the strain-rate effect of the material. The material performance and failure parameters are listed in Table 2. In the ABAQUS material setup, an ideal elastic-plastic model based on the Von Mises yield criterion was adopted for steel. The density, yield strength, ultimate strength, elastic modulus, and Poisson’s ratio of the steel were 7,850 kg/m3, 455 MPa, 504 MPa, 200 GPa, and 0.3, respectively (Al- et al., 2011).
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Where [image: image] is the dynamic stress; [image: image] is the static stress; [image: image] is the strain rate; D and p are material constants, which can be obtained by fitting the material property test at all levels of strain rate.
TABLE 2 | Material properties of C350 (Al- et al., 2011).
[image: Table 2]2.3 Boundary conditions and loading methods
The ABAQUS finite element analysis (FEA) model is mainly composed of a circular hollow steel tube, a circular end plate, and a simplified drop hammer (impactor), as shown in Supplementary Figure S1C. The impact position was directly above the mid-span of the circular hollow steel tube. Reference points were set for the drop hammer and circular end plates to facilitate the application of the boundary conditions and impact effects. In this case, fixed and simply supported constraints were set as the reference points of the two endplates. The simply supported constraints allow the axial translation (Ux = Uy = 0) and rotational freedom corresponding to the impact direction (URy = URz = 0) of the circular hollow steel tube, whereas for the drop hammer, the translational degrees of freedom in two directions (Ux = Uz = 0) and the rotational degrees of freedom in three directions (URx = URy = URz = 0) are constrained, except for the translation in the impact direction (vertically downward).
In the finite element (FE) model setting, hard contact was used for the normal direction of the contact surface; that is, the pressure was completely transferred when the two contact surfaces were in contact, and the force was not transferred when the two contact surfaces were separated. Solid unit C3D8R was used to simulate the circular hollow steel tube and end plate. The drop hammer ignored the deformation during impact, and the discrete rigid body unit R3D4 was used for the simulation. The mesh size of the model was 40 mm, and it was locally encrypted within 500 mm of the impact position of the drop hammer to improve the model calculation accuracy. From Supplementary Figure S1D,E, it can be seen that the impact force-time history curves of the model with mesh size 40/10 mm (10 mm is the mesh size of the locally encrypted region) have good stability and accuracy through a series of mesh sensitivity checks for the model (K-V60). As can be seen from the comparison Supplementary Figure S1D,E, the model with a 40/10 mm mesh size achieves the best balance between calculation accuracy and efficiency.
2.4 Model verification
To verify the validity and reliability of the numerical simulation method adopted in this study, the drop hammer tests in (Bambach et al., 2008; Zeinoddini et al., 2002) were simulated and analyzed, and the numerical simulation results were compared with the experimental results.
Bambach et al. (2008) tested a square hollow steel tube specimen (No. 50SHS) with an effective length of 700 mm. The mid-span of the specimen was impacted using a drop hammer with a mass of 600 kg at a falling velocity of 6.2 m/s. The density, elastic modulus, engineering yield stress, and Poisson’s ratio of the steel were 7,850 kg/m3, 200,000 N/mm2, 455N/mm2, and 0.3, respectively (Bambach et al., 2008). Table 3 lists the section sizes and material properties of the specimens. Supplementary Figure S2A shows a detailed diagram of the test device and the FE model. This model validation used the progressive damage and failure models available in ABAQUS/Explicit to detect and track the initiation and evolution of damage until the material unit failed completely. The model considers the equivalent plastic strain at damage initiation as the failure initiation criterion. The failure parameters, such as the strain, triaxial stress, and strain rate values used in the FE model at damage initiation, are listed in Table 4 (Al- et al., 2011).
TABLE 3 | Parameters of testing specimens (Bambach et al., 2008).
[image: Table 3]TABLE 4 | Material failure parameters (Al- et al., 2011).
[image: Table 4]Zeinoddini et al. (2002) conducted an experimental study on the lateral impact responses of axially pre-loaded circular steel tubes. Basic information on the specimens is presented in Table 5. In these tests, the steel tubes were pre-loaded to different axial compression levels and then impacted at mid-span with a drop hammer weighing 25.45 kg at a fall velocity of approximately 7 m/s. The test device and finite element validation model are shown in Supplementary Figure S2B. The steel tube is simulated using a 3D shell element, and the endplate and stiffening rib are simulated using a 3D solid element. Because the drop hammer hardly deforms during impact, it is simulated using a rigid shell element. The classical metal plasticity model in ABAQUS/Explicit was adopted for the steel. The density, elastic modulus, yield stress, and Poisson’s ratio of the steel tube were 7,850 kg/m3, 200,000 N/mm2, 516 N/mm2, and 0.3 respectively (Hou, 2012). The contact algorithm between the drop hammer and the steel tube is surface-to-surface contact, and the effective contact surface with high stiffness is defined as the main surface. The normal ‘hard’ contact method and tangential frictionless method are used to define the interaction between the two contact surfaces. The motion contact strengthening method was used in the model, and the contact between the two bodies was detected according to the finite sliding formula. A compressive load was applied in the axial direction of the model using a linear spring. The linear spring in the steel tube model was set according to the steps of the axial force-impact coupling model in (Hou, 2012).
TABLE 5 | Basic information of the specimens (Zeinoddini et al., 2002).
[image: Table 5]The simulation results were compared with the test results. Supplementary Figure S2C–E shows the results of comparing the impact force time-history curve and impact force-displacement curve with overall good agreement. Supplementary Figure S2F accurately simulates the complete tensile tear failure of the specimen at the support. A comparison of the experimental and simulation results shows that the damage initiation and failure criteria of the proposed model are correct when simulating the tensile failure of materials. This indicates that the material constitutive and FE models adopted in this study are reasonable and effective.
3 IMPACT RESISTANCE OF LOCAL NOTCH CHST COLUMNS
3.1 Failure pattern
3.1.1 Comprehensive analysis of non-notch model
All the CHST columns were constrained with fixed simple supports in the finite element simulation. Therefore, under the lateral impact load, the failure of the entire CHST column mainly presented localized indentation and buckling failure, as shown in Supplementary Figure S3A. The plastic hinge area was concentrated in the mid-span drop hammer impact and fixed-end areas, as shown in Supplementary Figure S3B. The upper mid-span surface of the non-notched CHST column exhibited localized indentation at the contact position with the drop hammer.
With an increase in the impact energy, the localized indentation amplitude of the member increased correspondingly, as shown in Supplementary Figure S3C. When the impact velocity was 45 km/h, the mesh on the surface of the CHST model in the impact contact area was deleted, indicating that under the impact velocity, excessive local stress in the indentation area led to element failure, and the surface element lost the ability to sustain the stress. Because of the excessive local deformation of the steel tube at both ends of the impact contact area, the stress was gradually transferred from the outer surface of the steel tube to the interior until the steel in this area completely failed along the thickness direction, resulting in local cracking at an impact velocity of 60 km/h. Additionally, the bottom area of the steel tube near the fixed end began to buckle. When the impact velocity of the drop hammer reached 90 km/h, the steel tube in the mid-span contact area with the impact was completely broken, and the bottom of the steel tube near the fixed end exhibited excessive compressive stress and buckling, eventually leading to compressive fracture failure. Generally, with a gradual increase in impact velocity, the local indentation level of the impact area of the impactor and the buckling amplitude of the fixed-end area increased gradually.
CHST columns with a drop hammer impact velocity of 60 km/h were selected for a comprehensive analysis to understand the stress of the CHST column under lateral impact in detail. Supplementary Figure S3D shows the time-history curves of F/Fm, v/vm, vs/vsm, and u/um of the K-V60 model, where F、v、vs, and u are the impact force, hammer velocity, mid-span velocity, and mid-span deflection of the model respectively, and the symbols with subscript “m” represent the corresponding maximum values.
Three phases are involved in these time-history curves: 1) the ascending phase (from point O to point A): the contact between the drop hammer and the CHST causes the velocity of the CHST to increase rapidly, and when the peak velocity is reached, the velocities of both decrease almost simultaneously. As shown in Supplementary Figure S3F–H, at point A, the contact area between the CHST and drop hammer had a certain extent of indentation, but the global lateral deformation was small. Local damage occurred on the inner and outer surfaces of the steel tube in the impact area, and the middle stress in the direction of the wall thickness of the steel tube in the depression area increased gradually. The impact direction stress generated by the CHST column under the impact of the drop hammer was transferred from the middle of the section to both ends, while a large axial stress also appeared at both ends and the bottom area of the steel tube. 2) Plateau phase (from point A to point B): The drop hammer and CHST column velocities oscillate at small amplitudes and decrease significantly. At point B, the velocities of the model and drop hammer were reduced to zero, the deflection of the CHST column reached its maximum, and the impact force began to decrease. When point B was reached, the internal stress in the impact area of the steel tube spread to the edge of the end, the accumulation of local plastic deformation was too large, and ductile fracture occurred. The impact-direction stress of the section decreased significantly, whereas the axial stress increased, as shown in Supplementary Figure S3F–H. 3) Decline phase (from point B to point C): The deformation of the model begins to recover elasticity. At point C, the impact force decreased to zero, and the model began the free vibration of the rebound process at this phase, with the drop hammer moving away from the model at the final rebound velocity. When point C is reached, local complete fracture occurs at both ends of the section, the stress on both sides of the impact direction increases again with the rebound of the model, and the stress value at both ends of the top of the cross-section of the steel tube in the drop hammer contact area exceeds points A and B. The axial stress in this section was reduced. With increased rebound amplitude, the axial stress in the local fracture area changed from compressive to tensile stress.
As shown in Supplementary Figure S3E, the global energy dissipated by the CHST model (Ep, CHST) no longer increases after point B. Combined with Supplementary Figure S3D and the time-history curve of CHST kinetic energy (Ek, CHST), it can be seen that the impact force of the CHST column is close to the peak point at point A when the impact contact area has a local indentation, the CHST kinetic energy reaches the maximum. Subsequently, the kinetic energies of the drop hammer and CHST column decreased to zero simultaneously, and the bottom steel tube near the fixed end of the CHST column exhibited local indentation in the process of curve decline. The kinetic energy of the CHST column rebound in the BC section was much smaller than that in the OA section, indicating that the kinetic energy of the drop hammer (Ek, drop hammer) was mainly dissipated by the global and local deformations of the steel tube during the entire impact process. In addition, the ALLAE/ALLIE ratio was stable within 5%, indicating that the hourglass technology of the FE calculation results could be controlled, ensuring the reliability of the numerical simulation results.
Supplementary Figure S3I–J shows the time-history curves of the impact force and hourglass ratio for each non-notched model. An increase in the impact energy can increase the peak point of the impact force and the impact duration of the CHST column. However, the impact plateau value did not improve significantly, and the plateau value was basically stable at approximately 1200 kN. Compared with K-V30, the peak impact points of K-V45–K-V90 increased by 23.5%, 29.9%, 29.3%, and 42.5%, respectively, and the impact duration was extended by 6.18%, 28.1%, 47.5%, and 113.1%, respectively, whereas the impact plateau value increased by approximately 18%. In addition, the ALLAE/ALLIE ratio of each CHST column was stable at approximately 5%, which ensured reasonable validity of the material constitutive model and the established FE model. Notably, when the impact energy was large, i.e., K-V90, the proportion of hourglass energy increased, indicating variability in the impact energy on the hourglass energy. This phenomenon has also been pointed out in (Fu et al., 2021); however, the hourglass energy is within 10%, indicating that the calculation process and results are hourglass-controllable and the calculation results are reliable.
The indentation deformation of the model under the impact load reflects its deformation resistance. The residual indentation displacement after the impact rebound was compared to observe the indentation degree of each horizontal notch model. The local notch increased the global deformation, local indentation, and buckling amplitude of the model. With changes in the angle and impact energy, the CHST columns exhibited different failure patterns. Supplementary Figure S3K shows the local residual indentation deformation of the model in the mid-span impact area, where the indentation displacement is the measured value of the indentation in the mid-span section when the CHST model impact force drops to zero. For the non-notch model, with a step-by-step increase in the impact velocity, the mid-span indentation displacement of the model at all levels increased by 52.9%, 33.3%, 31.9%, and 17.3%, respectively, compared to that of the model at lower levels, as shown in Supplementary Figure S3M. In addition, when the impact velocity reached 45 km/h, the growth range of the indentation displacement gradually decreased as the impact velocity increased. This is because when the impact velocity gradually increased to 60 km/h, the steel tube at the bottom area of the fixed end of the model began to buckle outwards, and the buckling amplitude became increasingly evident with a gradual increase in the impact velocity. This indicates that when the impact potential energy in the model was low, the energy was mainly consumed by the deformation of the mid-span indentation. With an increase in the impact potential energy, the local buckling deformation at the bottom of the fixed end began absorbing a part of the impact potential energy. Consequently, the amplitude growth of the mid-span indentations slowed.
3.1.2 Horizontal notch model
Supplementary Figure S4A shows the final failure patterns of the model with a horizontal notch at mid-span. When the impact velocity was 30 km/h, the model with the smallest notch length exhibited local damage on the surface area at both ends of the notch, and the stress distribution in the middle of the notch was small. This indicated that the local deformation at both ends of the notch was large, resulting in excessive stress. However, with an increase in the notch length, the local deformation ability increased, and the local stress at both ends of the notch decreased. With an increase in the impact velocity, a fracture occurred in the impact area of the drop hammer, and the damaged surface started from both ends of the notch and extended to both sides. Through an analysis of the influence of the impact velocity, the horizontal notch model showed local buckling at the bottom of the fixed end only when the impact velocity reached 90 km/h, as shown in Supplementary Figure S4B.
The mid-span indentation displacement of the model with impact velocities of 30 km/h and 60 km/h were compared. Supplementary Figure S4C shows that the notch length had little effect on the degree of indentation; however, increasing the impact velocity increased the mid-span indentation displacement of the model significantly. The global increase range is about 109.8%–117.8%. The global indentation displacements of the three notch models with different lengths were similar because the horizontal notch direction was consistent with the cross-sectional direction of the model. This was beneficial for the elastic recovery of the model after impact within the elastic range. The model with an impact velocity of 30 km/h exhibited no cracking in the notch area during the impact process, whereas the model with an impact velocity of 60 km/h exhibited cracking damage at both ends of the notch during the impact process, and the damage path extended to both sides. Therefore, the indentation degree of each notch length model was essentially the same after the rebound. Compared with the non-notch model, when the impact velocity was increased to 60 km/h, the displacement of the horizontal notch model increased by approximately 4%–16%. Supplementary Figure S4D shows that with an increase in impact velocity, the indentation displacement of the non-notch model increased by 103.8% and 57.7%. However, the mid-span indentation displacements of the notched model with velocities of 30 and 60 km/h were approximately 29.3% and 36.3% higher than those of the non-notched model, respectively.
3.1.3 Oblique notch model
Supplementary Figure S5A shows the damage pattern of the oblique notch model in the local notch area. When the impact energy is low, slight damage or cracking occurs at both ends of the notch. As the notch length increases, the range of local buckling in the impact region increases. The damage depth in the span is proportional to the increase in the impact velocity, and increasing the notch length expands the damage area of the impact area.
The increase in the impact velocity had an obvious influence on the oblique notch model. CHST models with an oblique notch length of 375 mm were used for the analysis. From the perspective of the entire impact process, when the impact velocity was 60 km/h, the impact failure of the oblique notch model exhibited two successive failure paths. Point 1 at the end of the notch appeared to fracture first, and point 2 began to fracture when the crack developed downward to point A. When the impact velocity was 90 km/h, three failure paths successively appeared in the impact damage of the notch model. The fracture began at point 3, and as it descended to point B, point 4 fractured. Until the fracture path developed to point C, the fracture failure also occurred at point 5, as shown in Supplementary Figure S5B. The global failure patterns of a typical model are presented in Supplementary Figure S5C. Similar to the horizontal notch model, local buckling occurred at the bottom of the fixed end of the model when the impact velocity reached 90 km/h; however, the buckling amplitude was smaller than that of the horizontal notch model. This may be because the oblique notch model has multiple failure paths in the mid-span notch region, in which more energy is dissipated and the buckling deformation of the end is reduced. Generally, tensile fractures (points 1 and 3), compressive fractures (points 2, 4, and 5), and local buckling were observed in the oblique notch model.
Supplementary Figure S5D compares the mid-span indentation displacements of the oblique notch model with impact velocities of 30 km/h and 60 km/h. As the notch length and impact velocity increased, the corresponding notch models improved by 183.8%, 172.9%, and 197.3%, respectively. Supplementary Figure S5E compares the indentation displacements between the oblique notch and non-notch models. Compared with the non-notch model, the maximum increases in indentation displacement were 47.8% and 115.6%, respectively. For the oblique notch model with impact velocities of 30 km/h and 60 km/h, with an increase in the notch length, the mid-span indentation displacement of the model increased by approximately 7.6% and 10.2%, respectively, on average. Compared to the horizontal notch model, the oblique notch had a greater influence on the indentation displacement in the model, and the indentation displacement of the model was proportional to the increase in notch length.
3.1.4 Vertical notch model
Supplementary Figure S6A shows the damage patterns in the mid-span impact region of the vertical notch model. The local deformation degree of the model increased gradually with the impact velocity, and a local closure phenomenon appeared in the middle of the notch. In addition, the local deformation of the model is less affected by the notch length. Compared with the horizontal and oblique notch models, the impact damage range and degree of the vertical notch model in local indentation and local buckling deformation were the smallest, and the vertical notch model showed better impact resistance.
In the vertical notch model, when the impact velocity reaches 60 km/h, significant damage begins to appear in the impact area. The CHST models with a vertical notch length of 375 mm (0.75D) were used for the analysis. Considering the entire impact process, when the impact velocity increased to 90 km/h, significant damage occurred in the impact area of the model. The damage patterns and paths are shown in Supplementary Figure S6B. Damage and failure began at point 1 and spread to the surroundings and both sides of the steel tube. Local buckling and fracture failure also occurred at the bottom of the fixed end. The global damage patterns of the model are shown in Supplementary Figure S6C. When the impact velocity was 60 km/h, slight buckling occurred at the end of the model. When the impact velocity reached 90 km/h, obvious local buckling and fracture failure occurred at the bottom of the fixed end, which was much greater than the damage degree of the horizontal and oblique notch models. Compared with the horizontal and oblique notch models, when the impact velocity was small, the global damage degree of the vertical notch model was lighter, showing a relatively better impact resistance performance. With increased impact velocity, the vertical notch model had the smallest mid-span indentation depth, but the most evident buckling damage occurred in the fixed-end area.
Supplementary Figure S6D shows that the notch length has little influence on the mid-span indentation displacement of the overall model. With an increase in the notch length and impact velocity, the corresponding mid-span notch model increased by 96.0%, 88.6%, and 86.1%, respectively. Supplementary Figure S6E shows that for the oblique notch model with impact velocities of 30 km/h and 60 km/h, respectively, the model’s mid-span indentation displacement increased by 3.6% and 1.9% on average with increased notch length, and the maximum increase in the indentation displacement were 9.7% and 1.1% compared with the non-notch model. In general, among the three notch models, the vertical notch model was the least affected by notch length and impact velocity, and the indentation displacement had the smallest variation range. Therefore, the vertical notch model exhibited the best impact resistance performance.
At a given impact velocity (60 km/h), the deformation and damage in the localized region of the mid-span of the model were observed. In Supplementary Figure S6F, the damage areas of the horizontal and oblique notch models rapidly expand with the cracking of the notch ends, while the vertical notch model only shows relatively stable localized damage on both sides of the notch. A simplified diagram of the damaged area in the mid-span region of the model for different notch angles and notch lengths is shown in Supplementary Figure S6G. It can be seen that with the increase of the notch length, the damaged regions of the horizontal notch and vertical notch models were essentially unaffected, while the damaged region of the oblique notch model was more affected, and its damaged region along the longitudinal and transverse directions would gradually be closer to the notch location.
3.2 Impact force time-history curve
The CHST column impact process can be divided into four stages: contact, common movement, peak displacement, rebound, and separation. The drop hammer was placed 5 mm away from the impact area of the CHST column because the drop hammer freefall process was not considered in the FE model. Therefore, the four stages of the entire impact process correspond to the time-history curve of the impact force and mid-span displacement in Supplementary Figure S7A. The stages are divided into an ascending phase corresponding to the common movement stage, a plateau phase corresponding to the peak displacement stage, and a descending phase corresponding to the rebound and separation stages.
In the plateau phase of the impact time-history curve, because the CHST column entered the plastic-hinge energy-dissipation stage, the model’s acceleration was relatively small and stable. The impact force at this stage reflects the dynamic restoring force level of the component and, to a certain extent, the plastic energy dissipation capacity of the model. Therefore, the calculation method for the average impact force after the peak value proposed by Wang (Wang et al., 2014) provides a reasonable estimation of the impact platform value Fp of the CHST column under lateral impact, as shown in Eq. 2.
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Where wo is the global mid-span displacement when the impact force reaches the maximum Fm, um is the global maximum mid-span displacement, and F is the impact force.
Because the impact velocity was relatively small, the impact resistance of the model was less significantly affected by various factors. Therefore, the model with an impact velocity of 60 km/h was selected for comparative analysis. Supplementary Figure S7B shows that the initial damage points of both the horizontal and oblique notch models were located at the notch end, whereas those of the vertical notch models were more similar to those of the non-notch models. Compared with the initial damage time point of the non-notch model, the damage times of the horizontal and oblique notch models were approximately 6.7% and 26.7% earlier, respectively, whereas that of the vertical notch models was approximately 16.7% later. Based on the impact force value corresponding to the initial damage point of the non-notch model, the impact force values corresponding to the initial damage points of the horizontal, oblique, and vertical notch models decreased, and the reduction amplitudes were 16.9%, 28.5%, and 1%, respectively. Compared to the non-notch model, the horizontal and oblique notches increased the shock amplitude of the platform section of the impact force time-history curve, and the presence of the notch slightly prolonged the impact duration.
When the drop hammer acted directly on the notch position, the degree of damage was significantly greater than that in the non-notch model, and the impact duration was slightly longer. Supplementary Figure S7C–E compares the descending section of the impact force time-history curve of the non-notch and mid-span notch models. A notch length of 250 mm (0.5D) was used for analysis. The damaged area of the mid-span horizontal notch model expanded when the curve entered the descending phase, the impact plateau phase decreased significantly, and the oscillation was evident. The end of the plateau phase of the impact force time-history curve of the oblique notch model was recovered; however, the damage area was larger, and the degree of damage was more serious. The damage area of the vertical notch model was close to that of the non-notch model, and the performance of the impact force time-history curve at each stage was stable. Among the three notch angles, the vertical notch model exhibited the highest impact resistance.
Supplementary Figure S7F compares the impact time-history curves of the notch model under different impact velocities. With an increase in impact velocity, the impact plateau of each model increased slightly, but the plateau segment duration and the overall impact duration were significantly extended. Compared to the non-notch model with an impact velocity of 30 km/h, the overall impact duration of the non-notch model increased by 28.1% and 113.1%, and that of the horizontal notch model increased by 2.7%, 37.0%, and 56.6%, respectively. The K-05DH-V90 model exhibited a sharp increase in the impact time-history curve during the impact process. This is because the stress of the steel tube at both ends of the notch in the horizontal notch model increased sharply when in contact with the drop hammer in the face of a high impact velocity, resulting in fracture cracks in the notch area that developed along both sides (i.e., point A). The mid-span deflection of the model was almost constant. The steel tube in the area of the curved contact surface of the drop hammer was then thrust off, and the drop hammer contacted the steel tube only on two sides (i.e., point B). At this point, the mid-span deflection of the model gradually increased. The steel tube in the contact area between the two sides was damaged and destroyed, and the drop hammer continued to fall (point C). Mid-span deflection increased significantly during this time. Until the steel tube in the two-sided contact area was no longer damaged or destroyed, the kinetic energy of the drop hammer decreased (i.e., point D), and the impact force gradually decreased to zero. Similar phenomena also appeared in the impact force time-history curves of models K-75/1DH-V90 and K-05/75/1DO-V90. The fundamental reason is that the steel tube in the drop hammer contact area was damaged prematurely, resulting in the drop hammer being directly in contact with the side steel tube under a large kinetic energy. Then, the impact force time-history curve showed a sharp rise. The K-05DH-V90 model was compared with K-90, as shown in Supplementary Figure S7F. The impact plateau segment of the impact force time-history curve of the model with this phenomenon obviously increased; however, the overall impact duration was shortened to a certain extent, and the corresponding improvement and shortening ranges were approximately 77.3% and 26.5%, respectively.
A comparison of the impact plateau values of each model is shown in Supplementary Figure S3G–I. In general, the notch length did not influence the impact plateau value. When the impact velocity was 30 km/h, the impact plateau value of the model was lower than that of the non-notch model, and the impact plateau values of the oblique and horizontal notch models decreased significantly. With the increase in the impact velocity, the impact plateau value of the model gradually increased with the change in the notch angle (i.e., vertical, oblique, and horizontal). In general, the impact plateau value of the vertical notch model was the least affected by the notch length, notch location, and impact velocity, showing good impact resistance stability, whereas the increase in impact velocity effectively increased the impact plateau value of the horizontal gap model, which corresponds to the sharp rise of the impact force time-history curve in Supplementary Figure S7F.
3.3 Mid-span displacement time-history curve
The mid-span displacement time-history curve of the non-notch model is shown in Supplementary Figure S8A. When the impact velocities were 30 km/h and 45 km/h, the rebound amplitude of the mid-span displacement of the model was not obvious after reaching the peak, showing a wavy curve. As the impact velocity continued to increase, the mid-span displacement time-history curves of the model exhibited an obvious rebound. Overall, with a step-by-step increase in the impact velocity, the increase in the mid-span peak displacement of each stage was 203.0%, 118.1%, 105.6%, and 108.2, respectively. Supplementary Figure S8B shows that the ratios of the local indentation degree to the peak displacement under different impact velocities were 9.3%, 18.5%, 30.2%, 47.1%, and 83.6%. It was again shown that the CHST columns were dominated by global bending and local indentation deformation under lateral impact.
The influence of the notch angle and length on the model mid-span displacement is also different. The effects of changes in the notch angle and length on the mid-span displacement of the model were also different. As shown in Supplementary Figure S8C–E, compared with the non-notch models, when the impact velocity is 30 km/h, the variation ranges of peak displacement in the horizontal, oblique, and vertical notch models are 4.9%, −6.3%, and 12.5%, respectively. When the impact velocity increased to 60 km/h, the horizontal, oblique, and vertical notch models changed by −47.2%, −45.5% and 7.2%, respectively. When the velocity continued to increase to 90 km/h, the changes of peak displacement in the horizontal and oblique notch models were −50.2% and −50.5%, respectively, while that in the mid-span vertical notch model was increased by 32.4%. Therefore, the horizontal and oblique notches reduced the mid-span displacement of the model. Supplementary Figure S8F compares the mid-span displacement time-history curves of the horizontal notch model and the non-notch model when the impact velocity is 60 km/h. Based on the displacement time history curve of the K-05DH-V60 model, with the change in notch length, the change in the amplitude of the peak displacement in the span of the notch model was 15.5%, whereas that of the peak displacement in the non-notch model was 90.3%.
Overall, the global displacement of the vertical notch model with impact velocity of 30 km/h and 60 km/h was close to that of the non-notch model, and the curve trend was consistent with that of the non-notch model. With an increase in the impact velocity, the global displacement of the horizontal and oblique notch models decreased. This may be because the horizontal and oblique notch models exhibited relatively large local deformations or damage in the impact region of the drop hammer, and more impact energy was dissipated during the process of local deformation and damage; therefore, the global displacement of the model was relatively small. However, the degree of local deformation and damage in the impact area of the vertical notch model was smaller than that of the horizontal and oblique notch models, and the impact energy needed to be dissipated by the global bending deformation; therefore, the global displacement of the vertical notch model was increased. Notably, when the impact velocity was 90 km/h, the mid-span displacement curve of the vertical notch model was inconsistent with that of the horizontal and oblique notch models. This is because there was no obvious impact damage in the impact area of the drop hammer. However, the larger impact energy caused the two sides of the mid-span section and the end area to exhibit buckling and fracture, and the global bending range of the model was larger.
3.4 Energy absorption ratio
In this study, the rebound of the drop hammer and other energy losses were ignored, and the energy (Eg) absorbed by the global bending deformation of the CHST column was defined as the area surrounded by the impact force-displacement curve obtained by the drop hammer impact. The instantaneous kinetic energy before the impact of the drop hammer was adopted as the impact energy of the whole system, that is Ei = 0.5mv2. A typical impact force-global bending displacement curve for the CHST column is shown in Supplementary Figure S8G. Thus, the energy absorption ratio (EAR) of the global deformation of the model can be obtained as EAR = Eg/Ei. The impact resistance of the CHST column under a lateral impact load was evaluated based on the variation in the EAR of each model. Supplementary Figure S8H shows the displacement nephogram of the impact direction of the drop hammer and the global bending displacement picking position at the mid-span for the K-V30 and K-05DH-V90 models. The model EAR calculated from the top and bottom points of the mid-span section corresponding to the impact force-global bending displacement curve were compared. In Supplementary Figure S8I, the EAR calculated using the impact force-global bending displacement curve corresponding to the peak points on the top and bottom surfaces are significantly different. With an increase in the impact energy, the pick points of the top and bottom surfaces increased by 3.0%, 2.5%, 1.9%, and 1.7%, and 164.9%, 59.1%, 39.6%, and 35.1%, respectively, compared with those of the upper model. Overall, with an increase in the impact energy, the increasing trend was approximately linear, but the rate of increase gradually decreased. The EAR calculated at the top picking point was in the range of 88.5%–96.7%, while the EAR calculated at the bottom picking point was in the range of 5.5%–43.3%. The reason for the obvious difference in the EAR between the two is that when the model impact energy was low, its global bending displacement was much smaller than that of the local indentation displacement at the mid-span. In this case, the impact energy was mainly absorbed by the mid-span local deformation, whereas the energy absorbed by the global deformation of the model was very small. With an increase in impact energy, the growth rate of the global bending displacement of the model was greater than that of the local deformation; therefore, the corresponding growth rate of the bottom points was larger.
Notably, the linear rise of the impact force at the beginning of the impact in Supplementary Figure S8G occurs because the impact force increases too rapidly at the same time, while the displacement increment at the bottom is too small; therefore, a linear rise occurs at the beginning of the impact force-global bending displacement curve. In addition, a negative increase in displacement occurs after the straight upward section because the peak point is at the bottom. At the moment of the impact of the drop hammer, there was no support inside the steel tube. Under inertia, the bottom steel tube moved in the direction opposite to the impact of the drop hammer; however, the movement duration was very short.
The bottom point of the FE model is the energy absorbed by the global deformation of the model, whereas the top point contains the local and global deformations in the span. Therefore, the impact force-global bending displacement curve corresponding to the top surface point better reflects the absorption of the impact energy of the entire model. Supplementary Figure S8J shows the proportion of energy absorbed by the global and local indentation deformations in each non-notched model. With an increase in impact energy, the energy absorbed by the local indentation (top surface point) gradually decreased, whereas the energy absorbed by the global deformation (bottom surface point) gradually increased. However, the distribution of the two ratios indicated that the global impact energy of the CHST column was mainly absorbed by the local indentation deformation in the mid-span under the action of lateral impact. It is worth noting that Supplementary Figure S8H shows that the mid-span horizontal notch model is prone to local failure when the impact energy is large, resulting in the inability to obtain the top point of the mid-span cross-section to observe its energy absorption. Therefore, the impact force-global bending displacement curve corresponding to the bottom point of the notch model was used to analyze the influence of different notch lengths and notch angles on the global EAR of the model.
Supplementary Figure S8K shows that the EAR of the mid-span notch model is proportional to the improvement in impact energy, whereas the notch length has little effect on the EAR of the FE model. The vertical notch increased the EAR of the model, whereas the horizontal and oblique notches significantly decreased it. Compared with the EAR of the non-notch model, the EAR of the vertical notch model at the three impact velocities (30 km/h, 60 km/h, 90 km/h) increased by 20.2%, 13.5%, and 17.3%, respectively, whereas the EAR of the horizontal notch and oblique notch models decreased by 28.2%, 61.0%, 42.4%, and 29.1%, 62.7%, and 49.3%, respectively. Among the three notch angles, the vertical notch was beneficial for EAR improvement, whereas the oblique notch was the most unfavorable.
In general, the EAR was proportional to the increase in impact energy, and the impact energy of the model was absorbed by the local indentation deformation and global bending deformation in the span. With an increase in the impact energy, the energy absorbed by the mid-span local indentation deformation decreased gradually, and the energy absorbed by the global bending deformation increased gradually. However, most of the impact energy was absorbed mainly by the mid-span local indentation deformation.
3.5 Comparison of dynamic flexural capacity of section
To analyze the influence of various parameters on the dynamic flexural capacity of CHST columns, the simplified formula of the dynamic flexural capacity (Mcr) of the notch model under the action of mid-span lateral impact is defined as follows:
[image: image]
where Mcr is the bending moment corresponding to the maximum value of the global mid-span bending displacement of the notched model, and Mu is the bending moment corresponding to the maximum value of the mid-span global bending displacement of the non-notched model. The specific data of both are obtained from the FEA results.
Rd is the influence coefficient of the dynamic bending capacity of the model, which can also be regarded as the ratio of the maximum mid-span global bending displacement corresponding to the bending moment value (Mcr) of the notch model to the maximum mid-span global bending displacement corresponding to the bending moment (Mu) of the non-notch model, which is related to the notch length, notch angle, and impact velocity.
Supplementary Figure S9A–C shows the ratio of the dynamic bending capacity between each notch model and the non-notch model. It can be observed from the figure that when the impact velocity is low, the Rd variation trend of the notch model is inversely proportional to the increase in the notch length. With the change of notch angle (H, O, V), when the impact velocity is 30 km/h, the maximum change amplitude of model Rd is −36.5%, −11.5%, and −19.2%, respectively. With increased impact velocity, the Rd of each notch model improved overall. Because Rd is an artificially defined practical calculation factor, its local variation trend may not be monotonous. As shown in Supplementary Figure S9C, an increase in the impact velocity brings greater impact energy to the model, which causes more local damage to the impact region. When the strain rate of the material increased after the impact, the dynamic flexural capacity of the model increased without damage. However, owing to the damage to the material and the existence of a local notch, the local mesh of the model has a certain variability under a large impact energy, which leads to large fluctuations and a certain discreteness of the data. In general, with an increase in the impact velocity, the Rd of the horizontal notch model increased significantly, whereas the Rd of the oblique and vertical notch models increased slightly.
4 DYNAMIC FLEXURAL CAPACITY OF SECTION
CHST columns are mainly characterized by local indentation and global bending deformation under lateral impact loads, and the appearance of local notches affects the failure pattern and failure degree of the model. An important index for measuring the impact resistance of CHST columns is the influence coefficient Rd of the dynamic bending capacity of CHST columns under an impact load. The dynamic bending strength of the model section can then be calculated. Based on a large number of FE results, this study selected the key factors affecting Rd in the FEA results, including the notch length (lc), notch angle ([image: image]), and impact energy (Ei). Through regression analysis, a practical calculation formula for the influence coefficient Rd of the dynamic flexural bearing capacity of the CHST column section was obtained, as shown in Eq. 4.
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The units and range of application of parameters of the practical calculation formula are shown in Table 6.
TABLE 6 | Application range of practical formula of Rd.
[image: Table 6]Supplementary Figure S9D–E compare the FEA values of Rd and Mcr for each notch model with the values predicted by the simplified formula. The relative error between the two results is less than 10%, which indicates that the fitting formula is in good agreement with the influence coefficient of the FE dynamic bending capacity, and the fitting accuracy is high.
5 CONCLUSION
In this study, the localized corrosion of a CHST was simulated by a localized penetrating notch through a series of numerical simulations. The lateral impact responses of the CHST columns were simulated using different impact energies, notch lengths, and notch angles. The following conclusions were drawn.
(1) The CHST column exhibited global bending failure under a mid-span lateral impact load, accompanied by local indentation deformation in the impact area and local buckling deformation at the bottom of the fixed end. The global and local deformation amplitudes of the model were proportional to the increase in the impact energy. Compared with the non-notch model, the horizontal notch model had a relatively stable increase in mid-span indentation displacement at impact velocities of 30 km/h and 60 km/h, with average increases of 29.3% and 36.3%, respectively. For the oblique and vertical notch models, the displacement of the mid-span indentation increased slightly with increased notch length at impact velocities of 30 km/h and 60 km/h. In this case, the maximum increase of the oblique notch model was approximately 47.8% and 115.6%, and the vertical notch model was approximately 9.7% and 1.1%, respectively. The mid-span indentation displacements of the horizontal and vertical notch models were less.
(2) The impact force time-history curve of the entire process of the CHST column can be divided into three phases: the ascending, plateau, and decline phases; the end of the plateau phase of the curve corresponds to the peak point of the mid-span displacement curve. Compared to the non-notch model, the horizontal and oblique notches increased the amplitude of oscillations in the plateau section of the impact force time-history curve, and the existence of a notch slightly prolonged the impact duration. The local damage area and impact time history curves of the vertical notch model were more consistent with those of the non-notched model, and increasing the impact energy and decreasing the notch angle increased the impact plateau value of the model gradually. Among the three notch angles, the impact plateau value of the vertical notch model and the global bending displacement in the mid-span were the least affected by the notch length and impact energy.
(3) The EAR of the model was proportional to the increase in impact energy, and the energy absorbed by the local indentation in the mid-span was significantly greater than the energy absorbed by global bending. Compared to the non-notch model EAR, at 30 km/h, 60 km/h and 90 km/h, the vertical notch model EAR increased by 20.2%, 13.5%, and 17.3% on average, whereas the horizontal notch model EAR decreased by 28.2%, 61.0%, and 42.4%, and the oblique notch model EAR decreased by 29.1%, 62.7%, and 49.3%, respectively.
(4) When the impact energy was low, the variation trend of the notch model Rd was inversely proportional to the increase in notch length. When the impact velocity is 30 km/h, the Rd of each notch model changes with the notch angles (H, O, and V), and the maximum variation range of Rd is −36.5%, −11.5%, and −19.2%, respectively; however, with the increase of impact velocity, the Rd of each notch model showed an overall upward trend, and the Rd of horizontal notch model increased the most.
(5) Based on the results of the parametric analysis, a prediction formula for the dynamic bending capacity of the CHST column section considering the influences of the notch length, notch angle, and impact energy was proposed by regression analysis, which is in good agreement with the numerical results.
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Experimental analysis and modeling of micro-texture and vickers hardness impact on polished stone value in high-friction aggregates
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This article intends to study the influence of micro-texture and Vickers hardness on the Polished Stone Value (PSV) of four types of high friction aggregates (90# Bauxite, 75# Bauxite, Basalt, and Granite) during the long-term polishing process. For this purpose, profile roughness, Vickers hardness, and PSV were tested. The relationship between profile roughness, Vickers hardness, and PSV was analyzed with gray correlation analysis and mathematical fitting. The results show that arithmetic mean roughness (Ra) and maximum height (Rz) influenced PSV significantly while root mean square height (Rq), skewness (Rsk), kurtosis (Rku), and load length ratio (Rmr (c)) had a relatively weak effect. Because of the high correlation with PSV, Ra and Rz were chosen as indicators, and the relationship between variables (Ra, Rz) and PSV was established. There is a good linear relationship between the attenuation rate of Ra and Rz per polishing cycle (K1 and K2) and Vickers hardness. Finally, a model of estimation of the polished stone value of high friction aggregate based on micro-texture and Vickers hardness during the long-term polishing process is developed. Measuring the profile roughness and Vickers hardness to obtain Ra, Rz, and H correlation values and substituting them into the modeling equations in this paper can be used for optimal selection and life estimation of high friction aggregates, which belong to the raw materials, and the optimal selection of high friction aggregates will be helpful for the design of wear-resistant coatings, especially for high friction surface treatments.
Keywords: wearing course, aggregates, micro-texture, vickers hardness, polished stone
1 INTRODUCTION
Wearing course is the top layer of pavement. The surface texture of the wearing course is the key factor affecting the skid resistance of the pavement which is essential to traffic safety (Pranjić et al., 2020; Zhu et al., 2022). Therefore, optimization of surface texture characteristics which have a significant influence on pavement friction is an effective method to increase traffic safety and reduce crashes (Leng et al., 2023). Pavement texture is typically broken up into categories of micro-texture, macro-texture, and mega-texture which are based on wavelength and vertical amplitude characteristics (ISO, 2019). The definitions of the texture categories have been proposed by the Committee on Surface Characteristics of the World Road Association as follows (Henry, 2000). Macro-texture is texture in a pavement with a wavelength ranging from 0.5 to 50 mm. Micro-texture is texture in a pavement with a wavelength ranging from 1 μm to 1 mm. As many previous researches reported, the micro-texture of pavement surface is more important and plays a decisive role in the long-term performance of skid resistance (Gardziejczyk and Wasilewska, 2016; Chen et al., 2020; Jiang et al., 2020; Guo et al., 2021).
Aggregate is the main component of asphalt concrete and an important part of pavement. The micro-texture of aggregate surface has attracted much attention and lots of research has been done. Ge et al. found a certain regularity between aggregate surface texture and wear attenuation (Ge et al., 2018). Ergin et al. analyzed the relationship between aggregate micro-texture and pavement skid resistance (Ergin et al., 2020). Kane reported that there is a close relationship between the mineral composition of aggregates and their anti-slip properties when used in pavements (Kane and Edmondson, 2020). According to previous research results, there is a significant correlation between micro-texture and surface friction (Chen et al., 2022). However, few studies reported the relationship between micro-texture change and surface friction during the long-term polishing process. Hardness is the relative resistance of an aggregate to deformation, and it may have a relationship with surface texture characteristics change during the polishing process (Zong et al., 2021). In summary, up to now the existence of the relationship between aggregate surface texture and skid resistance is more qualitative and lacks quantitative studies as well as accurate model derivation. Secondly, many studies only focus on the parameters related to surface texture, without considering the effect of hardness, so if the PSV of high friction aggregates in the case of long-term polishing is combined with surface friction and Vickers hardness, it will be conducive to the theoretical development of the relevant direction of high friction aggregates.
Polished Stone Value (PSV) is used to evaluate the skid resistance of aggregate. The higher the PSV, the better the skid resistance of aggregate (Descantes and Hamard, 2015). With the passage of time, the surface texture of the aggregate in the wear-resistant layer of the pavement is susceptible to abrasion by round-trip traffic, resulting in a gradual reduction of the skid resistance to an equilibrium value. In addition to the polished stone value (PSV), a number of methods have been used to determine the polishing properties of aggregates, such as the petrography counting approach, mechanical polishing test methods, and image analysis techniques. However, PSV is more widely used, and the polishing resistance of coarse aggregates used for pavements is usually quantified by the Polished Stone Value (PSV) uniform test method in Europe (Slimane et al., 2008; Huang, 2010; Descantes and Hamard, 2015). Profile roughness is often used to describe surface texture (Praticò and Astolfi, 2017). The Vickers test is a suitable method that could quantify the hardness of aggregates and is more convenient to use than other hardness tests (Liu et al., 2020). Therefore, this article explores the influence of profile roughness and Vickers hardness on the Polished Stone Value (PSV) of four high-friction aggregates (90# Bauxite, 75# Bauxite, Basalt, and Granite) during different polishing cycles. It investigates the relationship between profile roughness, Vickers hardness, and PSV, using gray correlation analysis and mathematical fitting methods to understand their impact patterns. Ultimately, it establishes a model to estimate the Polished Stone Value of high-friction aggregates.
2 MATERIALS AND METHODS
2.1 Raw materials
Bauxite, granite, and basalt with the size of 9.5/13.2 mm were used to study the surface morphology, hardness, and anti-polishing in this study. Bauxite is was provided by Yangquan Co., Ltd. According to the dosage of Al2O3, there are two kinds of bauxite which are 90# and 75#, respectively. Chemical compositions of four kinds of aggregates are shown in Table 1 and their physical properties are shown in Table 2.
TABLE 1 | Chemical composition of aggregates (%).
[image: Table 1]TABLE 2 | Physical properties of aggregates.
[image: Table 2]2.2 Experimental method
2.2.1 PSV test
The PSV test was carried out with an Accelerated Polishing Machine according to the literature (Guan et al., 2018). Four types of PSV specimens are shown in Figure 1. The polishing velocity was 320 ± 5 r/min and the load was 725 ± 10N. Then 40000, 80000, 120000,160000, and 200000 cycles of polishing with emery flour were followed. The specimen polish degree was measured by a British Pendulum device. Each test group was repeated six times to acquire the reliable value of PSV.
[image: Figure 1]FIGURE 1 | Four types of PSV specimens.
2.2.2 Profile roughness measurement
In this experiment, the micro-texture profile was observed by a 3D color laser microscope which was produced by Keyence Inc. The scanning range was 500 × 700μm, scanning resolution was 0.01 µm. Five stone surfaces of each specimen were obtained to reduce acquisition error. Besides, each stone has been tested three times in an attempt to improve the accuracy of the data and avoid excessive discretization results. Figure 2 illustrates microscopy and its 3D profile of four aggregates. The 3D surface topography images illustrate that 90# bauxite and granite have excellent surface microstructure; the micro-roughness of basalt shows poorly. Although the 75# bauxite looks more flat under the microscope, it still has a lot of small and dense micro-texture.
[image: Figure 2]FIGURE 2 | Four aggregates under laser microscopy and its 3D profile (A) 90#Bauxite (B) 75#Bauxite (C) Basalt (D) Granite.
In order to measure the degree of change in the microscopic texture of aggregate, there are a total of six typical roughness parameters being chosen as indicators. The profile roughness parameters are obtained by VK-Analyzer software of a 3D color laser microscope. The six profile roughness parameters include arithmetic mean roughness (Ra), maximum height (Rz), root mean square height (Rq), skewness (Rsk), kurtosis (Rku), and load length ratio (Rmr (c)), as shown in Table 3.
1) Arithmetic mean roughness (Ra) indicates the average of the absolute height value along the reference length. Ra calculation determines the absolute value of the height difference between the reference surface and the measured surface, and then calculates the average of the distance between each dot on the roughness curve surface and the reference surface, which is illustrated in Figure 3.
[image: image]
2) Maximum height (Rz) indicates the absolute vertical distance between the highest peak and the deepest valley along the reference length, which is illustrated in Figure 4.
[image: image]
3) Root mean square height (Rq) indicates the root mean square along the reference length, which is illustrated in Figure 5.
[image: image]
4) Skewness (Rsk) uses the cube of the root mean square height to display the dimensionless cube of the reference length Z(x), which represents the degree of symmetry of the surface heights about the mean plane.
[image: image]
5) Kurtosis (Rku) uses the fourth power of the root mean square height to display the dimensionless fourth power of the reference length Z(x), which describes the kurtosis and steepness of texture, it indicates the nature of the height distribution.
[image: image]
6) Load length ratio (Rmr (c)) shows the ratio of the load length Mr (c) of profile curve elements to the evaluation length at cut level c (height in % or μm), which is illustrated in Figure 6.
[image: image]
[image: Figure 3]FIGURE 3 | Illustration of Ra.
[image: Figure 4]FIGURE 4 | Illustration of Rz.
[image: Figure 5]FIGURE 5 | Illustration of Rq.
[image: Figure 6]FIGURE 6 | Illustration of Rmr(c).
TABLE 3 | Roughness parameters.
[image: Table 3]2.2.3 Vickers hardness test
The Vickers hardness test was carried out according to ASTM E92-2016 (ASTM E92-2016, 2023). Tests with Vickers hardness testers manufactured by Mega (Suzhou) Co., Ltd. The Vickers hardness is obtained by Eq. 7.
[image: image]
Where H is Vickers hardness (Hv), F is the force applied to the diamond (kgf), d is the average length of the diagonal left by the indenter (mm).
2.3 Methodology of gray correlation analysis
Gray correlation analysis is one of the most widely used models of Grey system theory (Dews and Bishop, 2007). Gray correlation analysis has been used in many fields such as engineering, financial, physical, etc (Deng, 1989; Zhu et al., 2021; Cao et al., 2022; Gosavi and Jaybhaye, 2023). Grey correlation analysis is a suitable mathematical method for researching the correlation with each factor (Li et al., 2023). The polishing process of aggregate is complex, and profile roughness parameters are multiple and interdependent (Wang et al., 2017). The Gray correlation coefficient was adopted to describe the correlation degree between the profile roughness parameters and PSV. A higher gray correlation coefficient shows good corresponding to a correlation degree. The calculation of the Gray correlation coefficient is generally divided into the following four steps:
(1) With the intention of evaluating the significance of each factor, PSV was extracted to determine the reference sequence, X0(k). In addition, the other parameters (Ra, Rq, Rz, Rsk, Rku, Rmr(c)) which were selected on the basis of original data, were specified as comparison sequence, Xi(k); where k = 1,2,3 … … , m.
(2) To eliminate the effect of differences in data between the reference sequence and comparison sequences, the dimensionless treatment of initial values was normalized by Eq. 8.
[image: image]
(3) In order to obtain the maximum absolute difference and the minimum absolute difference, Eqs 9, 10 could be used to calculate for each sequence. Afterwards, the gray correlation coefficient ξ was calculated by Eq. 11.
[image: image]
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[image: image]
Where, ρ is the distinguishing coefficient (0<ρ < 1); ρ = 0.5.
(4) In accordance with the results above, the average value of the correlation coefficient Ri could be calculated by Eq. 12:
[image: image]
3 RESULTS AND DISCUSSIONS
3.1 The correlation degree between the profile roughness parameters and PSV
Profile roughness parameters and PSV of four types of aggregates during different polishing cycles are illustrated in Table 3. The gray correlation coefficient is calculated in four steps. At first, the original data of each factor including Ra, Rq, Rz, Rsk, Rku, and PSV was summarized in Table 4. Then, the initial value is normalized after dimensionless processing, and the results are shown in Table 5. The absolute difference between X0 and Xi was obtained and shown in Table 6. Thirdly, the minimum differential and maximum differential are also calculated and shown in Table 7. After these steps, the correlation coefficient [image: image] of each factor are obtained and shown in Table 8. Finally, the grey correlation degree (Ri) is shown in Table 9, and the correlation degree between PSV and profile roughness parameters is evaluated.
TABLE 4 | Original data of each factor.
[image: Table 4]TABLE 5 | Data Initialization for each factor.
[image: Table 5]TABLE 6 | The absolute differential value of X0 with Xi.
[image: Table 6]TABLE 7 | The minimum and the maximum differential value of X0 with Xi.
[image: Table 7]TABLE 8 | The correlation coefficient [image: image] of each factor.
[image: Table 8]TABLE 9 | The grey correlation degree between roughness parameters and PSV.
[image: Table 9]Table 4 shows that the change rule of four kinds of aggregates is basically the same. As the polishing time increases, the values of PSV, Ra, and Rz decrease, which proves that the changes of these two parameters (Ra, Rz) have a certain correlation with PSV.
According to the results of gray correlation analysis in Table 9, the sequence of six factors is Ra > Rz > Rku > Rmr(c)> Rq > Rs. Ra has the maximum correlation degree with PSV (R1 = 0.929). The correlation degree of Rz is the second largest indicator. The decreasing tendency of the values Ra and Rz could well represent the decay trend of PSV. The value of PSV increased with the increase of Ra and Rz. It indicates that high arithmetic mean roughness and maximum height of the surface is beneficial to the PSV of aggregates. Polishing cycles have a great effect on the PSV of aggregates. With the increase in polishing cycles, the value of Ra, Rz, and Rq decreased. The micro-texture of the surface is destroyed and friction decreases significantly.
The link between roughness parameters and PSV is multiple and difficult to characterize due to such numerous profile roughness parameters. Therefore, fewer parameters need to be selected depending on the correlation degrees between profile roughness parameters and PSV. Moreover, the result of gray correlation entropy indicates that it is difficult to describe the relationship between micro-texture and the polishing resistance of aggregates using only a single parameter. It requires several parameters together to characterize the micro-texture of the surface for describing the relationship between micro-texture and the polishing resistance of aggregates. Because of the high correlation with PSV, Ra, and Rz are chosen as the main indicators.
3.2 Deriving the link between profile roughness parameters and PSV
The relationship between these variables (Ra and Rz) and PSV were analyzed with mathematical fitting by origin 8.0, and the independent variables of the multivariate regression model were established in three variables called Ra and Rz, which is presented as Eq. 13. The correlation coefficient of determination R2 = 0.912. The results of the F-Test are shown in Table 10. Based on the analysis the following model was obtained (F theoretical << F observed) relating PSV with Ra and Rz. Results of the t-Test are summarized in Table 11. All p-values are less than 0.01. F-tests and t-tests are conventional methods of accuracy testing, and their results point to a high degree of accuracy of the model. Therefore, it can be concluded that the relationship between PSV and independent variables is linear for all models.
[image: image]
TABLE 10 | Model F-test results.
[image: Table 10]TABLE 11 | t-Test Results.
[image: Table 11]3.3 Deriving the link between profile roughness parameters and vickers hardness
3.3.1 Correlation analysis between Ra and vickers hardness
Figure 7 shows the good linear relationship between Ra and polishing cycles. The relationship between Ra and polishing cycles can be described by Eq. 14.
[image: image]
[image: Figure 7]FIGURE 7 | Correlation between Ra and polishing cycles.
Where Ra is arithmetic mean roughness (μm), n is polishing cycles (times), Rai is the initial value of Ra (μm), and K1 is the attenuation rate of Ra per polishing cycle (um/times).
There is a certain relationship between K1 and Vickers Hardness. The correlations between K1 and Vickers hardness are shown in Figure 8. From Figure 8, it can be seen that the correlation coefficient of the linear fitted equation is 0.9423, which shows the good correlation between K1 and Vickers hardness. Thus, K1 can be obtained by Eq. 15.
[image: image]
[image: Figure 8]FIGURE 8 | Correlation between K1 and vickers hardness.
Where H is Vickers hardness of aggregate (Hv).
With Eqs 14, 15, Ra can be determined through Eq. 16
[image: image]
3.3.2 Correlation analysis between Rz and vickers hardness
Figure 9 shows the good linear relationship between Rz and polishing cycles. The relationship between Rz and polishing cycles can be described by Eq. 17.
[image: image]
[image: Figure 9]FIGURE 9 | Correlation between Rz and polishing cycles.
Where Rz is maximum height (μm), n is polishing cycles (times), Rai is the initial value of Rz (μm), and K2 is the attenuation rate of Rz per polishing cycle (μm/times).
There is a certain relationship between K2 and Vickers Hardness. The correlations between K2 and Vickers Hardness are shown in Figure 10. From Figure 10, it can be seen that the correlation coefficient of the linear fitted equation is 0.917, which shows the good correlation between K2 and Vickers hardness. Thus, K2 can be obtained by Eq. 18.
[image: image]
Where H is Vickers hardness of aggregate (Hv).
[image: Figure 10]FIGURE 10 | Correlation between K2 and vickers hardness.
With Eq. 17 and Eq. 18 Rz can be determined through Eq. 19:
[image: image]
In the above mathematical derivation procedure from Eq. 14–19, it is easy to find that the absolute value of K1 and K2 decreased with the increase of Vickers Hardness. It indicates that the high Vickers hardness of aggregates can stabilize the micro-texture of aggregates and retard the frictional attenuation during the long-term polishing process.
3.4 Deriving the link between roughness parameters, vickers hardness, and PSV
From Eqs 13–19, the link between surface profile roughness, hardness, and PSV can be obtained as follows:
[image: image]
Where Rai, Rzi, and H are the basic parameters, which can be obtained by profile roughness measurement and Vickers hardness test. According to these test results, the basic parameters of Bauxite, Basalt, and Granite are shown in Table 12.
TABLE 12 | Basic parameters in calculation model.
[image: Table 12]The proposal indicators in the regression could well instruct the selection of high friction aggregates so that a practical method that could improve the ability of pavement skid resistance is obviously reported in the further study. Aggregate friction life also can be predicted by this regression, which may contribute to the service life estimation and condition prediction of the wearing course, especially high friction surface treatment.
4 CONCLUSION
(1) The influence of profile roughness parameters of four types of aggregates was calculated by gray correlation analysis. According to the analysis results, Ra and Rz influenced PSV significantly while Rq, Rsk, Rku, and Rmr (c) had a relatively weak effect.
(2) The relationship between the variables (Ra, Rz) and PSV was established. The higher the values of Ra and Rz, the more favorable the PSV of the aggregate; there is a good linear relationship between Ra and Rz attenuation rates (K1 and K2) and Vickers hardness. The higher the Vickers hardness, the more stable the microtexture of the aggregate and the less frictional attenuation during polishing.
(3) Based on microtexture and Vickers hardness, a multiple regression model was developed for estimating the PSV of high-friction aggregates during long-term polishing.
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In buildings that experience fires, cement mortar is subjected to high-temperature environments and not only the weight of the structure above but also blast loads, leading to structural damage and loss of load-bearing capacity. To investigate the static and dynamic mechanical properties of thermally damaged mortar, a series of tests utilizing modified split Hopkinson pressure bar were conducted. These tests included quasi-static, conventional dynamic and coupled static-dynamic loading tests on mortar specimens that were subjected to seven temperature levels: 20°C, 100°C, 200°C, 300°C, 400°C, 500°C, and 600°C. The test results revealed that both the thermal damage and loading method had an impact on the mechanical properties and damage characteristics of the mortar specimens. The compressive strength, elastic modulus and absorbed energy ratio of mortar decreased as temperature increased. Notably, the quasi-static strength loss rate was 60% when the temperature reached 600°C. Under coupled static-dynamic loading, the specimens exhibited higher strength, elastic modulus, reflected energy ratio, and transmitted energy ratio. Conversely, they had lower average strain rates and absorbed energy ratios. Intriguingly, the dynamic growth factor had a relative increase of 0.7–2.0 compared with other loading methods. Furthermore, the higher temperature, the higher fragmentation of the specimens in the fragmentation pattern. Conventional dynamic loading resulted in the greatest degree of fragmentation. The findings provide a scientific basis for the design and evaluation of concrete shockproof and explosion-resistant structures.
Keywords: mechanical properties, thermal damage, mortar, coupled static-dynamic loading, energy dissipation
1 INTRODUCTION
Cement mortar was widely utilized in various architectural structures, including buildings, bridges, and tunnels. In modern times, the complex layout of building pipelines and dense urban landscapes had increased the likelihood and severity of fire, resulting in substantial economic losses (Aitcin, 2003; Hertz, 2005; Liu et al., 2020). Fire posed significant threats to individuals’ safety and property, with fire losses in China steadily rising. Fires caused severe damage to the building materials, resulting in a decrease in the structure’s load-bearing capacity (Schrefler et al., 2002; Patrick and Pietro, 2014). During a fire incident, the upper building structure experienced high-temperature failure, while the lower structure was impacted by falling debris, accompanied by the explosive effects of explosive materials. Cementitious materials were subjected to a combination of high temperature and various types of loading failure, ultimately leading to building collapse, posing a significant threat to the safety of individuals and property (Khoury, 2000; Annerel and Taerwe, 2009; Du et al., 2018). Therefore, to further understand the mechanical properties of cement mortar in abnormal environments, it was essential to evaluate the residual properties after thermal damage (Lu et al., 2013; Mukesh and Shashank, 2019; Zhao et al., 2019).
During fire, the simultaneous occurrence of thermal damage and various forms of loading on cement mortar often led to the destruction of the concrete structures (Biolzi, Cattaneo, and Rosati, 2008). Recent studies primarily focused on investigating the static mechanical properties of thermally damaged cement-based materials. Cree, Green, and Noumowé (2013) carried out quasi-static strength tests on thermally damaged cement mortar and concrete, and established typical strength loss model. Bamonte, Gambarova, and Sciarretta (2021) investigated the mechanical properties of mortars after heating to 200, 400 and 600°C and 900°C to evaluate the thermal diffusion coefficient. Jeyaprabha, Elangovan, and Prakash (2016) placed mortar mixtures at temperatures of 200°C, 500°C, 700°C, and 900°C, followed by cooling with water, and measured their compressive strength. Yazıcı, Sezer, and Şengül (2012) investigated the effect of subjecting mortars to temperature ranging from 20°C to 750°C in a ceramic furnace for 1 h on their compressive strength. Zhang et al. (2000) investigated the effects of high temperature duration and curing age on the energy parameters, strength parameters, stiffness parameters, and brittleness parameters of ordinary and high-strength thermally damaged concrete. It was found that these properties generally decreased linearly with increasing temperature. Deng et al. (2020) studied the mechanical properties of recycled aggregate concrete after thermal temperature to provide scientific guidance for the design of recycled concrete fire protection. In addition, some scholars had studied the static-dynamic behaviors of concrete. Chen et al. (2019); Luo et al. (2020) studied the static-dynamic mechanical properties of concrete columns in order to provide reference for earthquake resistance and disaster reduction.
Concrete was susceptible to high temperatures and blast or impact loads. Therefore, the effect of thermal damage on the dynamic mechanical properties of concrete was crucial. However, there was little research on the behavior of cement mortar under the combination of high temperature and impact loads. Bi et al. (2020) found water cooling produced more irregular fragments and smaller fragments than air cooling at the same temperature and strain rate during the dynamic test of concrete. Yao et al. (2017) studied the mortar’s dynamic compressive strength treated temperatures ranging from 150°C to 850°C, quantified thermal damage based on microcracks and chemical changes, and developed a dynamic uniaxial loading model with temperature and strain rate effects using damage variables. This model predicted the strength of mortar after high temperatures.
However, there is a lack of research on mechanical properties of thermally damaged cement mortar under different loading forms, especially under coupled static-dynamic loading. In this study, mortar was first heated to temperatures of 100°C, 200°C, 300°C, 400°C, 500°C, and 600°C, and then naturally cooled. Subsequently, quasi-static, dynamic and coupled static-dynamic loading tests were conducted using a modified SHPB device. The effects of different loading modes on the mechanical properties, damage morphology, and energy dissipation characteristics of the thermally damaged cement mortar were discussed. It was found that when the temperature reached 600°C, the quasi-static strength loss rate was about 60%, and the strength increased under static-dynamic loading. The results of this study will help further understand the effects of different loading methods on dynamic strength and deformation characteristics of thermally damaged mortar, reveal the damage law and dynamic damage mechanism of mortar after high-temperature damage. The research results will provide scientific basis for improving the fire safety performance of buildings and evaluating fire accidents.
2 MATERIALS AND METHODS
2.1 Materials
P·O 42.5 cement was produced from Huainan Conch Cement Co., Ltd. in Huainan city in this study. The natural river sand was collected from the Huaihe River region of China, and had a fine grain modulus of 2.36 and an apparent density of 2,550 kg/m3. The water was taken from the laboratory tap. The chemical compositions of cement are presented in Table 1.
TABLE 1 | Chemical compositions of cement (wt%).
[image: Table 1]2.2 Sample preparation
The water-binder ratio of the mortar used in this study was 0.38, and the ratio of binder to sand was 1:1.2 (Xiong and Chen, 2020). Different loading tests were conducted on specimens with a diameter of 50 mm and height of 50 mm, following the method described in the reference by Zhou et al. (2012). The specimens were cured for 28 days after casting. The test program is presented in Table 2.
TABLE 2 | Test program.
[image: Table 2]2.3 Methods
2.3.1 Thermal treatments
To prevent the rapid evaporation of water in the Muffle furnace from damaging the furnace wall, the specimens were dried in a 105°C oven for 1 day. They were heated to temperatures of 100°C, 200°C, 300°C, 400°C, 500°C and 600°C at a rate of 6°C/min after completely cooled. Each temperature was maintained for 120 min to ensure uniform temperature distribution within the specimens then cooled in the furnace before further testing (Gao et al., 2023). A group of nine specimens were used at each temperature. The SX2-8-10A resistance furnace manufactured by the Shangyu Daoxu Scientific Instrument Co., Ltd. in Shaoxing city was utilized in the study. The thermal cycle temperature curve of high-temperature treatment is shown in Figure 1.
[image: Figure 1]FIGURE 1 | Thermal cycle temperature curve for high-temperature treatment of mortar specimens.
2.3.2 Quasi-static loading test
The quasi-static compressive strength of the mortar was determined using a DYE-300 universal testing machine. The loading rate during the tests was controlled to be approximately 1 kN/s. Three specimens were tested at each thermal treatment temperature.
2.3.3 Dynamic loading test
The dynamic loading tests were conducted using a SHPB device with 50 mm diameter to apply an impact air pressure of 0.3 MPa. The SHPB device, as shown in Figure 2, can also be used for coupled static-dynamic loading tests. The launcher consists of a launch cavity and a spindle-shaped bullet, while the incident and transmitted rods possess an elastic modulus of 210 GPa and a wave propagation velocity of 5,200 m/s. To reduce the radial inertia between the specimens and the rods during dynamic loading, petroleum jelly was uniformly coated on the cross sections of the incident and transmitted rods. The loading applied on the specimens were determined according to the one-dimensional stress wave propagation theory. It was assumed that stress in SHPB was in state of equilibrium. The stress, strain rate, and strain were calculated by Eqs (1)–(3) (Jiang et al., 2023):
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where E0, A0 and C0 are the elastic modulus, cross-sectional area and longitudinal wave velocity of the bar, respectively; As and ls are the cross-sectional area and length of cement mortar specimens, respectively; εT and εR are the transmitted and reflected strain on the rod, respectively.
[image: Figure 2]FIGURE 2 | Improved SHPB for dynamic and static-dynamic loading tests.
2.3.4 Coupled static-dynamic loading test
The test was conducted using the device in Figure 2. Mortar was performed static-dynamic loading tests with an impact air pressure of 0.3 MPa. In this case, an axial load was applied prior to the impact (Dai et al., 2010), with the magnitude of the axial load being 10% of the quasi-static compressive strength after thermal treatment. The impact dynamic loads were applied by opening the valve and releasing the bullet after a stabilization period of 5s for the axial load indication.
2.3.5 Scanning electron microscope (SEM) test
SEM tests were conducted to investigate the microstructure and morphology of thermally damaged cement mortar’s hydration products. This test utilized a Flex1000 electron microscope scanner. The loaded specimens were crushed and sampled, followed by continuous pumping for 24 h in a vacuum pump. Subsequently, they were sprayed with gold, and the SEM images were recorded.
3 RESULTS AND DISCUSSION
3.1 Mechanical properties of thermally damaged mortar under different loading conditions
Based on the assumption of one-dimensional stress wave theory, the dynamic stress in incident rod is equal to the dynamic stress in the transmitted rod. The results of stress balance tests conducted on specimens are presented in Figure 3, which reveals that the sum of the incident and reflected dynamic stresses was equal to the transmitted dynamic stress. This confirms that the dynamic stresses on both sides of specimens were balanced, thereby ensuring the reliability of the data.
[image: Figure 3]FIGURE 3 | Dynamic stress equilibrium curves of mortar specimens during the dynamic loading tests.
3.1.1 Dynamic stress-strain curve characteristics
To investigate the effect of thermal damage and different loadings on stress-strain curve characteristics of mortar specimens, typical mortar specimens with compressive strength closest to the average value were selected for further analysis. Figures 4, 5 illustrate the stress-strain curves of thermally damaged specimens under dynamic loading and coupled static-dynamic loading, respectively, which can be divided into three stages.
[image: Figure 4]FIGURE 4 | Dynamic stress-strain curves of specimens under dynamic impact.
[image: Figure 5]FIGURE 5 | Dynamic stress-strain curves of specimens under static-dynamic coupled loading.
Stage 1: The elastic deformation stage was characterized by approximately linear growth of mortar stress with strain, a stable dynamic elastic modulus (Ec). The Ec was found to be dependent on the high temperature, with the control group exhibiting the highest value of Ec. However, when the temperature reached 600°C, the Ec was the smallest. At this stage, micro-pores were present within the mortar specimens, and micro-cracks formed between sand particles and cementitious material. These cracks experienced extrusion and shrinkage. Nevertheless, due to the pre-applied axial load during static-dynamic loading tests, this stage was shorter in duration, resulting in higher compactness and a relatively smaller peak strain.
Stage 2: The plastic deformation stage was characterized by a change in the dynamical mechanical properties after the elastic limit stress was reached. As deformation increased, the plastic deformation stage under dynamic loading became more pronounced, while that under coupled static-dynamic loading was shorter. Upon reaching the yield stress, the strain of the specimens increased to a certain extent, but the stress decreased sharply. This phenomenon can be attributed to the axial loading compacting the internal structure of the mortar, thereby exacerbating the damage caused by thermal damage to the specimens.
Stage 3: The unloading stage was characterized by the rapid decrease in the stress of the specimens under dynamic loading when their internal damage has accumulated to the limit of fracture. Inversely, mortar subjected to static-dynamic loading exhibited one or more secondary stress peaks, indicating that they still possessed a certain load-bearing capacity after damage and had not completely broken down.
3.1.2 Compressive strength characteristics
The impact of high-temperature on compressive strength of thermally damaged mortar was a crucial factor that must be considered. As illustrated in Figure 6, it can be observed that the compressive strength of thermally damaged mortar decreased with temperature under the same loading conditions. The quasi-static compressive strength (σs) exhibited a quadratic function trend with temperature, resulting in a correlation coefficient R2 of 0.980. In contrast, the dynamic compressive strength (σd) of mortar under dynamic and static-dynamic loading displayed a linear downward trend, with correlation coefficients R2 of 0.989 and 0.929, respectively. The results clearly indicated that the compressive strength of mortar was the highest under static-dynamic loading, followed by that under dynamic loading, and lowest under quasi-static loading.
[image: Figure 6]FIGURE 6 | Variation trend of mortar compressive strength with temperature under different loading conditions.
The dynamic increase factor (DIF) is defined as the ratio of the average σd to the average σs for thermally damaged specimens. It is commonly used to assess and compare the influence of impact loads on material strength (Xu and Li, 2011; Yao et al., 2016; Yin et al., 2018; Shu et al., 2022). Variation trend of mortar DIF with temperature under different loading conditions is illustrated in Figure 7. Under the same loading conditions, DIF increased approximately exponentially with temperature, with correlation coefficients R2 reaching 0.922 and 0.950, respectively. When axial static pressure and dynamic loading were combined, static pressure caused compaction of the pores, leading to a significant increase in DIF (from 0.7 to 2.0). In summary, DIF is sensitive to variations in high temperature and pre-applied axial pressure.
[image: Figure 7]FIGURE 7 | Variation trend of mortar DIF with temperature under different loading conditions.
3.1.3 Deformation characteristics
Dynamic elastic modulus Ec is a measure of the deformation ability of a specimen under elastic deformation. The corresponding strain is the peak strain when the specimen reaches its peak stress (Chen et al., 2022; Li et al., 2023; Michał et al., 2023; Zhang et al., 2023). The elastic modulus of mortar was determined by selecting the slopes of the tangents at two points on the stress-strain curve, namely, when the stress reached 0.3 times and 0.6 times the peak stress σmax. The calculation formula is Eq. (4):
[image: image]
where σ1 and σ2 are the stresses at the two points corresponding to 0.6 times σmax and 0.3 times σmax on the stress-strain curve, respectively; ε1 and ε2 are the strains at the two points, respectively.
The relationship between Ec of mortar and temperature is shown in Figure 8. Ec decreased linearly with increasing of temperature, with correlation coefficients R2 of 0.974 and 0.947, respectively. Ec of mortar under dynamic loading and static-dynamic loading at 600°C decreased by 62.58% and 41.44%, respectively, compared to that at 20°C. This reduction was due to the same reason as the decrease in dynamic compressive strength.
[image: Figure 8]FIGURE 8 | Variation trend of dynamic elastic modulus of mortar with temperature under different loading conditions.
3.1.4 Strain rate characteristic
The relationship between the average strain rate and temperature is illustrated in Figure 9. The strain rate of mortar under dynamic loading and static-dynamic loading increased linearly with increasing temperature, with correlation coefficients R2 of 0.913 and 0.927, respectively. The strain rate of mortar under static-dynamic loading was lower than that under dynamic loading. The strain rate of mortar under dynamic loading ranged from 143.96 to 151.57 s−1, while that under static-dynamic loading ranged from 112.44 to 126.19 s−1. Due to the pre-applied axial load, the structure of mortar became denser, σd increased, the peak strain decreased.
[image: Figure 9]FIGURE 9 | Variation trend of average strain rate of mortar with temperature under different loading conditions.
3.2 Failure pattern of thermally damaged mortar under different loading conditions
3.2.1 Fracture morphology and failure mode
The mortar failure pattern is closely related to the fragments of the specimens after loading (Shuai et al., 2020; Padmanabha et al., 2022; Zheng et al., 2023). As observed from Table 3, as the temperature increased from 20°C to 600°C, the mortar color changed from the usual gray to off-gray and then to pale yellow. As the temperature increased, the thermally damaged mortar became powderier and the degree of fragmentation also increased. Under different loading conditions, the mortar specimens subjected to SHPB impact broke into blocky pieces. Compared with specimens under static-dynamic loading, those under dynamic loading exhibited more irregular and smaller fragmentation. This was because the axial pressure made the pores of mortar denser and the coupled effect of static-dynamic loading enhanced its compressive strength. Despite varying thermal damage temperatures and different forms of loading conditions, the failure mode of the mortar remained consistent - splitting and tensile failure.
TABLE 3 | Typical fracture morphology of mortar.
[image: Table 3]3.2.2 Facture surface
The SEM tests were conducted on the thermally damaged mortar specimens (Figure 10). The compressive strength loss of thermally damaged mortar was closely related to the mass loss (Figure 11). With the increased temperature, the number of cracks and pores on the fracture surface gradually increased. The mass loss rate and quasi-static compressive strength loss rate increased exponentially with temperature, with correlation coefficients of 0.952 and 0.926, respectively. In Figure 10A, the gel structure in the mortar was intact at 20°C, and the dense calcium hydroxide was very neat and complete. At temperatures between 100 and 110°C, free water escaped from the cement mortar, and the hydrated calcium silicate gel began to dehydrate. The hydrated calcium aluminate began to dehydrate around 200°C (Li et al., 2012; Chen et al., 2023). At temperature of 300°C, the mass loss rate was about 5%, while the strength loss rate was about 40%. At this stage, the primary cause of damage to the mortar was the micropores and microcracks shown in Figure 10B (Chen et al., 2023; Yu et al., 2023). As the temperature surpassed 300°C, the number of microcracks and pores in Figure 10C increased. Upon reaching a temperature of 600°C, numerous microcracks and pores became evident at the interface, as depicted in Figure 10D (Min-Ho and Sang-Jin, 2006; Faisal et al., 2018). The maximum strength loss rate of mortar reached 60%, while the mass loss rate increased to approximately 8%. The decomposition temperature range for calcium carbonate in the cement paste was 850°C–900°C (Son and William, 2014; Stoyanov et al., 2023).
[image: Figure 10]FIGURE 10 | SEM images of thermally damaged mortar specimens. (A) 20°C, (B) 200°C, (C) 400°C, (D) 600°C.
[image: Figure 11]FIGURE 11 | Mass and quasi-static compressive strength loss ratio variation of thermally damaged mortar with temperature.
3.2.3 Energy dissipation of thermally damaged mortar under dynamic and coupled static-dynamic loading
Equations (5)–(8) for calculating energy dissipation are as follows:
[image: image]
[image: image]
[image: image]
[image: image]
where, EI(t), ER(t), ET(t), and EA(t) are the incident energy, reflected energy, transmitted energy, and absorbed energy, respectively.
Under different loading conditions, the energy dissipation law of mortar specimens was investigated by using energy ratio due to the difference of the incident energy (Liu et al., 2020; Yan et al., 2023).
Under different loading conditions, the reflected energy ratio (ER/EI) of mortar increased an increase in temperature, as shown in Figure 12A. This was because as thermal treatment temperature increased, the strength of the mortar decreased, resulting in a greater difference in wave impedance between mortar and rod, leading to a worsening energy transfer effect and a larger reflected energy ratio. In terms of numerical value, the reflected energy ratio under static-dynamic loading was larger than that under dynamic loading. This was due to the mortar strength under static-dynamic loading was greater than dynamic loading at same thermal treatment temperature.
[image: Figure 12]FIGURE 12 | Energy proportion variation of thermal mortar with temperature. (A) ER/EI, (B) ET/EI, (C) EA/EI.
Figures 12B, C showed the variation of ET/EI and EA/EI of mortar with temperature, respectively. From the trend of change, it can be seen that ET/EI and EA/EI of the mortar under different loading conditions both exhibited a downward trend with increasing temperature. In terms of magnitude, the transmitted energy ratios of the mortar under static-dynamic loading were generally greater than those under dynamic loading, while the absorbed energy ratios were smaller than those under dynamic loading. This was due to the weakening of mortar strength as the temperature increased, while the pre-applied axial compressive stress helped to enhance its strength.
4 CONCLUSION
The mechanical properties of thermally damaged mortar specimens under different loading conditions were studied. The findings of this research were intended to offer valuable data for the safety assessment of cement-based structures following a fire event, particularly when subjected to complex loading scenarios. Based on the results, the following conclusions can be drawn:
(1) Under the same loading conditions, compressive strength of thermally damaged mortar decreased as temperature increased. At 600°C, the quasi-static strength loss rate was approximately 60%. DIF of the mortar was temperature-sensitive. Ec decreased linearly, while strain rate increased linearly with increasing temperature. It was attributed to the presence of more pores and defects within the mortar’s interior following thermal damage, which in return facilitated deformation with increasing temperature.
(2) Under the same thermal treatment temperature, the order of mortar strength under different loading was: static-dynamic loading, dynamic loading and quasi-static loading. In comparison to dynamic loading, mortar subjected to coupled static-dynamic loading exhibited a larger DIF and Ec. DIF was found to be sensitive to pre-applied axial compressive stress. Additionally, strain rate of mortar under coupled static-dynamic loading was relatively low, ranging from 25 to 30 s−1. It was due to the pre-applied axial pressure before dynamic loading, which helped to compress the pores within the mortar and thus enhance its strength.
(3) Under the same loading condition, increasing temperature resulted in more fragmentation in thermally damage mortar. The increase in pores and microcracks in the mortar was primarily caused by the gradual evaporation of free and bound water, followed by the decomposition of chemical components. Under different loading conditions, the failure mode of thermally damaged mortar was characterized by splitting and tensile failure. Notably, quasi-static loading resulted in the largest broken fragments of mortar, while dynamic loading led to smaller fragments compared to static-dynamic loading. This difference was due to the pre-applied stress, which caused the pore structure to become more compact and thus reduced the degree of mortar crushing.
(4) With increasing temperature, ER/EI of mortar increased significantly, while ET/EI and EA/EI energy ratio decreased. Furthermore, the pre-applied stress had a positive effect on the ER/EI and ET/EI, while it decreased EA/EI. The law governing the dissipation of energy in mortar was found to be consistent with the strength damage law.
The limitation of this study was that no mortar samples were studied above 600°C. Due to the limitation of instruments and equipment, the maximum thermal temperature of mortar samples only reached 600°C. Subsequently, the dynamical mechanical properties of the cement mortar can be investigated after experiencing higher temperatures.
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The dynamic compaction method has been widely adopted in foundation treatment to densify the soil fillers. However, for the complexity of the impact behavior and soil mechanical properties, the theoretical research of dynamic compaction lags behind its practice for complex soil properties and stress paths. This paper presents a theoretical model applied to describe soil column plastic deformation under impact load. The relationship among stress increment, strain increment, and plastic wave velocity was derived from the aspect of propagation characteristics of stress waves in soil first. Combined with the Duncan-Chang Model, a one-dimensional theoretical model was established then. A numerical model was developed further to check the performance of the model. It showed that the deformation at the end of the soil column was mushroom-shaped. Both the axial and lateral deformation increased with the impact velocity. While some particles located at the side of the soil column end may splash under repeated impact. The theoretical deformations of the soil column were consistent with the experimental results both in the direction of axial and lateral.
Keywords: Duncan-Chang model, earth filling engineering, deformation of soil, dynamic compaction (DC), foundation treatment
1 INTRODUCTION
During the construction of airports, roads, earth-rock dams, and similar projects, there is often a significant need for earth-rock filling engineering. To ensure the long-term safety and serviceability of geotechnical structures, it is essential to methodically place and compact earth or stone fillers layer by layer. A prominent technique utilized in this context is dynamic compaction, which employs heavy tampers weighing between 8 and 40 tons, dropped from heights of 10–20 m. This method delivers a powerful instantaneous impact load, rapidly densifying the fillers. Its widespread adoption is attributed to its high compaction efficiency, effective results, and low construction costs (Ye et al., 2020; Xu et al., 2022; Yao et al., 2022).
Significant investigations have been made, which mainly focus on the issue of the reinforcement mechanism of dynamic compaction (Zhang et al., 2017; Zhang et al., 2019; Wu et al., 2020), the depth of improvement (Dou et al., 2019; Li et al., 2020; Zhou et al., 2020), and factors affecting reinforcement efficiency (Li et al., 2018; Zhang et al., 2018; Jia et al., 2021; Zhou et al., 2022; Li et al., 2023). However, a notable gap exists between current dynamic compaction theory and practical engineering application, leading to a certain level of improvisation in the design and execution of dynamic compaction. This gap hinders the accurate determination of reinforcement effectiveness and assurance of compaction quality in filling projects. Some researchers have tried to explore the time-domain characteristics of the dynamic compaction process. Li et al. (Li et al., 2021; Li et al., 2024) focused on the tamper as their subject, simplifying the dynamic compaction process to an elastic-damping collision, establishing a time-domain model for the process, and introducing a novel method to determine the optimal number of tamping impacts, offering significant engineering value. S. Valliappa et al. (Valliappan et al., 1995) took the dynamic compaction process as a foundation subjected to harmonic loading, using Fourier transform methods to analyze the frequency domain characteristics of dynamic compaction vibrations in two dimensions. Kong and Yuan (Kong and Yuan, 1999) considered the soil as an elastic half-space and established the rigid body motion equations for the tamper.
Notably, the impact of dynamic compaction on the surface layer of soil generates stress waves that propagate to deeper layers, causing densification as the waves transmit. The impact energy gradually transforms into plastic deformation of the soil. Thus, the essence of soil reinforcement through dynamic compaction lies in the transformation of the kinetic energy carried by the tamper into plastic deformation of the soil via stress waves. Conducting theoretical research on dynamic compaction from the perspective of stress wave propagation and dissipation aligns more closely with the objective realities of soil reinforcement. Current research in dynamic compaction theory scarcely addresses this aspect.
This paper focuses on a simplified case of a one-dimensional soil column under impact load. A theoretical model is established to describe the deformation of the soil quantitatively under impact load. Combined with a numerical model, the paper validates the theoretical model’s applicability in describing both the axial plastic deformation and lateral deformation at the ends of the soil column. This provides a valuable reference for further establishing three-dimensional deformation models of soil under dynamic compaction and the mechanism of soil densification due to impact.
2 SOIL COLUMN DEFORMATION MODEL UNDER IMPACT LOAD
Compared to the soil column, the impact tamper typically is made of steel, can be assumed to have virtually infinite stiffness. Based on Newton’s Third Law and the principle of relative motion, when the impact tamper strikes the soil column at speed [image: image], it can be considered that the soil column impacts a stationary surface with infinite stiffness at initial speed [image: image] (as shown in Figure 1). During the impact, both elastic and plastic compressive waves are generated within the soil column. The propagation speed of the elastic wave is faster than that of the plastic wave. Thus, post-impact, the elastic wavefront is labeled B, and the plastic wavefront is labeled P, with wave velocity [image: image] directed downwards. When the elastic wave reaches the end of the soil column, it dissipates due to the column’s limited tensile strength, causing the top layer of the soil to dislodge. The energy carried by the plastic compression wave gradually transforms into the soil’s plastic deformation. As the speed of the tamper decreases from [image: image] to zero, the soil column undergoes a complete impact process.
[image: Figure 1]FIGURE 1 | Schematic diagram of tamper impact on soil column.
The initial cross-sectional area of the soil column is denoted as [image: image], with a unit length of 1. At any given moment after the impact, the front of the plastic wave is represented as B. [image: image] indicates the initial impact velocity of the soil column, while [image: image] and [image: image] respectively represents the maximum impact stress experienced by the soil column during the impact process and the maximum axial plastic strain of the soil column.
2.1 Axial plastic strain of the soil column
Considering that the stress on the contact surface between the soil column and a rigid plane is [image: image], the stress increment [image: image] propagates along the soil column as a plastic wave at velocity [image: image]. For a micro-segment of length [image: image], within [image: image] time, we have:
[image: image]
According to the law of conservation of momentum:
[image: image]
where [image: image] and [image: image] substituted into Eq. 2, yield:
[image: image]
Subsequently, substituting Eq. 1 into Eq. 3 and simplifying, we obtain:
[image: image]
The velocity of the plastic wave is:
[image: image]
By substituting Eq. 5 into Eq. 4 and simplifying, the relationship between [image: image] can be derived as:
[image: image]
Integrating with the Duncan-Chang model, an explicit formula for the stress-strain relationship curve during the soil compression process is directly provided, as follows:
[image: image]
where [image: image] represents an experimental constant, [image: image] is the major principal stress, and [image: image] is the confining pressure. In the context of this study, the confining pressure is denoted as [image: image], which, when substituted into Eq. 7, and upon differentiation of both sides, yields the relationship between [image: image] and [image: image]:
[image: image]
By substituting Eq. 8 into Eq. 6, the relationship between the maximum strain of the soil column and the impact velocity can be obtained:
[image: image]
To determine the axial plastic strain produced in the soil column due to the impact from a rigid object, Eq. 9 is therefore integrated as Eq. 10:
[image: image]
This yields:
[image: image]
From Eq. 11, the theoretical expression for the axial plastic strain of the soil column under the effect of initial impact velocity can be derived as follows:
[image: image]
2.2 Deformation at the ends of the soil column
As shown in Figure 1, the ends of the soil column undergo lateral deformation when impacted by a rigid planar tamper. At the boundary between elastic and plastic deformation, the soil column changes from the initial cross-sectional area [image: image] to [image: image]. From the condition of continuity, we have:
[image: image]
Thereby there is:
[image: image]
In Eq. 14, [image: image] and [image: image] respectively represent the initial diameter and the deformed diameter of the soil column’s cross-section. Utilizing the relationship between the velocity of material points and the level of stress, we have:
[image: image]
By substituting Eq. 15 into Eq. 14, we can obtain:
[image: image]
By substituting Eq. 7 into Eq. 16, we can obtain:
[image: image]
From Eq. 17, the relative magnitude of the lateral deformation at the ends of the soil column, denoted as [image: image], can be deduced using the soil column’s maximum axial plastic strain value [image: image], the soil column’s mass density [image: image], and the soil column’s initial velocity [image: image].
2.3 Theoretical prediction of the soil column
Considering that the typical parameter values selected for soil columns should be compatible with the actual situation, let’s take [image: image]、 [image: image], with the soil column’s mass density as [image: image], and the tamper’s initial velocities as [image: image]. Substituting these selected parameters into the derived Eqs 12, 17, the values of [image: image] and [image: image] for the soil column under the impact of the tamper at different initial velocities [image: image] can be calculated. The theoretical values and their trends are shown in Table 1 and Figure 2.
TABLE 1 | Deformation of the soil column under different impact velocities.
[image: Table 1][image: Figure 2]FIGURE 2 | Relationship between deformation of soil columns and impact velocity.
3 MODEL VERIFICATION
Further impact tests on soil columns were conducted to verify the applicability of the established theoretical model. Considering the limitations of indoor tests, particularly the frictional impact between the soil column and rigid impactors, the article adopts numerical methods for the model’s applicability verification. Currently, numerical methods commonly include the Finite Element Method (FEM) and the Discrete Element Method (DEM). Some scholars have also developed the Material Point Method and Boundary Element Method based on FEM concepts. However, FEM requires the initial assumption of the soil’s constitutive model, which may not effectively serve the purpose of verifying the theoretical model. DEM divides the subject of study into independent units. Based on the interaction forces between these units and applying Newton’s Second Law of Motion, iterative methods like static or dynamic relaxation techniques are used for repeated cyclic calculations. These methods determine the force and displacement state of each unit at every time step, continually updating the position of all units. This makes DEM very adaptable in dealing with large deformations and even destructive processes. By tracking and calculating the micro-movement characteristics of each unit, DEM allows for large deformations, rotations, sliding, and separation in the soil body, thus realistically simulating the nonlinear large deformation characteristics within the soil.
3.1 Construction of the discrete element model
When constructing the numerical model based on PFC, we first set the geometric boundary and determine the relevant properties of the particle material, and then determine the interaction law of particle-particle and particle-boundary. As shown in Figure 3, in this numerical simulation, the cylindrical soil particle units are represented using standard spherical particles as the basic discrete elements. The rigid impactor is simulated with a clump, composed of multiple particles rigidly bound together. The parameters in the following table are chosen with due consideration of the actual situation of fine-grained soils and the fact that the deformation of soils under ramming is studied in this paper. The basic parameters of the materials for both are presented in Table 2.
[image: Figure 3]FIGURE 3 | The schematic of the discrete element model.
TABLE 2 | Basic parameters set of soil column and rigid impactor.
[image: Table 2]To achieve a uniformly dense soil column, a stratified under-pressure method was employed, generating particles in five layers to simulate the soil body. In order to prevent the occurrence of uneven initial internal stress within the soil column, once the entire column reached its designed height, the “solve aratio” command in PFC3D was utilized to allow the particles to self-balance under the influence of gravity. This ensures that the unbalanced force on each soil particle is less than 10−5N. Additionally, with a focus on computational efficiency of the model, 4,319 overlapping particles were collectively bound to simulate a rigid impact object, and 5,225 ball particles were used to model the soil column. Considering the mechanical characteristics of impact loading, a hysteresis damping model was adopted for the interactions between particles and between particles and the impact object. The model parameters were determined through extensive research and a comprehensive review of literature (as shown in Tables 2, 3).
TABLE 3 | Contact model parameter values.
[image: Table 3]3.2 Impact process of the soil column
To test the applicability of the model, impact experiments were conducted using the established discrete element numerical model at five different initial velocities (respectively 1 m/s, 2 m/s, 3 m/s, 4 m/s, and 5 m/s). At the beginning of the experiment, the generated soil column was called upon and its lower end was fixed. The rigid impact object was positioned 5 cm above the top of the soil column and assigned a downward initial impact velocity. It's important to note that during the impact process, the acceleration due to gravity was zero, meaning that the effects of gravity were not considered. Throughout the impact, data such as the bulging at the ends of the soil column, changes in the length of the soil column, and other deformation data were recorded until the velocity of the rigid impact object reduced to zero, marking the completion of the impact process.
4 RESULTS AND ANALYSIS
4.1 Plastic deformation at the ends of the soil column
As shown in Figure 4, the deformation characteristics at the ends of the soil column, when subjected to impacts at various initial velocities, exhibit common features: The lateral deformation at the ends is greatest at the contact surface and gradually decreases further away. The deformed ends still maintain a circular shape, and the overall plastic deformation of the soil column presents a “mushroom shape” that is larger at the top and smaller at the bottom. More notably, there are differences in the deformation of the soil column ends under different impact velocities. Firstly, the axial plastic deformation of the soil column increases with the increase in impact velocity. In terms of lateral deformation, the deformation at the ends increases with increasing impact velocity. However, at excessively high velocities (v0 = 4.0 m/s, v0 = 5.0 m/s), a few particles at the impacted end of the soil column are observed to disintegrate, a phenomenon similar to the slight particle splashing observed in actual soil columns under impact.
[image: Figure 4]FIGURE 4 | Deformation of the soil column under different impact velocity.
4.2 The applicability of the theoretical model
To verify the applicability of the theoretical model, a comparative analysis was conducted from two perspectives: the axial plastic strain of the soil column and the lateral deformation at its ends. Figure 5 illustrates the axial plastic deformation of the soil after impacts at different velocities. It is observed that as the impact velocity increases, the axial deformation also increases, albeit at a decreasing rate. Comparing theoretical and experimental values reveals good consistency across the five impact velocities, with the largest discrepancy occurring at an impact velocity of 2 m/s, where the difference between the experimental and theoretical values of axial deformation is only 4.2 mm. Regarding the lateral deformation at the ends of the soil column (Figure 6), the theoretical and experimental values under different impact velocities still show good agreement. The greatest difference occurs at an impact velocity of 5 m/s, which can be attributed to the disintegration and farther scattering of individual particles at the ends of the soil column under high-velocity impacts. Considering both axial and lateral deformations, it can be concluded that the theoretical values aptly describe the deformation characteristics of the soil column under impact. This finding has significant implications for further research into the deformation characteristics of foundations and subgrades under impact compaction.
[image: Figure 5]FIGURE 5 | Axial plastic deformation of the soil column under different impact velocities.
[image: Figure 6]FIGURE 6 | Lateral deformation at the ends of the soil column under different impact velocities.
5 CONCLUSION
A simple theoretical model was presented to describe a soil column plastic deformation under impact load. Results showed that the end of the soil column was mushroom-shaped after impact load. The lateral deformation at the end of the soil column is the biggest. Both the axial and lateral deformation increased with the impacting velocity. However, the axial deformation increment of the soil column decreases gradually, while the lateral deformation increment changes less. The good agreement between the theoretical estimated and experimental measured deformation verified the characteristics of the complex deformation for a soil column under impact load. This can help us to better understand the behavior of soil, prevent and mitigate the effects of geohazards and thus improve the quality and safety of our engineering design and construction. Future study can be carried out on the factors that affect the value of parameters of Duncan-Zhang model, including particle breakage, moisture content, particle size distribution.
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The harsh geological conditions in the northwest region of China, characterized by widespread saline-alkali soil rich in alkali ions, pose a high risk of Alkali-Silica reaction (ASR) in concrete, particularly due to the presence of ASR-active natural river sands. To address ASR hazards, locally applied concrete often employs High-Performance concrete (HPC) prepared with high proportions of mineral admixtures. In this paper, the alkali content is controlled by adding mixed water with NaOH to the initial configuration of concrete, and three different alkali content states are set up. A 1 mol/L NaOH solution was used to simulate alkaline conditions, and HPC specimens were immersed for an extended period to investigate the effects of equivalent alkali content, immersion time, concrete strength, and admixture on the flexural mechanical properties of HPC under the condition of long-term alkali immersion. Results indicate that, the strength grade was positively correlated with the flexural strength of HPC, but the alkali content was negatively. Initial immersion significantly enhances strength, followed by a gradual decline after long-term immersion. Among three types of admixture addition methods, the impact on flexural strength of HPC immersed in alkaline solution for 10 years follows the order: Double doped air entraining agent and rust inhibitor is greater than single doped air entraining agent is greater than single doped rust inhibitor. In the process of macroscopic test, it is difficult to observe the variation rule of stress and strain in detail, only the final aggregate failure mode can be analyzed. In order to analyze the strain change of the specimen and the failure process of the aggregates more accurately, a three-dimensional random aggregate concrete mesoscopic model was established, and equations relating microhardness to the mechanical properties of concrete components were derived from statistical analysis, providing a basis for parameter selection in the model. Results demonstrate that with increasing strength, the occurrence time of initial cracks is delayed, and the ratio of cracks bypassing aggregates (cracks develop along the ITZ between aggregate and mortar until complete failure) decreases, and the ratio of cracks penetrating aggregates (cracks develop directly through aggregates in an almost vertical direction) increases.
Keywords: ASR inhibition measures, HPC, prolonged alkaline solution immersion, flexural strength, numerical simulation
1 INTRODUCTION
In the northwest region of China, salt lakes and saline-alkali soils contain high concentrations of chlorides, sulfates, and alkali metal ions, which greatly predispose concrete to alkali-aggregate reaction (AAR). Aggregates, serving as the framework of concrete, typically consist of minerals containing silica dioxide such as chalcedony, quartz, and chert. These mineral components are prone to undergo ASR with alkalis (Na2O, K2O) in cement, resulting in the formation of expansive alkali-silicate gel, thus leading to concrete deterioration (Zhou, 2011).
Over the past half-century, more than 20 countries have incurred significant losses due to the damage inflicted on buildings by ASR (Tang et al., 2022; Mong et al., 2002; E Grattan-Bellew et al., 1998). Numerous experiments have been conducted to investigate the impact of ASR on concrete strength. Cavalcanti (Cavalcanti, 1986) studied the extent of strength, durability, and harmful cracking effects of concrete under long-term ASR. Sanchez et al. (Crouch and Wood, 1990; Kubo and Nakata, 2012; Sanchez, 2014) found that the tensile strength and elastic modulus of concrete are more affected by ASR than compressive strength. Nixon et al. (Nixon and Bollinghaus, 1985; Smaoui et al., 2004) demonstrated that high expansion levels have a significant impact on compressive strength. At low expansion levels (0.05%) and high expansion levels (0.2–0.3%), the tensile strength decreased by 12%–70% and 50%–70%, respectively.
Currently, the main methods to suppress ASR include the use of inactive aggregates, controlling moisture, managing total alkali content in concrete, and adding inhibitory materials and chemical admixtures (Ding et al., 2008; Jan et al., 2013; Liu et al., 2015). According to Qian’s research (Qian et al., 1994), as the content of slag and fly ash in concrete increases, the expansion decreases, and the inhibition effect on ASR strengthens. The optimal inhibition effect on ASR is achieved when the addition reaches 30%. Moreover, studies have pointed out that the key role of fly ash lies in alleviating or preventing the chemical reaction of reactive aggregates. Chen’s research (Chen et al., 1993) indicates that the effective addition of silica fume is about 10%–15%, but it can only delay the occurrence of ASR without complete inhibition. Duyhai et al. (Choi and Choi, 2015; Vo et al., 2020) explored the effect of slag content on inhibiting ASR in highly alkaline reactive aggregates and found a positive correlation. The use of admixtures to suppress ASR can be traced back to as early as 1951 (McCoy and Caldwell, 1951). Due to not requiring changes in construction conditions and even possibly improving the performance of concrete, this method has received considerable attention. Shayan and Ivanusec (Shayan and Ivanusec, 1989) explored the influence of adding NaOH on the mechanical properties of mortar containing non-reactive and reactive aggregates and ultimately found that adding NaOH led to a decrease in mortar strength, with similar trends observed in both types of concrete. This is because the addition of NaOH undergoes significant chemical reactions with cement, affecting the performance of concrete. In general, high alkaline conditions are detrimental to the strength of concrete (Qian, 1996).
Wu Z et al. (Wu, 2000) summarized the definition of HPC. In addition to cement, aggregate and water, low water-binder ratio, sufficient mineral admixtures and high-efficiency admixtures were used, and stricter quality management was adopted. Concrete with excellent mechanical properties, durability and good impact resistance can be called High-Performance Concrete (HPC).
HPC inherently exhibits a suppression effect on ASR due to its internal incorporation of large quantities of mineral admixtures such as slag, fly ash (FA), and silica fume (SF). Marzouk and Langdon (Marzouk and Langdon, 2003), in their exploration of the influence of alkaline aggregates on the mechanical properties of HPC and Ordinary Portland Cement (OPC), immersed concrete specimens separately in NaOH solution at 80°C or distilled water for 12 weeks. They found that high alkaline environments significantly affected the strength of OPC but had minimal impact on both low and high alkali-reactive HPC. Fares and Khan (Fares and Khan, 2013) investigated the inhibitory effects of two-phase and three-phase blended materials on ASR, including FA and SF. The results indicated that the inhibitory effect of single addition SF (15% content) or single addition FA (45% content) on ASR was not as good as the combined addition of FA + SF (10% FA and 10% SF).
Yu et al. (Yu et al., 2003) investigated the compressive strength of OPC20 and OPC30 after 270 days of exposure in the saline soil environment of Qinghai Chaerhan Salt Lake, and found that they were reduced by 41%–65% and 18%–23%.
Wang et al. (Wang, 1993) found that the compressive strength of high-strength and high-density concrete with a water-binder ratio of 0.22–0.26 and a strength grade of C50 mixed with 10% silica fume increased by 18.5%–27.3% after immersion in salt lake alkaline solution for 3 years, indicating that HPC showed better corrosion resistance in the face of long-term corrosion.
Zhang et al. (Zhang, 2014) found that the relative dynamic elastic modulus of OPC30 and OPC50 increased to 110% and 109% after 550 days immersion in salt lake alkaline solution, and decreased to 90% and 104% respectively after 1,550 days of immersion in salt lake alkaline solution. The relative dynamic elastic modulus of HPC with strength grade of C65 (10% silica fume +45% slag), C70 (10% silica fume +27% fly ash) and C80 (10% silica fume) were still in the growth stage at 1,550 days, and increased by about 110%–120%.
Gao et al. (Gao et al., 2019) studied the compressive strength of HPC exposed to salt lake alkaline solution for 1 year and 1.5 years. It was found that the compressive strength of HPC with the strength grade C50 (12% fly ash +20% slag +3% silica fume) increased by 35% and 27%.
At present, the research on the mechanical properties of HPC in salt lake alkali corrosion environment has not been more than 5 years, so it is urgent to study its durability and long-term strength change in a longer time span, which has important scientific value for the technical development and engineering application of HPC in salt lake environment.
With the continuous progress of computer technology, the strict requirements of traditional tests and high cost have prompted researchers to start exploring in the direction of numerical simulation. At present, breakthrough progress has been made in many fields, for example, Xiang et al. (Xiang and Liew, 2013) proposed a computational framework for transverse compression of microtubules using Cauchy-Born rules, and used atomistic-continuum simulation and mesh-free method to calculate the high-order gradient continuum theory format, and deeply studied the elastic properties and mechanical response of microtubules under transverse compression.
In the field of concrete, it has been widely used to analyze the mechanical response of concrete under load, such as cracking and failure mode. Compared with the test, numerical simulation has many advantages, which can more intuitively observe the stress and strain changes of the specimen, the specific failure process of aggregate, the crack propagation and damage mechanism. It has important research value and significance.
Xu et al. (Xu et al., 2011) employed a novel algorithm to determine the stacking problem between ellipsoidal and ellipsoidal aggregate models and investigated the influence of aggregate shape on aggregate packing behavior in concrete. Fang et al. (Fang et al., 2013) proposed an efficient three-dimensional aggregate growth and determination algorithm based on vector growth and judgment criteria. They generated spatial octahedral aggregate models with random shape characteristics and successfully applied them to static and dynamic microscopic mechanical simulation of concrete.
Zhang et al. (Zhang et al., 2021) discussed the influence of porosity characteristics on the compressive strength of coral aggregates and developed a series of algorithms considering the real mesoscopic characteristics of coral aggregates based on two-dimensional XCT images. Wu (Wu et al., 2021a; Wu et al., 2022) established particle generation algorithms and vector growth algorithms that can generate three-dimensional particle systems assembled from irregularly shaped and sized particles. They obtained convex-concave particles with different shapes and sizes, which are more in line with engineering reality compared to previous simulations that could only model regular geometric shapes or simple polyhedra particles. To address the issue of particle volume fraction in the model being smaller than the actual fraction, they proposed using the gravity compaction algorithm in the PFC3D program and a spatial translation/rotation algorithm from literature to analyze the distribution of aggregates in concrete models.
Wu et al. (Wu et al., 2021b), through numerical simulation and comparison with experimental results, found that coral aggregate concrete (CAC) with larger aggregate volumes and smaller MAS values experienced faster failure processes. They also demonstrated that the proposed three-dimensional random mesoscopic modeling method, considering the random characteristics of aggregate shape and spatial distribution, exhibits high reliability in simulating and analyzing the compression performance of CAC. This method can provide further insights into the mixture design, performance research, and prediction of CAC. Li (Li et al., 2023) utilized the 3D random aggregate concrete mesoscopic model to simulate the uniaxial compressive mechanical properties of HPC specimens under long-term corrosion conditions and found that the failure morphology was in good agreement with the compressive strength.
Chen (Chen et al., 2023) studied the change of bearing capacity of reinforced cage specimens and ordinary specimens with different eccentricity and width-thickness ratio, and discussed the law of reinforcement effect of reinforced cage using the finite element analysis method. And found that when the width-thickness ratio is 22.5 and the eccentricity is small, the reinforcement cage greatly improves the ultimate bearing capacity of the CFSST column, however, this enhancement decreases with the increase of eccentricity.
Currently, there is a lack of research on the mechanical properties of HPC containing alkali-reactive aggregates and high proportions of mineral admixtures under prolonged exposure to alkaline solution environments. Therefore, this study aims to investigate the flexural mechanical properties of HPC with ASR inhibition measures under prolonged immersion in alkaline solution and analyze the mesoscopic mechanisms of fracture failure.
2 EXPERIMENT
2.1 Raw materials
The cement used is P.II 52.5 cement and P.O 42.5 cement produced by Gansu Qilianshan Cement Group Co., Ltd. The main physical and mechanical properties of this type of cement are shown in Table 1. The chemical composition and alkali content of the main raw materials are shown in Tables 2 and 3, respectively. Fly ash is produced by Gansu Yongdeng Liandian Fly Ash Co., Ltd. Ground granulated blast furnace slag: S95 grade product from Gansu Xiangyang Trading Co., Ltd.’s slag mill, with a specific surface area of 330 m2/kg. Silica fume: Product from Qinghai Blue Sky Environmental Protection Technology Co., Ltd., with a SiO2 content of 90.51% and a specific surface area of 26,200 m2/kg. Fine aggregate: River sand from Ledu, Qinghai, with a bulk density of 1,639 kg/m3, fineness modulus of 2.87, and classified as medium sand with specific parameter indexes shown in Table 4. The coarse aggregate for C40∼45 consists of granite crushed stone from Xining, with a maximum particle size of 31.5 mm. It contains 2.9% needle-like particles, and it has a continuous grading from 5mm to 31.5 mm. The SO42- content is 0.02%, and the Cl- content is 0.0063%. For C50∼60, the coarse aggregate also comprises granite crushed stone from Xining, with a maximum particle size of 20 mm. It contains 2.6% needle-like particles, and it has a continuous grading from 5mm to 20 mm. The SO42- content is 0.02%, and the Cl- content is 0.0057%. For specific parameter details, please refer to Table 4. High-efficiency water reducer: PJ-FDN polycarboxylate-based high-efficiency water reducer from Xining Yangjian Waterproofing Additives Co., Ltd., liquid form, recommended dosage of 1.5%, water reduction rate of over 25%, K2O content of 0.000562%, Na2O content of 0.427518%, solid content greater than 9.5%, and Cl- content of 0.037909%. Air-entraining agent: Product from Xining Yangjian Waterproofing Additives Co., Ltd., with K2O content of 0.000562%, Na2O content of 0.390312%, SO42- content less than 0.105%, and Cl- content of 0.016994%. FDN steel anti-corrosion agent: Product from Xining Yangjian Waterproofing Additives Co., Ltd., with a solid content of 30%, K2O content of 0.131472%, Na2O content of 0.080336%, SO42- content less than 0.1145%, and Cl- content of 0.648371%. Water: Drinking water that meets national standards.
TABLE 1 | Physical mechanical properties of cement (Yan et al., 2022).
[image: Table 1]TABLE 2 | Chemical composition of main materials/%.
[image: Table 2]TABLE 3 | Alkali active ingredients of main materials (Yan et al., 2022).
[image: Table 3]TABLE 4 | Basic parameters of aggregate (Yan et al., 2022).
[image: Table 4]According to the CECS53: 93 standard, the alkali content of concrete raw materials refers to the content of equivalent sodium oxide in raw materials, measured as a percentage of weight. Equivalent sodium oxide content refers to the sum of sodium oxide and 0.658 times of potassium oxide. When calculating the alkali content (kg/m3) of concrete, the equivalent alkali content of cement is counted as 100% of the equivalent alkali content, the equivalent alkali content of mineral admixture = 15% of the equivalent alkali of fly ash +50% of the equivalent alkali of slag +50% of the equivalent alkali of silica fume, the equivalent alkali content of admixture = 100% of the equivalent alkali of admixture. The equivalent alkali content of each component including mixed water multiplied by the corresponding amount (kg/m3), and then all the alkali content of each components are added as the alkali content of concrete (kg/m3). The equivalent alkali content of concrete refers to the percentage of the alkali content of concrete divided by the mass of unit volume concrete.
2.2 Mixture design
The paper presents four different concrete mix designs for varying strength grades, and for the C50 strength grade, three types of admixture addition methods are employed. To investigate the influence of total alkali content in concrete on its physical mechanical properties under high-concentration alkali exposure, various equivalent alkali contents are designed based on the aforementioned six concrete mixtures. Specifically, specimens labeled as −0 represent the original equivalent alkali content of the materials, termed as low alkali state; whereas specimens labeled as −1 and −2 have NaOH added to the mixing water to increase the equivalent alkali content, referred to as medium alkali state and high alkali state, respectively. The detailed information regarding the equivalent alkali content and material usage for each mix design can be found in Table 5. Additionally, Table 6 provides detailed specifications of important indicators such as slump, water-cement ratio, expansion degree, and air content for each mix design.
TABLE 5 | The mix proportion and material consumption of concrete/kg (YAN et al., 2022).
[image: Table 5]TABLE 6 | The performance of HPC with different strength grades.
[image: Table 6]2.3 Corrosion medium
The corrosion medium used in this experiment is a standard alkaline solution, specifically employed for ASR testing. Following ASTM standards, a solution of 1 mol/L NaOH concentration is utilized, and all concrete specimens are fully immersed in the solution. Figure 1 illustrates the preparation process of concrete specimens 10 years ago.
[image: Figure 1]FIGURE 1 | HPC preparation process 10 years ago (Yan et al., 2022). (A) Vibrating, (B) Mold release, (C) Immersion, (D) Immersing device, (E) Temperature controller.
2.4 Test method
2.4.1 The flexural test
The concrete specimens immersed in alkaline solution for 10 years are highly valuable, and it is crucial to ensure adequate spacing between specimens in the immersion environment. To fully utilize the immersion space and obtain as many different mechanical properties as possible, the specimens used in this experiment have dimensions of 515 mm × 100 mm × 100 mm. All the specimens were made in the same batch and began to immerse. They are all immersed in standard alkaline solution (1 mol/L NaOH) for durations of 0 days, 28 days, 182 days, 365 days and 3,650 days. When the required immersion time was reached, some specimens were taken out for testing and the rest continued to immerse. The flexural test is conducted using four-point loading, with the loading points illustrated in Figure 2. After completing the flexural test, the remaining portions of the specimens are subjected to other mechanical property tests.
[image: Figure 2]FIGURE 2 | Loading diagram of flexural test (mm).
2.4.2 Flexural test data processing
According to the Standard for Testing Methods of Physical and Mechanical Properties of Concrete (Ministry of Housing and Urban-Rural Development of the OPeople’s Republic of China, 2019), the flexural strength of concrete specimens can be calculated by Eq. 1:
[image: image]
Where, [image: image] is the flexural strength (MPa), L is the span between the supports (mm), h and b are the section height and width (mm) of the specimen. In addition, the strength values measured by non-standard specimens should be multiplied by the size conversion coefficient of 0.85 (Ministry of Housing and Urban-Rural Development of the OPeople’s Republic of China, 2019).
2.4.3 Preparation and measurement instruments for microhardness testing
During the specimen preparation process, the specimens were first cut into approximately 3 mm thick slices using a precision automatic cutting machine. Subsequently, they were polished using 240-grit and 600-grit sandpaper. During the polishing process, a figure “8” motion was used to pre-polish, aiming to remove any damage zones that could cause polishing errors. Next, the specimens were embedded in epoxy resin within a metallographic mold. The epoxy resin mixture was injected into the mold using a vacuum drying oven to ensure complete sealing of the specimens. After sealing, the back of the specimens was polished to ensure uniform force application during polishing. Manual pre-polishing was performed to remove the resin layer from the front surface, ensuring a resin impregnation depth of 0.1 mm and avoiding excessive resin thickness during pre-polishing. Ultrasonic cleaning with anhydrous ethanol was then conducted, followed by formal polishing using a UNIPOL-12000M automatic pressure grinding and polishing machine (as shown in Figure 3A). Diamond polishing compounds of varying particle sizes were used for polishing, ranging from large to small. The final polished samples retained a thin layer of resin protection on the surface, exhibiting a mirror-like finish. The polished samples were dried in a vacuum drying oven for more than 48 h to evaporate the anhydrous ethanol and prevent contamination of the hardness tester. Microhardness testing was performed using an HVS-1000MZ hardness tester (as shown in Figure 3B), employing a 136° inverted pyramid diamond indenter. Indentations were made on the specimen surface under the applied test load, and Vickers hardness values were calculated accordingly.
[image: Figure 3]FIGURE 3 | Microhardness specimen preparation and testing equipment. (A) UNIPOL-12000M automatic pressure grinding and polishing machine, (B) HVS-1000MZ hardness tester.
2.4.4 Vickers hardness calculation
After applying a certain test load with the diamond indenter, the length of the indentation diagonal is calculated using the arithmetic mean method. Based on this, the indentation surface area is calculated, and subsequently, the Vickers hardness value is determined. The specific calculation formula is shown as Eq. 2:
[image: image]
Where, HV is the Vickers hardness (MPa), F is the test load (N) (the test load is determined based on the clarity of the indentation, typically ranging from 20 μm to 60μm, and in this study, a test load of 0.490N was used under a ×400 magnification), S is the surface area of the indentation (mm2), d is the arithmetic mean of the diagonals of the indentation (mm), θ is the included angle of the diamond indenter (°), which is 136° in this study.
3 RESULTS AND DISCUSSION
The long-term immersion of HPC in standard alkali solution can lead to changes in its strength, which is a key indicator for assessing its durability. Systematic studies on the strength variation of HPC specimens at different immersion ages provide valuable insights into their performance under various environmental conditions. This research helps to determine the corrosion resistance of HPC in harsh environments such as brine, providing comprehensive information and basis for evaluating its durability.
3.1 The effect of immersing in standard alkali solution for 10 years on the flexural strength of HPC
The flexural strength of HPC immersed in 38°C standard alkali solution for 10 years was tested, and the flexural strength of 0 days and 3,650 days was recorded. The resistance coefficient proposed in reference (Gao, 2018) can effectively assess the strength changes of HPC after long-term immersion, thus providing a more comprehensive and accurate evaluation of the material’s durability. The specific calculation formula is shown as Eq. 3:
[image: image]
Where, [image: image] is the corrosion resistance coefficient, [image: image] is the strength of the specimen when the immersing time in the standard alkali solution is t, [image: image] is the strength of the specimen before immersing (the age before immersion is 28 days).
Table 7 summarizes the initial strength, strength after 10 years immersion, and corresponding corrosion resistance coefficients of specimens with different strength levels under low alkali and medium alkali conditions. For HPC with varying alkali content, the flexural strength generally exhibits an increasing trend with higher strength grades. Furthermore, comparison between HPC specimens with different admixture at C50 strength level reveals that air-entraining agent and corrosion inhibitor can enhance the flexural strength of HPC. It is noteworthy that although both air-entraining agent and corrosion inhibitor improve the flexural performance of HPC, after 10 years of immersion, the HPC with air-entraining agent demonstrates superior flexural performance.
TABLE 7 | Comparison of initial flexural strength and flexural strength immersed in standard alkali solution for 10 years of HPC (MPa).
[image: Table 7]Furthermore, the corrosion resistance coefficients in Table 7 are generally greater than 1, indicating a widespread increase in flexural strength of HPC under long-term ASR inhibition. A comparison of corrosion resistance coefficients between low alkali and medium alkali states of HPC reveals that the corrosion resistance coefficient under low alkali conditions is typically greater than that under medium alkali conditions. The corrosion resistance coefficient under low alkali conditions is around 1.2, while that under medium alkali conditions is slightly higher than 1. Further analysis indicates that before immersion in alkali solution, the difference in flexural strength between low alkali and medium alkali states of HPC is small, and the flexural strength of HPC under medium alkali conditions is relatively higher. However, after 10 years of immersion in alkali solution, the flexural strength of HPC under medium alkali conditions is affected by factors such as expansion rate and damage, resulting in slightly lower strength of specimens under medium alkali conditions. Additionally, long-term immersion of HPC in standard alkali solution leads to the formation of ASR corrosion products, which fill and divide cracks. Although this increases the porosity, the corrosion products fill the pores, resulting in a reduction in crack size, thereby improving the flexural strength of HPC to some extent.
3.2 Effect of immersing time in standard alkali solution on flexural strength of HPC
This study conducted experimental tests on the flexural strength of HPC under medium alkali conditions immersed in alkali solution for 0 days, 28 days, 182 days, 365 days, and 3650 days, and the results are shown in Table 8.
TABLE 8 | The change of flexural strength of HPC in medium alkali state with the immersing time (MPa).
[image: Table 8]Based on the experimental data in Table 8, curves depicting the flexural strength and relative flexural strength of HPC under medium alkali conditions over time of alkali immersion were plotted as shown in Figures 4, 5. From the observations in Figure 4, it can be inferred that the flexural strength of HPC under medium alkali conditions generally increases with increasing strength grade during different immersion periods. With prolonged immersion time, the flexural strength of HPC exhibits a trend of initially increasing and then decreasing: at 28 days of immersion, the flexural strength of HPC is generally higher compared to the initial strength, during the period from 28 days to 182 days of immersion, the flexural strength of most strength grades of HPC continues to increase but gradually levels off, after 365 days of immersion, the flexural strength of HPC is lower than that at 182 days, however, between 365 days and 3650 days of immersion, the flexural strength of HPC continues to decrease but remains higher than the initial flexural strength before immersion. This indicates that during prolonged alkali immersion, HPC with ASR inhibition measures experiences a significant increase in flexural strength at the initial stage of immersion, followed by corrosion-induced damage. Nonetheless, the ultimate flexural mechanical performance still exhibits an improvement in durability characteristics.
[image: Figure 4]FIGURE 4 | The change of flexural strength of HPC in medium alkali state with the immersing time of alkali solution.
[image: Figure 5]FIGURE 5 | The change of the relative flexural strength of HPC in alkali state with the immersion time of alkali solution.
By comparing the flexural strengths of C50Z-1, Ca50-1, and Ca50Z-1 at different time intervals, it was found that the addition of air-entraining agent and corrosion inhibitor can improve the flexural performance of HPC. During the immersion period of 28 days to 365 days in alkali solution, the HPC with only air-entraining agent showed higher flexural strength compared to that with only corrosion inhibitor. After immersion for 3650 days, HPC with both additives maintained higher long-term flexural performance, indicating that the combination of air-entraining agent and corrosion inhibitor can synergistically enhance the stability of long-term flexural performance in alkali solution immersion.
In Figure 5, the relative flexural strength of Ca50-1 specimens is significantly higher than other mix proportions at each time interval, demonstrating a notable performance advantage. This also suggests that the effect of air-entraining agent on resisting ASR in HPC is stronger than that of corrosion inhibitor. Additionally, the relative flexural strength of Ca60Z-1 remains relatively stable over time, indicating that long-term immersion in alkali solution has the least impact on its flexural mechanical performance.
3.3 The effect of alkali content on the flexural strength of HPC immersed in standard alkali solution for 10 years
This study analyzed the flexural strength of specimens with different alkali contents immersed in standard alkali solution for 10 years, and the relevant data were summarized in Table 9. The relative residual flexural strength represents the ratio of the flexural strength of HPC under medium and high alkali conditions to that under low alkali conditions.
TABLE 9 | The effect of alkali content on the flexural strength of HPC after immersing in standard alkali solution for 10 years.
[image: Table 9]According to the relevant data from Table 9 and Figure 6 is plotted below. In the graph, the horizontal axis labels 0, 1, and two represent the HPC specimens under low, medium, and high alkali conditions, respectively. By observing the data in the graph, it facilitates a better analysis of the trends and characteristics of the experimental results, thereby gaining deeper insights into the tendencies and features of the experiment.
[image: Figure 6]FIGURE 6 | The effect of alkali content on the flexural strength of HPC after 10 years of immersion in standard alkali solution.
Based on the observation of Figure 6, it is evident that HPC under different alkali content states generally exhibits an increasing trend in flexural strength as their respective strength grades increase. However, with the increase in alkali content, the flexural strength of HPC gradually decreases. Under medium alkali conditions, the relationship between flexural strength and strength grade is not significant, with a decrease ranging from 3.07% to 8.68%. Specifically, the Ca40 specimens show the highest decrease in flexural strength at 8.68%, while the Ca50Z specimens exhibit the lowest decrease at only 3.07%. Conversely, under high alkali conditions, the relative residual flexural strength of specimens across different strength grades remains at around 92%. This indicates that although the flexural strength of HPC generally increases with the increase in concrete strength grade, excessively high alkali content also leads to a certain degree of performance reduction.
3.4 The failure mode and crack propagation characteristics of HPC flexural test
The flexural strength is an important index to measure the flexural failure resistance of materials, which can be used to evaluate the performance of concrete beam-column members. At the same time, the actual flexural failure of concrete is also closely related to its seismic and other properties (Chen et al., 2019). Therefore, it is of great engineering significance to study the flexural strength of concrete. Figure 7 illustrates the flexural failure modes of Ca40 specimens with different alkali contents. In the early stages of the test, tensile deformation was observed at the bottom of the specimen, while compressive deformation was evident at the top. Due to the excellent performance of high-performance concrete, cracks typically exhibited small extension trends during the test. As the load continued to increase, cracks at the center of the specimen gradually expanded, forming distinct tensile failure characteristics. The expansion of cracks led to gradual loss of connection among the concrete inside the specimen, ultimately resulting in its failure. Upon reaching the failure point, noticeable fragmentation and collapse occurred at the center of the specimen, with cracks extending across the entire cross-section, exhibiting clear brittle failure characteristics.
[image: Figure 7]FIGURE 7 | The flexural failure modes of Ca40 with different alkali contents.
Furthermore, HPC specimens with different alkali contents exhibited similar characteristics in the flexural test: there were distinct nearly vertical main cracks near the center of the specimen, causing the concrete to fracture into two parts. Upon studying the cross-section of the HPC specimens, it was observed that the fracture surface was relatively smooth. Statistical analysis of the damage to the aggregates revealed (yellow circles in Figure 7 represent cracks bypassing the aggregates, while red circles represent cracks penetrating the aggregates) that the alkali content had minimal influence on the damage pattern of the aggregates within the specimens. Approximately 64.9% of the cracks in Ca40 specimens penetrated the aggregates (there is a relatively smooth section of the aggregate in the final failure surface). This is mainly due to the excellent mix design of HPC and the tight bond between aggregates and mortar induced by various admixtures. As a result, cracks directly penetrated through them, leading to a relatively smooth fracture surface.
Figure 8 illustrates the failure modes of HPC specimens with different strength grades under low alkali conditions. There were no significant differences in the overall failure modes of specimens with different strength grades, which still exhibited a single main crack near the center of the specimen. Some specimens experienced slight damage during immersion in the alkali solution, resulting in minor spalling of the concrete surface during the loading test. However, the overall fracture surfaces appeared relatively smooth.
[image: Figure 8]FIGURE 8 | Failure modes of HPC with different strength grades under low alkali state.
Compared to admixtures, the strength has a significant influence on the internal crack propagation characteristics of HPC. With the increase in strength grade, the probability of interface failure between aggregate and mortar decreases. Consequently, the proportion of cracks bypassing aggregates (there are grooves or protrusions of aggregate in the final failure surface) and causing aggregate detachment gradually reduces. When the strength grade reaches C50 and C60, the proportion of cracks penetrating aggregates is 80.4% and 83.3% respectively, with the majority of aggregates being directly split, resulting in smooth fracture surfaces.
4 MESOSCOPIC SIMULATION OF THE FLEXURAL FAILURE PROCESS OF HPC AND THE PROPAGATION PATH OF FRACTURE CRACKS
4.1 Establishment of 3D random aggregate concrete mesoscopic model
With the advancement of computer technology, scholars have established various random aggregate models of different shapes and dimensions to simulate the distribution of coarse aggregates in concrete. Since Wittmann’s pioneering work (Wittmann et al., 1985) using 2D circular aggregate models to study the influence of coarse aggregates on the micro-mechanical properties of concrete, the understanding of aggregate shapes has deepened. As a result, random aggregate models have gradually evolved from regular geometric bodies to random-shaped particles, transitioning from two-dimensional planes to three-dimensional space. Common random aggregate models include two-dimensional spheres, ellipses, and polygons, as well as three-dimensional spheres, ellipsoids, and regular polyhedra [(Häfner et al., 2006; Wriggers and Moftah, 2006; Lu et al., 2010)]. In this study, based on random quadrilaterals in a plane, a spatial random octahedra matrix is generated. Then, a 3D random convex polyhedron aggregate model with controllable shape and size is obtained by using the random growth algorithm. The modeling process is described in the following text.
(1) Generating Planar Random Quadrilaterals
To ensure the randomness of the aggregate model shapes, a random quadrilateral is established in the plane as the projection surface of the aggregate model. Specifically, a circle with a radius of R = 0.5D is generated in the XOY plane, where D is the determined aggregate diameter. Within this circle, a random quadrilateral ABCD is determined as the inscribed shape, roughly as shown in Figure 9A.
[image: Figure 9]FIGURE 9 | Modeling process of three-dimensional random aggregate concrete meso-model. (A) Generating Planar Random Quadrilaterals, (B) The spatial random octahedron generates a 3D random convex polyhedron by growth algorithm, (C) Aggregate Placement.

(2) The spatial random octahedron matrix generates a 3D random convex polyhedron by growth algorithm.
An appropriate aggregate center point O is determined in the XOY plane, and a spatial random octahedron is established as the base of the aggregate model. After that, a random growth algorithm is used to obtain 3D random convex polyhedron aggregate model with controllable shape and size. As seen in Figure 9B, the three-dimensional random model closely resembles real aggregates in terms of edge and corner features, demonstrating the authenticity and reliability of this aggregate model.
(3) Aggregate Placement
During aggregate placement, the Fuller grading curve is used to determine the gradation relationship of random polyhedral aggregates in the mesoscopic model of concrete to meet the gradation requirements of coarse aggregates. An aggregate library is established based on the grading curve, and random center coordinates for aggregates are determined. Aggregates are then selected from the library based on these coordinates and placed within the designated area. Subsequently, the coordinates of the placed aggregates are checked against the boundary: if all vertexes of the aggregates are within the area, the placement is valid; if any vertexes are outside the area, indicating invalid placement, the aggregates are removed, and new center coordinates are determined for re-placement. During aggregate placement, the spatial “limited translation” and “random placement” algorithms proposed in reference (Fang et al., 2013) are utilized, combined with criteria for aggregate intersection and boundary intrusion, to adjust the spatial positions of aggregates. This process ultimately yields a three-dimensional random aggregate model that meets the desired aggregate volume fraction.
After completing the aggregate placement, referring to the mesoscopic model established by Wu et al. (Wu et al., 2021c) based on the finite element method, the ITZ is treated as a continuum damage-plasticity model. The material identification algorithm [(Fang and Zhang, 2012; Fang et al., 2016; Mao et al., 2019)] is used to identify coarse aggregates, mortar, and ITZ in the three-dimensional mesoscopic model. Subsequently, the mapping algorithm [(Fang and Zhang, 2012; Fang et al., 2016; Mao et al., 2019)] is employed to mesh the model, generating finite element meshes for different components, the mesh type is hexahedral mesh, the characteristic mesh size is 2mm, and the element number is 643,750, as shown in Figure 10. From the figure, it can be observed that after concealing the mortar and ITZ in the central part of the specimen, the distribution of aggregates appears completely random.
[image: Figure 10]FIGURE 10 | Three-dimensional random aggregate concrete model.
In this paper, the model of aggregate is selected as HJC model, and the model of mortar and ITZ is selected as K&C model. The HJC model needs to obtain the elastic modulus, mass density, Poisson’s ratio and compressive strength of the aggregate. Because this paper uses the REL3 version of the K&C model, compared with other versions, it has the function of automatically determining the material parameters. It only needs to input the initial parameters such as uniaxial compressive strength, uniaxial tensile strength and elastic modulus, other parameters of concrete can be automatically calculated.
In this paper, the parameters of the model are determined by the microhardness as the medium, and the relationship between the microhardness and the meso-components of the concrete is acquired by means of statistics. The microhardness of each component of HPC required in this paper is obtained through experiments, and finally the mechanical parameters of each component of HPC are obtained. Details are shown in Section 4.2.
4.2 Mechanical properties of HPC meso-components and determination of model parameters
In order to obtain the mechanical parameters of each mesoscopic component of HPC, the microhardness test was carried out in this paper. According to the calculation formula for microhardness in Section 2.4.4, the microhardness variation with position near the coarse aggregate can be obtained (Figure 11). In the figure, the initial phase with relatively high microhardness corresponds to the aggregate, the lowest point in the curve represents the microhardness of the ITZ, and the subsequent relatively flat segment corresponds to the microhardness of the matrix. By conducting parallel measurements of 10 sets of data near the same aggregate and taking the average, the specific microhardness values for Ca40-0, Ca50-0, and Ca60Z-0 components are presented in Table 10.
[image: Figure 11]FIGURE 11 | Microhardness distribution near coarse aggregate of HPC with different strength.
TABLE 10 | Microhardness of HPC components with different strength.
[image: Table 10]Due to limitations in size and testing conditions, the mechanical properties of mortar and the interface transition zone (ITZ) have not been accurately determined. Therefore, this study first obtained the microhardness values of various components inside concrete, including the matrix, aggregate, and ITZ, through experiments. Then, based on the work of Diao et al. (Diao, 2021) and Liu et al. (Liu and Jia, 1995), relationships between the macroscopic mechanical properties such as compressive strength fc, splitting tensile strength fst, and elastic modulus Ec of concrete and microhardness were established.
Through data fitting analysis, it was found that there is a linear relationship between the microhardness HV of the matrix and the splitting tensile strength fst-mor of mortar, and a quadratic function relationship between the compressive strength fc of the matrix and its microhardness. The relationship between the compressive strength fc and the static modulus of elasticity Ec of the matrix is linear. The static modulus of elasticity Ec of the matrix has a power function relationship with the elastic modulus Ec-mor of mortar, and the elastic modulus Ec-mor of mortar has a power function relationship with the compressive strength fc-mor of mortar, as shown in Figure 12. By using the experimentally measured microhardness of the matrix, the mechanical properties of the mortar components can be subsequently determined.
[image: Figure 12]FIGURE 12 | Relationship between the macroscopic mechanical properties of mortar and HV of matrix. (A) Relationship between HV and fst-mor of matrix, (B) Relationship between HV and fc of matrix, (C) The relationship between fc and Ec of matrix, (D) The relationship between Ec and Ec-mor, (E) Relationship between Ec-mor and fc-mor.
Figure 13 illustrates the relationship between the microhardness of the ITZ and its mechanical properties. From the graph, it is evident that the microhardness of the ITZ exhibits an exponential relationship with its splitting tensile strength, and the splitting tensile strength of the ITZ has an exponential relationship with its compressive strength. Since the ITZ can be considered as the weaker mortar component, the relationship between Ec-ITZ and fc can be referenced from Figure 12C.
[image: Figure 13]FIGURE 13 | Relationship between the macroscopic mechanical properties of ITZ and HV. (A) Relationship between HV-ITZ and fst-ITZ, (B) Relationship between fst-ITZ and fc-ITZ.
In this study, the mortar and ITZ are modeled using the K&C model, which includes three strength failure surfaces: the initial yield surface, the ultimate strength surface, and the residual strength surface. This model can simulate the changes of the strengthening surface between the initial yield surface and the ultimate strength surface, as well as the softening surface between the ultimate strength surface and the residual strength surface (Liu and Jia, 1995). By utilizing the aforementioned relationships between microhardness and the mechanical properties of each component, the material parameters of mortar and ITZ can be calculated, as detailed in Table 11.
TABLE 11 | Model parameters of mortar and ITZ material.
[image: Table 11]The aggregate is modeled using the HJC model, which comprises a state equation, a yield surface equation, and a damage evolution model, as illustrated in Figure 14. Specific material parameters are selected based on references (Li et al., 2023), with an elastic modulus E = 66GPa, mass density ρ = 2780 kg/m3, Poisson’s ratio μ = 0.15, and compressive strength fc = 50 MPa.
[image: Figure 14]FIGURE 14 | The yield surface equation of HJC model (Qin et al., 2014).
4.3 Verification of model parameters of 3D concrete mesoscopic model in HPC flexural test
Based on the modeling method and process described in Section 4.1, a 515 mm × 100 mm × 100 mm prismatic concrete specimen model was established with a mesh size of 2mm, resulting in a total of 645,060 elements. The aggregate volume fraction is 46%. Distributed displacement loads were applied along the Z-axis to simulate the mesosfailure mechanism of HPC in flexural experiments (Figure 15). From the simulated results, stress is concentrated between the two loading points, and cracks gradually propagate upwards in this region. Eventually, the overall failure process is consistent with the simulation results, with most of the aggregates along the failure surface being split, forming relatively smooth fracture surfaces.
[image: Figure 15]FIGURE 15 | Failure mode of Ca50-0 specimen in flexural test.
By referring to the relevant articles (Liu et al., 2021; Guo et al., 2022; Li et al., 2023), it can be found that the simulation effect is better when the error between the experiment and the simulation results is less than 10%.
Table 12 summarizes the experimental and simulated flexural strengths, the error is within 10%, indicating that this model can effectively simulate the flexural mechanical properties of HPC containing ASR inhibitors under long-term alkali immersion.
TABLE 12 | Comparison of different strength HPC test and simulated flexural strength.
[image: Table 12]Figure 16 depicts the failure process of three different strength HPC specimens, Ca40-0, Ca50-0, and Ca60Z-0. The maximum effective strain was adjusted to 0.003. From the figure, it can be observed that cracks in all specimens generally develop from bottom to top. Cracks first appear in Ca40-0 at 0.002 s, then propagate rapidly upwards, bypassing the bottom aggregates and directly penetrating some aggregates in the middle of the specimen by 0.008s, forming the main crack. In contrast, cracks in Ca50-0 and Ca60Z-0 form later due to directly penetrating the bottom aggregates, but the main cracks also form at 0.008 s. With subsequent loading, the cracks gradually widen, leading to the final failure mode consistent with the actual scenario. Specifically, with increasing strength, the proportion of cracks penetrating aggregates increases. Almost no cracks bypassing aggregates were observed in Ca50-0 and Ca60Z, indicating that using the three-dimensional random aggregate mesoscopic model and associating microhardness with the mechanical parameters of concrete components to obtain model parameters can effectively simulate the flexural failure mode of HPC.
[image: Figure 16]FIGURE 16 | Analysis of failure process of HPC with different strength grades.
4.4 Numerical simulation of mesoscopic failure mechanism in HPC flexural test
Figure 17 illustrates the failure process of coarse aggregates in the Ca40-0 model, where most aggregates exhibit splitting failure. As shown in the figure, as the loading time progresses, cracks make contact with the aggregates at 0.002s, followed by the appearance of fine cracks in the aggregates at 0.004 s. With further loading, the cracks continue to expand, penetrating the aggregates almost vertically, widening the cracks on both sides, and squeezing the aggregates sideways, ultimately resulting in a relatively smooth fracture surface. A small portion of cracks bypassing the aggregates can be observed. At 0.004s, the crack penetrates the ITZ and reaches the aggregates. Subsequently, instead of continuing to propagate in the original direction, the crack propagates along the ITZ between the aggregates and the mortar until complete failure occurs, causing the detachment of the aggregates from the mortar. The final failure surface exhibits protruding aggregates or retained aggregate voids.
[image: Figure 17]FIGURE 17 | Different failure processes of coarse aggregate.
5 CONCLUSION
Based on the investigation of the mechanical properties and microfailure mechanisms of HPC containing ASR inhibition measures under long-term alkali immersion, the specific conclusions are as follows.
(1) With the increase in strength grade, the flexural strength of HPC generally shows an increasing trend, but as the alkali content rises, the flexural strength gradually decreases. Air-entraining agents perform better in resisting ASR under long-term alkali immersion compared to corrosion inhibitor.
(2) In standard alkali solution, the flexural strength of HPC in the middle alkali state generally increases with the increase in strength grade during different immersion periods. The immersion time has an impact on the flexural strength of HPC with different strength grades. Initially, immersion can significantly enhance the flexural strength, but prolonged immersion leads to a gradual decrease in strength, albeit still maintained at a relatively high level.
(3) HPC specimens of different strength grades and alkali contents exhibit similar fracture characteristics in flexural tests, mainly characterized by a single primary crack formed between loading points and eventually extending to the specimen section.
(4) The three-dimensional random aggregate mesoscopic concrete model was used to simulate the flexural failure mode of HPC. Results demonstrate that with increasing strength, the occurrence time of initial cracks is delayed, and the ratio of cracks bypassing aggregates (cracks develop along the ITZ between aggregate and mortar until complete failure) decreases, and the ratio of cracks penetrating aggregates (cracks develop directly through the aggregates in an almost vertical direction) increases.
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This paper presents experimental and numerical studies on compression behaviour of equal-leg steel angles with bolted connection and subjected to local defect at the bolt hole. To simulate corrosion, a mechanical cutting method was used in the experimental test to increase the diameter of bolt holes, and a total of 18 steel angles were investigated in the study. The parameters considered included the slenderness and the diameter of bolt holes. The slendernesses of steel angles were 80 and 140, and the diameter of bolt holes ranged from 21.5 to 27.5 mm. Additionally, numerical models were established for the steel angles. The accuracy of the numerical model was verified by comparing experimental data with numerical results. Based on the validated numerical model, a parametric analysis was conducted to quantitatively assess the influences of the slenderness and the diameter of bolt holes on the load capacity of specimens against global buckling. Experimental and numerical results showed that the defect at the bolt hole affected the load capacity of specimens when the diameter of the bolt hole was increased to 27.5 mm and the slenderness was not greater than 100.
Keywords: Q355 steel angles, bolted connections, buckling failure, load capacity, numerical simulations
1 INTRODUCTION
Equal-leg steel angles are widely used in the structures of transmission towers due to their diverse sectional dimensions, ease of fabrication, and convenient connection options. In the towers, steel angles connected with bolts at one leg are often used as inclined compression or tension members. The overall buckling behaviour of these steel angles has become the focus of research studies (Adluri and Madugula, 1996; Bathon et al., 1993; Shi et al., 2011; Wakabayashi and Nonaka, 1965; Cao et al., 2017; Chen, 2012; Liu et al., 2021).
Since transmission towers operate outdoors in the service life and they are frequently subjected to various weathering conditions, making the steel angle highly susceptible to varying degrees of corrosion (Huang et al., 2023). Corrosion alters the chemical and physical properties of steel, thereby reducing the behaviour and resistance of components. For corroded steel angles, it is essential to carefully assess their residual load capacities to ensure safety. Researchers have conducted various compression tests to quantify the overall buckling load of steel angles with corrosion. Beaulieu et al. (2010) considered the corrosion of 16 steel angles by immersing them in saturated copper sulphate solution, followed by compression testing. They investigated the influence of slenderness, width-to-thickness ratio, and degree of corrosion on the compressive behaviour of steel angles. Zhang et al. (2014) investigated the influence of acid rain corrosion models on the seismic behaviour of Q355 equal-leg steel angle through quasi-static tests and established corresponding degradation models. Gao et al. (2020) quantitatively analysed the effects of four common types of corrosion, including uniform corrosion, pitting corrosion, localized corrosion, and corrosion at the edge, on the performance of steel angles by numerical modelling. Additionally, researchers have developed calculation methods to predict the load capacity of steel angles. Ye et al. (2016) established a conversion relationship between artificial accelerated corrosion tests and the corrosion status of Q235 steel components under marine atmospheric conditions. They also proposed a practical calculation method to analyse the mechanical behaviour degradation of pitted steel components. Oszvald et al. (2016) simulated corrosion by reducing the thickness of steel angles using mechanical cutting. They conducted compression tests and numerical simulations on corroded equal-leg steel angles and developed a simplified design method to predict the residual compressive resistance of corroded components. Wang (2021) studied the influence of pit thickness, corrosion range, corrosion location, and slenderness of components on the mechanical properties of Q420 locally corroded steel angles through numerical simulations. Based on the research results, they proposed calculation formulae to evaluate the ultimate tensile and compressive load-bearing capacities. In summary, most studies have focused on the influence of corrosion on the mechanical properties of steel or a single component in specific environments. However, there is a lack of sufficient experimental data regarding the residual compression resistance of steel angles with bolted connections on one leg after corrosion.
This study aims to provide experimental and numerical data on the compression load capacity of equal-leg steel angles with bolted connections after simulated corrosion. The corrosion of steel angles was simulated using mechanical cutting methods and the diameter of bolt holes and slenderness was varied in the experimental tests and numerical study. The influences of slenderness and bolt hole diameter on its buckling behaviour of steel angles were quantified in the experimental and numerical results.
2 EXPERIMENTAL PROGRAMME FOR STEEL ANGLES IN COMPRESSION
2.1 Specimen design
Q355 steel angles with equal legs were selected for compression tests. Figure 1 displays an image of steel angles. The steel angles had a cross-sectional dimension of 75 mm × 6 mm, with total lengths of 1,092 mm and 1,986 mm respectively. Based on the distance between the top and bottom hinged supports (measured as 2,086 mm for long angle steel and 1,192 mm for short angle steel), the slendernesses of steel angles with regard to its minor axis were calculated to be 80 and 140, respectively. Figure 2 shows the detailed dimension of specimens. A steel plate was connected to one leg of each angle using three bolts at each end, representing a typical form of connection in transmission towers. To simulate corrosion, mechanical cutting can be adopted to reduce the thickness of steel plates (Oszvald et al., 2016). Site investigations before testing showed that the connection of steel angles might be subjected to severe corrosion. To simulate the corrosion, the diameter of bolt holes was enlarged by mechanical cutting, but the thickness of steel angles remained unchanged. It should be pointed out that mechanical cutting would not affect the compression behaviour of steel angles, as the compression capacity of steel angles is only sensitive to changes in the cross-sectional area of steel angles rather than the different levels of stress concentration. However, the residual stress distribution may be affected due to the heat generated in the cutting process. In this study, a total of 6 sets of steel angles were tested in compression, with three steel angles with the same parameter in each set. Table 1 lists the specific parameter of steel angles. In the table, the symbols are defined as follows: L and S represent the long and short steel angles, respectively; H indicates the defect at the bolt hole. For example, L-H23.5 indicates that the bolt hole diameter of the long angle steel is 23.5 mm. The steel angles used in the compression tests could be categorized into two groups. The first group consisted of 2 sets of control specimens without damage (Huang et al., 2024). The second group included 4 sets of specimens with enlarged bolt holes, namely, the diameter of the bolt hole was increased from 21.5 mm to 23.5 and 27.5 mm, respectively. The cross-section and slenderness of steel angles were selected based on the widely used dimension of steel angles in transmission towers in China. Note that the diameter of bolt holes was affected by the service life and environmental conditions of transmission towers.
[image: Figure 1]FIGURE 1 | Steel angles used in the experimental tests.
[image: Figure 2]FIGURE 2 | Dimensions of steel angles and bolt holes (unit in mm).
TABLE 1 | Summary of geometric dimensions of steel angles.
[image: Table 1]2.2 Mechanical properties of steel angles
According to GB/T 228.1-2010 (Management Committee for National Standards, 2010), three samples were cut from the steel angle and tested in tension. The sample thickness was 6 mm, the same as the steel angle, and the gauge length was 96 mm. Figure 3 shows the stress-strain curve obtained from the tension test (Huang et al., 2024). It is evident that the curves for all three samples were close to one another, each consisting of an elastic stage, a yield plateau and a hardening stage. Experimental data showed that the elastic modulus of the steel angle was 201,172 MPa, the yield strength was 380.3 MPa, and the ultimate strength was 555.9 MPa.
[image: Figure 3]FIGURE 3 | Tensile test results of steel angles.
2.3 Testing method
A compression machine was used to load the steel angle in compression, as illustrated in Figure 4. In the test setup, each end of the loaded leg was connected to a hinge using three Grade R8.8 high-strength steel bolts. In practice, the steel angle is subjected to an eccentric compressive load. Thus, a unidirectional knife-edge support was used for the hinge to ensure that the steel angle would bend about its weak axis in compression. A 50-tonne load cell was installed between the end plate and the support. In the testing process, the top of the testing machine remained fixed, while the bottom support moved upwards to apply the vertical load.
[image: Figure 4]FIGURE 4 | Test setup for steel angles in compression.
During loading, the compressive load was measured using the load cell. Two linear variable differential transducers (LVDTs) were installed at the bottom of the testing device to measure the vertical displacement of the steel angle. Additionally, two more LVDTs were erected in the middle of specimens to measure its lateral deformation perpendicular to the two legs. To further analyse the strain development across different sections of the steel angle under vertical loads, strain gauges with a gauge length of 5 mm were attached on the face at the mid-height and ends of the steel angle. These strain gauges could measure the variation of strain when buckling occurred during testing.
According to the DL/T 5486-2020 (Management Committee for National Standards, 2020b), a vertical load was applied at a loading rate of 2 kN/s up to 80% of the calculated theoretical ultimate load. When the applied load exceeded 80% of the theoretical ultimate load, the loading rate was adjusted to 1 kN/s. The loading was stopped when the load decreased to 70% of the peak value after the failure of specimens.
3 DISCUSSIONS ON TEST RESULTS
3.1 Load-deflection relationship of steel angles
Figure 5 plots the typical load-in-plane deflection curve for steel angle without local defects (Huang et al., 2024). The measured deflection represents that of steel angles about the minor axis. It can be observed from Figure 5A that when the load was less than 120 kN, the curves of SCN-2 and SCN-3 were almost the same, without any lateral deflections measured. However, the curve of SCN-1 differed from the other two. As the load increased to 120 kN, the deflection of SCN-1 continued to increase linearly with the applied load. The differences in the curves during the initial loading phase might originate from different initial geometric imperfections of the steel angles in the same group. SCN-2 and SCN-3 had smaller geometric imperfections, resulting in a slower increase in the in-plane deflection upon loading. In contrast, SCN-1 had larger initial geometric imperfections, leading to the rapidly increasing deflection during the initial loading phase. As the load approached the peak value, the load-deflection curve became flatter, with the rapid increasing in the deflection. It should be noted that SCN-1 developed the same load capacity with SCN-2 and SCN-3. As the length of steel angles increased, the associated compression capacity reduced significantly, but the overall trend of the load-deflection curves remained consistent, as shown in Figure 5B.
[image: Figure 5]FIGURE 5 | Variation of load with mid-height deflection of intact steel angles (Huang et al., 2024).
Figure 6 shows the curves of steel angles with enlarged bolt holes. The curves in general were similar to those without local defects. The compression capacity decreased with increasing bolt holes. However, the reduction of the compression capacity was insignificant when the diameter of the bolt hole was increased from 21.5 mm to 27.5 mm. It can also be observed from the figure that the deflection associated with the compression capacity decreased with the increasing diameter of the bolt hole.
[image: Figure 6]FIGURE 6 | Variation of load with deflection of steel angles with enlarged bolt holes.
3.2 Failure modes of steel angles
Figure 7 illustrates the typical failure modes of steel angles under compression. In the initial phase of loading, the steel angle underwent deflection about its weak axis, which rapidly increased after the attainment of the peak load and was accompanied by torsion. As a result of the similarity in the failure mode of specimens, only those of SC-H27.5 and LC-H27.5 are displayed in the figure. The final modes of failure of specimens were global buckling, displaying a clear sinusoidal half-wave form along the longitudinal axis. Besides, noticeable torsional deformations were observed for both long and short steel angles. Therefore, the actual failure mode observed in the tests was combined flexural and torsional buckling.
[image: Figure 7]FIGURE 7 | Typical modes of failure of specimens in compression.
3.3 Load-strain curves
Figures 8, 9 present the typical load-strain curves of steel angles in compression. To clearly show the variation of strains at the end and middle of steel angles, curves from two specimens SC-H27.5 and LC-H27.5 were analysed in the study. Figure 8A shows the load-strain curve of the steel angle SC-H27.5. The strains at positions T-3, T-4, and T-5 near the loading leg developed compressive values, while positions T-1 and T-2 on the unloaded leg showed tensile strains. Notably, the strain at position T-4 exceeded that at positions T-3 and T-5 with increasing compression, and the strain at position T-3 started decreasing, suggesting that the specimen might have experienced twisting at the end. At the attainment of the load capacity, the strains at positions T-3 and T-4 were significantly greater than the yield strain measured in the coupon test. Figure 8B plots the load-strain curve at the mid-height of SC-H27.5. It is visible that strains at M-3 and M-4 remained compressive during the whole loading phase and gradually increased. Particularly, at positions M-5 and M-6, the strain varied from compressive to tensile after the steel angle reached its ultimate load. Meanwhile, positions M-1 and M-2 at the unloaded leg consistently generated tensile strains, with M-1 almost the same as M-2. This observation suggested that noticeable twisting also occurred at the end of the steel angle during compression. The peak strains exceeded the yield stress measured in the coupon test, indicating that inelastic buckling occurred for specimens.
[image: Figure 8]FIGURE 8 | Variation of steel strain with compression for angle SC-H27.5.
[image: Figure 9]FIGURE 9 | Variation of steel strain with compression for angle LC-H27.5.
Figure 9A provides a detailed view of the load-strain curves at the top end of steel angle LC-H27.5 with defect at the bolt hole. Similar to the undamaged specimen LC-H23.5, positions T-1 and T-2 on LC-H27.5 consistently exhibited tensile strains throughout the compression process, while positions T-3 to T-5 developed compressive strains. However, compared to LC-H23.5, the compressive strains of LC-H27.5 at T-3 and T-5 showed a clear decreasing trend after the specimen reached the compression capacity, and the peak value of compressive strains at these points were also significantly lower than those at T-4. This phenomenon indicated that twisting occurred at the upper end of the steel angle. Figure 9B displays the strain development in the middle of LC-H27.5. There were no significant differences between the strains at positions M-1 and M-2 in the middle of LC-H27.5, suggesting that no significant torsional deformations occurred in the middle. This observation indicated that even though LC-H27.5 showed twisting at the top end, it did not significantly affect the strain measured in the middle.
3.4 Discussions on test results
Figure 10 shows the influence of bolt hole diameters on the compression capacity of steel angles under compression. Experimental results indicated that, despite an increase in the bolt hole diameter, the change in the load capacity was minimal, typically within 3%, for specimens with the same slenderness. However, the increase in the bolt hole diameter might change the strain variation in the middle. When the diameter of the bolt hole increased, the strain measured in the middle did not indicate significant torsional deformations, as the steel section at the end was significantly reduced which eventually led to localised torsional deformation at the end.
[image: Figure 10]FIGURE 10 | Effect of bolt hole diameters on compression capacity of long and short steel angles.
4 FINITE ELEMENT SIMULATIONS OF STEEL ANGLES IN COMPRESSION
4.1 Development of finite element models
To study the influence of defect at the bolt hole on the compressive behaviour of steel angles, numerical models were developed using finite element software ABAQUS. In the model, bolts, steel angle, connection plates, and end plates were all modelled using C3D8R (eight-node linear hexahedral, reduced integration elements) solid elements, as shown in Figure 11. To optimize computational efficiency while ensuring the accuracy of the numerical model, a mesh sensitivity analysis was conducted to investigate the influence of mesh size on the compressive behaviour of steel angles. Preliminary results showed that when the mesh sizes in longitudinal, width and thickness directions were determined to be 10, 5 and 2 mm, respectively, the influence of mesh size on the ultimate load could be neglected. Therefore, the mesh size was set to 10 mm × 5 mm×2 mm. Additionally, global and local seeds were appropriately placed within the model to optimize the distribution of the mesh.
[image: Figure 11]FIGURE 11 | Numerical models for steel angles in compression.
In this study, a point-to-surface restraint was defined to couple the loading end plate with the reference point RP1. Considering the experimental conditions of the steel angle and the use of a hinge connection at the edge of the connection plate, the boundary conditions for reference point RP-1 were set to U1 = U2 = U3 = 0 and UR2 = UR3 = 0. As the bottom end plate was fixed, its restraints were set to U1 = U2 = U3 = UR1 = UR2 = UR3 = 0. Moreover, seven types of surface-to-surface contact interactions were defined between the steel angle, connection plates, bolts, and end plates in the model. A bolt preload was applied by defining the bolt load; then, the bolt load was adjusted to keep the present length constant, and the boundary conditions for reference point RP1 were reset. A Load was applied along the longitudinal axis through a displacement-control method.
4.2 Mechanical properties of steel
In this numerical model, the material properties of the steel, such as elastic modulus, yield strength, and ultimate strength, were determined based on the results of tensile tests on steel coupons. A Poisson’s ratio of 0.3 was used, and the mechanical properties were averaged across three test specimens. The stress-strain curve obtained from the experiments showed a distinct yield plateau, and thus the model employed an elastic-plastic model that incorporates the yield plateau and hardening stage, as depicted in the Figure 12 (Huang et al., 2024). The model also assumed that the materials of the connection plates, end plates, and bolts remain elastic. Their elastic properties were consistent with those of the steel angle.
[image: Figure 12]FIGURE 12 | Stress-strain model for steel angles in the finite element model.
The residual stress in the steel angle was not measured before testing, but the simplified distribution proposed by Wang (Wang, 1981a; Wang, 1981b) was defined in the finite element model. Note that even though the residual stress may be affected by mechanical cutting, it was not considered in the numerical model due to the lack of test data. Residual stresses were applied longitudinally to the steel angle model through a prestress field. Based on the recommendation of GB50017-2017 (Management Committee for National Standards, 2020a), the initial bending of the steel angle in the model was set at 1/1,000 of its length to simulate the geometric imperfection.
4.3 Validation of finite element models
In this study, finite element analyses were conducted for all specimens in compression, and typical specimens, including SC-23.5, LC-23.5, SC-H27.5 and LC-27.5, were selected to analyse and compare the load-deflection curves obtained from experiments and numerical simulations. In general, the trends obtained in the numerical simulations closely match the curves obtained from the experimental tests, as shown in Figure 13. During the initial loading phase, the numerical simulation shows a rapid increase in the deflection of the steel angle. When the steel angle is close to buckling, the experimental and simulation curves match well. The difference between the experimental and numerical curves may be due to that the initial bending of the steel angle in the experiments was not 1/1,000 of the angle length as assumed in the model.
[image: Figure 13]FIGURE 13 | Comparisons of numerical load-deflection curves with experimental results.
In addition to the load-deflection curve, the peak loads obtained from numerical simulations and experimental tests were also compared, as shown in the Table 2. The average numerical to experimental load ratio is 0.92, with a coefficient of variation of 3.6%, indicating that the numerical model can accurately calculate the ultimate load of the specimens. For instance, the experimental value of SCN was 145.8 kN, while the simulated value is 140.9 kN, 3.4% less than the experimental value. This shows that the numerical value is generally lower than the experimental value. The underestimation of the load capacity might result from the neglecting of the friction between the hinge and the end plate and the assumed residual stress and initial bending in the numerical model.
TABLE 2 | Comparison of numerical ultimate loads with experimental values.
[image: Table 2]Figure 14 shows the deflection and stress distribution in the numerical simulation when the steel angle reaches yielding and compare with the failure modes observed in the experimental tests. It can be observed that the simulation and experimental results exhibit good agreement in terms of the failure mode, displaying combined bending and torsional buckling. The maximum stress in SC-H27.5 is primarily concentrated at the middle of the unloaded leg, with a value of 459.8 MPa. However, when the slenderness is increased to 140, the maximum stress occurs at the end of the steel angle, with a value of 537.5 MPa. The increase in the stress at the end is mainly induced by the increased diameter of bolt holes and the associated reduced net section area of the steel angle.
[image: Figure 14]FIGURE 14 | Comparisons of numerical and experimental failure modes of specimens.
5 PARAMETRIC STUDY
In accordance with the verified finite element model, a parametric study was performed to study the effects of slenderness on the compression capacity of specimens with different diameters of bolt holes, as shown in Figure 15. In the parametric study, three different bolt hole diameters, namely, 21.5, 23.5 and 27.5 mm, are determined based on the experimental result. Steel angles with various slendernesses, namely, 80, 100, 120, and 140, are selected to investigate the combined effect of bolt hole diameter and slenderness. It can be observed that the ultimate load of steel angles with the same diameter of bolt holes decreases with the increasing slenderness. For example, when the bolt hole diameter is 23.5 mm, the load capacity of the steel angle with a slenderness of 80 is 136.9 kN, but the value decreases by 40.5%–81.5 kN when the slenderness increases to 140. The figure also shows the influences of the diameter of bolt holes on the compression capacity of specimens. It is apparent the diameter of bolt holes on the compression capacity is significant if the bolt hole diameter is 27.5 mm and the slenderness of specimens does not exceed 100. Otherwise, the reduction in the ultimate load induced by the bolt hole is less than 4% as compared with the undamaged steel angle. Thus, numerical results imply that under certain conditions, the influence of the bolt hole diameter on the load capacity of steel angles can be neglected, even though the presence of the bolt hole can reduce the restraint stiffness provided by the end plate and lead to localised twisting at the end.
[image: Figure 15]FIGURE 15 | Influence of bolt hole diameters and slenderness on the compression capacity of specimens.
6 CONCLUSION
This paper presents experimental and finite element studies on the global buckling behaviour of steel angles with defect at the bolt hole and subjected to compression. The compression capacity and global buckling failure of steel angles were examined through compression tests and numerical modelling. The influences of the slenderness and bolt hole diameter on the buckling load of specimens were also analysed in the parametric study. The following conclusions can be found as follows.
(1) When the diameter of the bolt hole was increased from 21.5 to 27.5 mm, the compression capacity of specimens with a slenderness of 80 was slightly reduced by 3.0%, whereas that with a slenderness of 120 remained almost unchanged. The effects of the diameter of bolt holes were insignificant for steel angles with a slenderness greater than 120 and can be neglected in design.
(2) Steel angles developed combined bending and twisting failure when they were loaded in compression on one leg. The presence of bolt holes led to localised twisting of steel angles near the end, but the twisting effect in the middle became insignificant.
(3) Parametric analysis through the numerical model indicates that as the slenderness ratio increases, the load-bearing capacity of steel angles with different diameters of bolt holes decreases, but the effect is only significant when the diameter of bolt holes is 27.5 mm and the slenderness is not greater than 100. Thus, when the slenderness of steel angles is less than 100, the effect of enlarged bolt holes on the compression capacity of steel angles should be reduced in design.
It should also be pointed out that the present study only focuses on the effect of corrosion at the bolt hole. In fact, corrosion may occur at the bolt hole and the connection at the same time. In that case, the conclusion of the present study is not applicable, and further experimental tests or numerical simulations are necessary to evaluate the influence of corrosion at the connection.
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The wooden arch corridor bridge is a typical representative of Chinese wooden bridges, holding significant historical research value. Currently, these bridges face issues of severe component deformation and insufficient load-bearing capacity. To address these problems, this study employs CFRP reinforcement on the components of wooden arch corridor bridges to reduce deformation and enhance load-bearing capacity. Experimental research on CFRP reinforcement has yielded the elastic modulus of the bonding interface. Given the lack of an accurate numerical model for wooden arch corridor bridges, this study establishes a precise numerical model by setting parameters based on load test data from wooden arch corridor bridges. The elastic modulus obtained from the experiments is input into the numerical model for analysis. The results indicate that CFRP exhibits excellent reinforcement performance, with the load-bearing capacity of the reinforced damaged components still reaching 75%–85% of their original capacity, while the load-bearing capacity of the reinforced undamaged components increases to 130%–140% of their original capacity. The failure modes of the CFRP-reinforced wooden components suggest that allowing for some gaps in the bonding of CFRP can enhance overall ductility. The application of CFRP to wooden arch corridor bridges also demonstrates favorable reinforcement effects, increasing the load-bearing capacity of the arch surface by approximately 20%, thereby providing a theoretical basis for the reinforcement of wooden arch bridge frameworks.
Keywords: CFRP, wooden arch bridge, elastic modulus of bonding interface, experimental study, reinforce
1 INTRODUCTION
The wooden arch bridge is a quintessential example of timber bridges, characterized by its interlocking mortise and tenon woven arch structure. This structure primarily consists of the “Sanjiao Miao” (three-section sprout), “Wujiao Miao” (five-section sprout), and “Niu Tou” (ox head). The main load-bearing capacity is found in the “Sanjiao Miao,” which combines the side sprouts of the three or five-section sprouts with the central flat sprout. Currently, wooden arch bridges can be classified into two styles: “Sanjiao Miao” and “Sanjiao” or “Wujiao Miao.” For instance, the “Sanjiao Miao” style is exemplified by Puji Bridge, located in Fucun Natural Village, Hejin Prefecture, Xiandu Township, Liandu District. This bridge was constructed in the 17th year of the Republic of China (1928 AD) and has a total length of 22.1 m, a width of 3.2 m, a clear span of 13.7 m, and a height of 5.00 m. In contrast, the “Wujiao Miao” style is represented by Long Bridge, situated in Yueshan Village, Jushui Township, Qingyuan County, Zhejiang Province. Constructed in the fifth year of Ming Rixing (1625 AD), it features a total length of 28.2 m, an arch span of 14.1 m, a clear span of 19.5 m, and a width of 6 m. Both Puji Bridge and Long Bridge fully preserve the architectural styles of “Sanjiao Miao” and “Sanjiao” or “Wujiao Miao” wooden arch bridges. They serve as important references for the study of ancient bridge history in China and possess significant historical, artistic, and scientific value.
The existing wooden arch bridges have a long history and are often classified as national treasures due to their cultural significance. Overall, these bridges are well-preserved; however, some local components have experienced a noticeable reduction in load-bearing capacity, attributed to various material choices made during construction or surface corrosion caused by moisture. Furthermore, increased bridge loads during the flood season, aimed at preventing scouring and accommodating the high volume of tourists during peak seasons, can lead to significant deformation of components or insufficient load-bearing capacity, resulting in the bridge tilting to one side. Therefore, reinforcing the original components of the wooden arch bridge in situ to maintain its original appearance is of great importance.
From Figures 1, 2, it is evident that the main load-bearing points of the components of the wooden arch bridge are in the middle section of the central components. The existing wooden arch bridge components, mostly the central components, suffer from insufficient load-bearing capacity. Currently, there is no satisfactory solution for reinforcing the central components of the wooden arch bridge. Typically, the central components are either completely replaced after being dismantled from the frame or partially removed and connected to the pier platform, followed by reinforcement using nails, steel plates, and rivets. This approach is costly and demands high construction technology requirements. Additionally, nails and steel plates are used to strengthen the mortise and tenon connections. Many studies have shown that this method can enhance their load-bearing capacity to some extent (Jin et al., 2022; Wang et al., 2021; Guo et al., 2020; Zhou et al., 2016; Xue et al., 2015). However, it has a short aging time, is prone to corrosion and detachment, leading to a significant decline in reinforcement effectiveness.
[image: Figure 1]FIGURE 1 | Puji bridge.
[image: Figure 2]FIGURE 2 | Rulong bridge.
Currently, there is an urgent need for a new reinforcement scheme for the central components of wooden arch bridges. Li et al. (2019) analyzed and prospected the restoration and reinforcement techniques of Chinese ancient wooden structures. They suggested that, based on inheriting and exploring traditional techniques, there should be active introduction of new materials and technologies to compensate for traditional deficiencies. There have been some studies on the application of CFRP in glued laminated timber beams. Klaudia et al. (2021) found that the failure mode of CFRP-reinforced glued laminated timber beams has changed. İşleyen et al. (2021) and Vahedian et al. (2019) demonstrated that CFRP applied to composite timber beams can improve their ultimate load-carrying capacity. Siha et al. (Zhou et al., 2020; A et al., 2021) investigated CFRP and near-surface reinforcement of circular wooden columns, showing improved axial load-carrying capacity and good deformation coordination for all three materials. Ghanbari Ghazijahani et al. (Tohid et al., 2020) enhanced the load-carrying capacity and ductility of CFRP-reinforced I-beams. Brol and Agnieszka (2019) and Bashandy et al. (2018) used various composite materials to reinforce aged wood, with CFRP showing the best reinforcement effect. CFRP reinforcement also has a good effect on defective or extended wooden beams (Rescalvo et al., 2018a; Rescalvo et al., 2018b; Zhang et al., 2018; Yuan et al., 2014; Zhu et al., 2005; Lin et al., 2016). Buell and Saadatmanesh (2005) applied composite materials in the form of fabric wrapping or laminates to enhance the load-bearing capacity of wooden bridges, and the results indicated that the carbon fiber fabric significantly improved the bending and shear strength of the wooden beams. Gentile et al. (2000) utilized CFRP for the reinforcement of wooden bridges, studying its bending capacity, and found that the bending strength increased by 18%–46%. Dagher and Lindyberg (2004) bonded FRP to the tension side of wooden bridges, repairing and upgrading existing wooden structures, and their results demonstrated good reinforcement performance. Qiu et al. (2021) applied three different CFRP reinforcement methods to laminated bamboo arches, and the experimental results indicated that the peak load can be increased by 26.54%.
CFRP demonstrates excellent reinforcement effectiveness in wooden structures, including both building structures and bridges. Currently, most research on CFRP reinforcement has focused on beam-column structures, with relatively little attention given to arched wooden bridges, particularly woven arch bridges like the wooden arch corridor bridge. The wooden components of the wooden arch corridor bridge not only resist bending and shear forces, but some of these components also bear compressive loads while simultaneously resisting bending. The main objectives of this study can be summarized as follows: Section 2 introduces the components of the wooden arch bridge and the preparation for the experiments, and provides theoretical derivation of the elastic modulus of the bonding interface between CFRP and the components. Section 3 presents the load tests on the main components of the wooden arch bridge, and obtains the elastic modulus of the bonding interface between CFRP and the components through experimental and theoretical analysis. Section 4 investigates the arches of the wooden arch bridge through experimental studies, conducts numerical modeling using SAP2000 for comparative analysis, and performs numerical simulations of CFRP-reinforced wooden arch bridge arches. Section 5 presents the conclusions drawn from the study.
2 EXPERIMENTAL STUDY
2.1 Component selection and fabrication
The wood selected for this experiment is Shandong cedar from Lishui City, chosen to closely match practical conditions, as this type of wood is commonly used in the construction of wooden arch corridor bridges. The physical and mechanical properties determined by wood testing methods are shown in Table 1. Six middle-section seedlings were fabricated for the three-segment arch bridge, consisting of three unreinforced components and three reinforced components, each illustrated in Figure 3. Figure 4 presents the moisture content of the wooden components reinforced with CFRP and those that are unreinforced. The selected moisture content reflects the levels typically encountered in the environmental conditions to which the wood is exposed, simulating the performance of CFRP reinforcement under normal drying conditions.
TABLE 1 | Physical and mechanical properties of timber-arched lounge bridge members.
[image: Table 1][image: Figure 3]FIGURE 3 | Timber-arched lounge bridge members.
[image: Figure 4]FIGURE 4 | Moisture content of components of timber-arched lounge bridge. (A) moisture content of reinforced members. (B) moisture content of unreinforced members.
The moisture content of the wooden arch bridge components was measured using the ZTW1601a wood moisture tester produced by Zhengtai Network Technology Co., Ltd. The CFRP used in the experiment was carbon fiber cloth produced by Shanghai Zhinuo Decoration Materials Co., Ltd., with a model specification of Grade I 58,788 (200 g); the adhesive was epoxy resin impregnated adhesive produced by Shanghai Zhino Decoration Materials Co., Ltd., with a model of ZN-700. It consists of two components, A and B, mixed in a ratio of A:B = 2:1. The mechanical properties of CFRP and adhesive were tested by the National Building Materials Testing Center on behalf of the company. The test results are shown in Table 2.
TABLE 2 | Performance indexes of CFRP and binder.
[image: Table 2]2.2 Loading scheme and measurement scheme
The experiments were performed using a 5000 kN hydraulic testing machine at the Structural Laboratory of Lishui University. The loading process entailed concentrated loading at two points on the beam, with preliminary loading of the specimen to mitigate local voids and minimize their impact on the test results. Subsequently, graded loading was applied until failure ensued.
During the experiment, measurements primarily encompassed the mid-span displacement of the wooden arch bridge components, strain at mid-span cross-sections, and strain at adjacent points of CFRP bonding termination. Observations and records of damage to the wooden arch bridge components during loading were also conducted. The arrangement of the loading device and measurement points is depicted in Figure 5.
[image: Figure 5]FIGURE 5 | Loading scheme and layout of measuring points.
2.3 Theoretical analysis of elastic modulus of bonding interface
The components of the wooden arch bridge were reinforced using carbon fiber cloth. This paper conducted theoretical analysis on the small range of the two end points, as shown in Figure 6 (unit: mm).
[image: Figure 6]FIGURE 6 | Mechanical analysis of CFRP wood bonding interface.
For the small cross-sectional analysis around adjacent measurement points, it is assumed that after CFRP reinforcement of the wooden arch bridge components, the strain between the adjacent measurement points exhibits linear variation, meaning that the shear stress at the bonding interface between adjacent measurement points remains constant. The shear stress within this range can be obtained through the equilibrium relationship between adjacent CFRP points, namely, the average bonding interface shear stress τ. Assuming the distance between the two points is [image: image], and the strains at the two measurement points are ε1 and ε2, respectively, the equilibrium relationship can be expressed as follows (Dai et al., 2015):
[image: image]
[image: image]
Where FN1 and FN2 are the axial forces of adjacent measuring points respectively; FNb is the axial force of the bonding interface layer.
According to Equations 1, 2, order [image: image], the average shear stress τ between the two measuring points of CFRP and wooden arch corridor bridge members in [image: image] section is:
[image: image]
Where EC is the elastic modulus of CFRP; [image: image] is the strain difference of CFRP between two measuring points in [image: image] section, that is, the relative strain between the two measuring points.
According to Equation 3, the shear stress of the bonding interface of the member under different loads can be calculated.
The components of wooden arch corridor bridge are strengthened with CFRP, and the micro elements of two adjacent measuring points dx are taken, then the shear strain γ of the bonding layer is:
[image: image]
where i(x,y) and j(x,y) are the horizontal and vertical displacement of the bonding layer respectively. According to Equation 3, the shear stress τ(x) at the bonding interface is:
[image: image]
where GA is the shear modulus of the bonding layer. It is assumed that the horizontal displacement of the bonding layer is linearly distributed along the vertical, that is:
[image: image]
where iC(x) and JW(x) are the horizontal displacement of the outer surface and inner surface of the bonding layer respectively, that is, the horizontal displacement of the inner surface of CFRP and the outer surface of wood beam respectively; δA is the thickness of the tack coat. Substituting Equation 6 into Equation 5 and deriving, it obtains:
[image: image]
Since the influence of shear deformation is very small, the shear deformation of single member of wooden arch corridor bridge and CFRP is ignored, then:
[image: image]
[image: image]
where FNC(x) and FNW(x) are the axial forces of CFRP and wooden arch corridor bridge components respectively; MC(x) and MW(x) are the bending moments of CFRP and wooden arch corridor bridge members respectively; EC and EW are the elastic modulus of CFRP and timber-arched lounge bridge members respectively; AC and AW are the sectional areas of CFRP and wooden arch corridor bridge components respectively; IC and IW are the section moment of inertia of CFRP and timber-arched lounge bridge components respectively; δC and δA are the thickness of CFRP and bonding layer respectively, and δ is the diameter of the member.
Because the stiffness and shear capacity of CFRP are very small, the bending moment and shear force borne by CFRP are ignored, that is:
[image: image]
[image: image]
According to the relationship between curvature and bending moment in material mechanics:
[image: image]
[image: image]
The equation for EI represents the total section bending stiffness, where EC, EA and EW denote the elastic modulus of CFRP, the elastic modulus of the bonding layer, and the elastic modulus of the wooden arch corridor bridge components, respectively; IA signifies the cross-sectional moment of inertia of the bonding layer. By substituting Equation 8–13 into Equation 7, we can obtain:
[image: image]
By deriving from both sides of Equation 14:
[image: image]
Considering the balance of micro elements, it can be obtained that:
[image: image]
[image: image]
Order:
[image: image]
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According to Equations 15–19, can be obtained:
[image: image]
Equation 20 is the governing differential equation of shear stress at the bonding interface, and its solution is:
[image: image]
where C1 and C2 are coefficients, which can be obtained according to the two-point centralized loading, and the two-point centralized loading of wooden arch corridor bridge components as shown in Figure 6. In the shear span, q(x) = 0, FS(x) = F/2; In the pure bending section, q(x) = 0, FS(x) = 0. Substituting it into Equation 21, the interfacial shear stress is:
[image: image]
The boundary conditions are:x = LC/2; τ(LC/2) = 0; x = LW-a;
[image: image]
Order: [image: image],
Obtain: [image: image]
According to the boundary conditions:
[image: image]
[image: image]
[image: image]
[image: image]
Where a is the distance from the end of CFRP to the support; LW is the distance from the action point of concentrated load to the support; LC is the length of the CFRP.
3 TEST RESULTS AND ANALYSIS
When selecting components for the wooden arch corridor bridge, those without decay, nodes, or surface damage exhibit consistent test results. Hence, this paper analyzes the test outcomes of unreinforced component 1 and reinforced component 1. Figure 7A illustrates the failure mode of the member not strengthened with CFRP under load, while Figure 7B depicts the failure mode of the member reinforced with CFRP under load.
[image: Figure 7]FIGURE 7 | Failure mode of member. (A) loading failure form of unreinforced members. (B) loading failure form of members after reinforcement failure.
From Figure 7, it is evident that the failure mode of the wooden arch corridor bridge members under load is characteristic shear bending failure, with the members exhibiting longitudinal fiber fracture. The failure mode of the members after CFRP reinforcement is similar to that before reinforcement, as they are destroyed along the original section. During the test process, the members exhibit significant deflection under load before failure. However, after failure, the deflection produced by CFRP reinforcement under load is smaller than that of the former.
The failure form of undamaged members strengthened with CFRP under load is shown in Figure 8.
[image: Figure 8]FIGURE 8 | Failure mode of CFRP strengthened members. (A) failure forms of reinforced undamaged members. (B) detailed failure forms of reinforced undamaged members.
As observed in Figure 8, undamaged members of the wooden arch bridge, reinforced with CFRP, exhibit fracture in the middle under load. The upper part experiences shear failure, while the lower part undergoes tensile failure. Upon loading to a certain extent, a brittle crack sound of CFRP extrusion failure is audible, followed by the sound of wood cracking after continuous loading.
From the comparison of Figures 7, 8, it can be observed that the CFRP-reinforced damaged wooden components exhibit different failure modes compared to the unreinforced wooden components. For the CFRP-reinforced damaged wooden components, the failure mode resembles that of the original wooden components, characterized by a distinct ductile failure, with minimal differences in ductility under loading when compared to the unreinforced wooden components. In contrast, the CFRP-reinforced undamaged wooden components display a failure mode similar to brittle fracture, indicating that the incorporation of CFRP reduces the ductility of the wooden components. The difference between these two failure modes lies in the presence of gaps in the CFRP-reinforced damaged components, which results in less secure wrapping of the CFRP and allows for some degree of deformation. For the undamaged wooden components reinforced with CFRP, there are essentially no gaps, and since the ductility of CFRP is lower than that of wood, the deformation range after reinforcement is smaller, exhibiting a brittle failure pattern. When applying CFRP reinforcement to the components of wooden arch corridor bridges, it is not necessary to achieve a tight wrap, allowing for the retention of certain gaps.
The comparison of Figures 7–9 reveals significant reinforcement of the timber-arched lounge bridge members with CFRP. After being strengthened with CFRP, the bearing capacity of completely damaged members can reach 75%–85%, while that of undamaged members can reach 130%–140%.
[image: Figure 9]FIGURE 9 | Ultimate load value of member.
The load displacement curve of undamaged members of CFRP strengthened wooden arch bridge is shown in Figure 10.
[image: Figure 10]FIGURE 10 | Load displacement curve.
From Figure 10, it is evident that the wood arch bridge, reinforced with CFRP, exhibits no damaged members. In the initial loading phase, displacement changes linearly, indicating strong adhesion between CFRP and the members. As loading progresses, the rate of displacement increase slows down until the undamaged member reinforced with CFRP fails upon reaching the ultimate load.
The strain load curves of two adjacent measuring points at the end of undamaged members of CFRP strengthened wood arch bridge are shown in Figure 11.
[image: Figure 11]FIGURE 11 | Strain-load curve of two adjacent measuring points at the end.
Figure 11 illustrates that the change trends of the two measurement points remain largely consistent throughout the entire loading process. Initially, the load strain of both measuring points changes linearly, indicating effective bonding performance between CFRP and the undamaged member. However, as the load continues to increase, the rate of CFRP strain growth slows down, lagging behind the load increase rate. This suggests shear deformation occurring in the bonding layer, leading to slip between CFRP and the undamaged members. The shear stress at the bonding interface between CFRP and undamaged members can be computed based on the strain of adjacent measuring points of undamaged members reinforced with CFRP under the same load.
The shear stress of bond interface of undamaged members of wood arch bridge strengthened with CFRP under different loads is shown in Figure 12.
[image: Figure 12]FIGURE 12 | Shear stress at bonding interface.
The shear stress values in Figure 12 are computed based on Formula 3 in the text. The shear stress at the bonding interface of three undamaged members reinforced with CFRP under identical loads remains consistent. However, the bonding interface shear stress of these members varies under different loads, increasing with higher loads. The test results indicate minimal discrepancies among the bonding interface shear stresses of the three undamaged members reinforced with CFRP, suggesting the measured values in this test are reasonably feasible.
The interface bonding layer is applied twice. By measuring the thickness of the bonding layer δA = 2mm, the average elastic modulus of the bonding interface of timber-arched lounge bridge members strengthened with CFRP EA = 1852.5 MPa is calculated according to Equation 22 and experimental results.
4 THE APPLICATION OF CFRP IN REINFORCING WOODEN ARCH BRIDGE
4.1 Experimental testing of wooden arch bridge arches
The 1:5 scale model of the wooden arch bridge was placed under the MTS hydraulic testing machine for load testing, as shown in Figure 13. The displacement measurement points for the load test of the wooden arch bridge arches are illustrated in Figure 14.
[image: Figure 13]FIGURE 13 | Load test of the wooden arch bridge arches. (A) test diagram. (B) specimen size drawing.
[image: Figure 14]FIGURE 14 | Load test measurement points of the wooden arch bridge arches.
Static load test was conducted on the wooden arch bridge arches, and the displacements at each measurement point are shown in Figure 15.
[image: Figure 15]FIGURE 15 | Displacement of measurement points in the load test of the wooden arch bridge arches.
From Figure 15, it can be observed that the displacement curves at each measurement point exhibit a similar trend under static loading. The maximum displacement occurs at the mid-span of the wooden arch bridge arches under static loading, gradually decreasing towards the sides. This trend indicates that during flood periods when additional loads are applied to prevent the bridge from being washed away, reducing the load at the mid-span while distributing it towards the sides may be advisable.
4.2 CFRP reinforcement of the wooden arch bridge arches
A numerical model of the wooden arch bridge was established using SAP 2000, as shown in Figure 16A. The established numerical model was compared with the experimental results to validate its accuracy, and the obtained displacements are illustrated in Figure 16B.
[image: Figure 16]FIGURE 16 | Comparison between Load tests and simulations of wooden arch bridge frameworks. (A) SAP2000 model of wooden arch bridge (B) comparison of displacement graphs
As shown in Figure 16A, during the numerical modeling of the wooden arch corridor bridge using SAP 2000, the deck beams were modeled; however, since there were no deck beams in the experiments, the deck beams were assumed to bear no loads during the numerical calculations. Additionally, each node was subject to a relaxation of constraints, allowing for a limited movement of 5 mm in all six degrees of freedom, changing the constraints from fixed to movable. The current model is suitable for the performance of the specimens tested; however, its generalizability needs to be enhanced through additional experiments with different specimens for parameter calibration. As indicated in Figure 16B, the numerical model of the wooden arch bridge framework established using SAP2000 demonstrates a close agreement in mid-span displacement under static loading, indicating a certain level of accuracy in the model.
Using the data obtained from the CFRP reinforcement of components in Section 2, the spring elements representing CFRP are attached to the mid-span nodes of the wooden arch bridge framework and subjected to load simulation, with results shown in Figure 17.
[image: Figure 17]FIGURE 17 | The mid-span displacement of the wooden arch bridge’s framework reinforced with CFRP.
From Figure 17, it is evident that the application of CFRP reinforcement significantly enhances the load-bearing capacity of the wooden arch bridge, resulting in a substantial reduction in mid-span displacement under the same load conditions. CFRP reinforcement of the wooden arch bridge’s framework can increase its load-bearing capacity by 20%. When subjected to flood periods, CFRP reinforcement of the wooden arch bridge’s framework ensures its structural integrity under applied loads.
5 CONCLUSION
Based on the experimental research and theoretical analysis of timber-arched lounge bridge members reinforced with CFRP, the following conclusions are drawn:
(1) Based on the comparison between the test results and theoretical research, the elastic modulus of the bonding interface is determined, providing an accurate value for subsequent establishment of the finite element model of local damage of timber-arched lounge bridge components and the setting of component interface parameters for CFRP reinforcement EA = 1852.5 MPa.
(2) The failure modes of CFRP-reinforced damaged wooden components and undamaged wooden components exhibit significant differences. Given that CFRP has lower ductility compared to wood, when reinforcing the components of wooden arch corridor bridges with CFRP, it is advisable to leave small gaps. This approach allows the reinforced components to retain a certain degree of ductility, thereby preventing failure modes resembling brittle fracture and providing practical guidance for application.
(3) The local components of the wooden arch corridor bridge are damaged and can be reinforced with CFRP to restore their load-bearing capacity. It exhibits excellent reinforcement performance, allowing the components to retain 75%–85% of their original load-bearing capacity after reinforcement. During flood periods, when the load on the wooden arch corridor bridge increases, local members may experience insufficient load-bearing capacity and excessive deformation. CFRP reinforcement can address this issue, increasing the load-bearing capacity to 130%–140% of the original level.
(4) The application of CFRP to the framework of wooden arch bridges has shown promising reinforcement effects, capable of enhancing the load-bearing capacity of the wooden arch bridge framework by approximately 20%, thus providing a theoretical basis for the reinforcement of wooden arch bridge frameworks.
For ancient wooden bridges, the use of CFRP for reinforcement and the reinstallation of components after replacement hold significant value in preserving their original appearance and maintaining their integrity. Additionally, given that wooden bridges are situated above rivers, the durability of CFRP reinforcement in moist environments also requires urgent investigation.
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Coral reef limestone is a unique type of rock and soil body characterized by high porosity. Its dynamic mechanical properties under impact loads differ significantly from those of conventional land-sourced aggregate concrete.This study utilizes coral reef limestone as both coarse and fine aggregates to prepare C40 strength concrete. The research investigates the effects of dry-wet carbonation cycles on its dynamic mechanical behavior and energy evolution characteristics using a Split Hopkinson Pressure Bar (SHPB) mechanical testing system.The findings reveal that increasing the number of dry-wet carbonation cycles leads to a significant weakening of the internal structural bonding in coral reef limestone concrete. Notably, the degree of phenolphthalein color change diminishes, while uniaxial compressive strength and tensile strength demonstrate an overall downward trend. The reduction in tensile strength is less pronounced than the decrease in compressive strength. Additionally, the relative dynamic elastic modulus gradually decreases, and a size effect is noted, with a rapid acceleration in mass loss. As the number of dry-wet carbonation cycles increases, dynamic compressive strength declines, and failure modes shift from surface cracking to crush-type failure.The dynamic increase factor (DIF) of the coral reef limestone concrete indicates a high sensitivity to strain rate, with a significant rise in DIF value as the strain rate increases. Various energies generated under impact load exhibit clear strain rate effects. Furthermore, the effects of dry-wet carbonation cycling enhance energy dissipation, especially at 30 cycles, where energy dissipation increases sharply, while a hindering effect on transmitted energy is observed.
Keywords: reef limestone concrete, dry-wet carbonation cycle, dynamic fragmentation, strain rate, energy dissipation
1 INTRODUCTION
The engineering projects on the coral reefs in Western Pacific Ocean waters are far from the mainland, leading to a severe scarcity of mainland-sourced mechanized sand aggregates and freshwater resources. Transporting sand, gravel, and other concrete materials from the mainland not only increases construction costs but also impacts the construction schedule. Utilizing local materials by preparing concrete from reef limestone for the construction of island reef projects alleviates the issue of raw material shortages in marine engineering and allows for the reasonable development and use of marine resources according to local conditions (Deng et al., 2022; Zhou et al., 2020). Furthermore, the structural designs of coral reefs in Western Pacific Ocean waters are designed to endure not just static forces but also diverse dynamic forces, including earthquakes, tsunamis, and unintended blasts. This places strict requirements on the selection and design of building materials for their impact resistance (Lahiri et al., 2022). At the same time, the structures on the reefs inevitably face the harsh service environment affected by long-term dry-wet carbonation cycles (Liu et al., 2023), This leads to the deterioration of concrete structural performance and a reduction in service life, which severely threatens the long-term stability of reef projects. Consequently, researching the dynamic mechanical efficiency of reef limestone concrete in response to dry-wet carbonation cycles is crucial.
As a unique geomaterial, coral reef limestone is extensively found across Western Pacific Ocean waters (Zhang et al., 2023). In the 1940s, some marine infrastructure construction projects began to involve coral reef limestone concrete (Fu et al., 2021). Concrete, a tripartite medium made up of aggregates, the interface transition zone, and cement paste, plays a significant role in determining its performance (Meddah et al., 2010; Uddin et al., 2017). Research indicates that fissures in light aggregate concrete mainly infiltrate the aggregates, in contrast to traditional aggregate concrete where cracks predominantly emerge at the junction of the aggregates and the paste (Sim et al., 2013), Reef limestone aggregates fall into the category of typical lightweight aggregates, and the surfaces of reef limestone coarse aggregates are porous and rough. Consequently, the way reef limestone concrete fails when subjected to external loads is markedly distinct compared to other light aggregates and standard concrete. Wu et al. (2020) discovered that reef limestone concrete’s dynamic compressive strength, when subjected to impact loads, surpasses that of standard concrete of identical quality, yet falls marginally short of other light aggregate concretes. Wu et al. (2019); Ma et al. (2020) discovered that reef limestone aggregate concrete, maintaining identical strength and minimal strain rates, shows reduced static and dynamic compressive strengths compared to traditional aggregate concrete, yet its dynamic increase factor (DIF) demonstrates a more pronounced strain rate impact. It was found that the primary formation of cracks in reef limestone concrete occurs via the aggregates of reef limestone, rather than at the junction of these aggregates and the paste (Ma et al., 2019). Qin et al. (2023) examined the evolving properties, patterns of energy development, modes of fractures, and damage processes in coral reef sand concrete when subjected to impact forces.
Concrete structures inevitably face various harsh environmental challenges during their service life, including extreme weather changes, chemical corrosion, water infiltration, and physical impacts. Mumenya et al. (2010) found that concrete materials exposed to specific environments, such as dry-wet cycles, for extended periods experience certain changes in mechanical properties. Donnini (2019) investigated the mechanical characteristics of two varieties of concrete in solutions varying in temperature and pH, discovering that the mechanical attributes of standard concrete show minimal sensitivity to changes in temperature and pH; however, there is a notable impact on the tensile strength of glass fiber concrete. Li et al. (2021); Yin et al. (2019) studied to understand the deterioration trends of mechanical properties in recycled concrete under freeze-thaw cycles in both salt solutions and dry-wet conditions. Zhang et al. (2024) used waste glass instead of sand as fine aggregate to study the performance change of concrete after dry-wet cycle. Xu et al. (2021) investigated the combined impact of hybrid fibers on concrete’s longevity and additionally forecasted the durability of fiber-reinforced concrete under carbonation and chloride ion corrosion conditions.
The evaluation of reef limestone concrete’s bearing capacity and durability, a novel deep-sea island reef construction material, is still in its initial stages of exploration and verification, facing notable limitations in its adaptability studies in severe marine conditions. Coral reef limestone aggregates are naturally characterized by their loose and porous properties, making them highly susceptible to corrosion from marine gaseous environments. Previous studies have focused more on the static mechanical properties of coral reef limestone concrete in harsh marine environments, while research on its durability under dynamic impact loads has been insufficient. Consequently, this research utilizes a divided Hopkinson pressure bar for performing impact assessments on reef limestone concrete samples undergoing dry-wet carbonation processes. This study explores how dry-wet carbonation cycles impact the dynamic compressive strength, modes of failure, and energy development traits of reef limestone concrete, and delves into the inherent connections among loading speeds, fracturing traits, and energy loss properties when dry-wet carbonation is combined. The results offer theoretical backing for the creation and advancement of novel concrete frameworks in the field of island reef engineering.
2 MATERIALS AND METHODS
2.1 Preparation of reef limestone concrete samples
Limestone samples from a reef on an island in Western Pacific Ocean waters were synthetically pulverized into particles, each not exceeding 16 mm in size. Particles measuring 4.75–16 mm in size were processed as coarse aggreagte, whereas those ranging from 0.15 to 4.75 mm were selected for fine aggreagte (Fan et al., 2023; Liu et al., 2018). Figure 1 elaborates on the ongoing categorization of both coarse and fine aggregates of coral reef limestone.
[image: Figure 1]FIGURE 1 | Grading curve of reef limestone aggregates.
Contrasting with traditional land-based sand and gravel, fragments of reef limestone display features like suboptimal particle form, uneven particle shapes, coarse surfaces, significant porosity, extensive specific surface area, and reduced strength (Luo et al., 2023). Therefore, more cement paste is required to enhance workability when mixing concrete, making it less suitable for high-strength concrete applications. This research involved blending both coarse and fine reef limestone aggregates with standard Portland cement, seawater, fly ash, slag, and various additives, as detailed in Table 1, to create concrete with a C40 strength. Notably, the aggregates of reef limestone underwent water immersion before being mixed to eliminate detrimental ions and contaminants. After processes such as mixing, vibrating, and curing, cylindrical specimens with height-to-diameter ratios of 1:2 (φ50 mm × 25 mm) and 2:1 (φ50 mm × 100 mm) were prepared.
TABLE 1 | Mix proportions of reef limestone concrete (kg/m³).
[image: Table 1]2.2 Dry-wet carbonation
Figure 2 illustrates the entire process of the dry-wet carbonation cycle that the reef limestone concrete samples underwent. Before the experiments, the samples were subjected to a drying pretreatment (assessed by changes in mass to determine whether they reached a dry state). In order to ensure the rationality of the dry-wet carbonation cycle pretreatment scheme, the existing research results are referred to Wang et al. (2018); Jiang et al. (2017); Zhang and Shao (2016). First, the dried samples were placed in a vacuum saturation container filled with seawater (soaked in a vacuum state for 12 h). Subsequently, the samples, once saturated, underwent a drying phase in an oven maintained at a steady 60°C for 12 h. Ultimately, the specimens were positioned in a carbonation chamber to undergo carbonation treatment, characterized by a carbon dioxide level of 20% ± 3%, a humidity of 70% ± 5%, a temperature maintained at 20°C ± 5°C, and a 24-h period. The trio of stages forms a single cycle, with the count of dry-wet carbonation cycles adjusted to 0, 10, 20, 30, 40, and 50 cycles.
[image: Figure 2]FIGURE 2 | Dry-wet carbonation cycle experimental procedure.
Micro-fissures in the reef limestone concrete samples will progressively widen and enlarge due to dry-wet carbonation cycles, resulting in the unavoidable seepage of internal elements. Initially, the specimens have relatively high density and stronger resistance to dry-wet cycles and carbonation. However, with the rise in cycle count, there will be a noticeable alteration in the ultimate weight of the samples. Consequently, the rate at which mass is lost serves as an indicator of the extent of damage and degradation. The method and procedure for calculating the mass loss rate are as follows:
1) Dry the specimens after completing the dry-wet carbonation cycles, and wrap them in plastic wrap to prevent moisture from causing errors, then weigh each specimen three times and take the average value as its initial mass; 2) Place the specimens into the corresponding equipment for the deterioration test according to the experimental protocol, and after undergoing the specified number of deterioration tests, remove the specimens, dry them, and weigh them; 3) Utilize the following formula to determine the rate at which the specimens lost mass following the nth deterioration test. Formula 1 is as follows:
[image: image]
In the equation, Δmn represents the mass loss rate of the specimen (%); m0 denotes the initial mass (g); and mn represents the mass after undergoing n deterioration actions (g). Furthermore, the Erd relative dynamic modulus of elasticity serves as a crucial measure for evaluating the specimens’ damage and degradation. This refers to the proportion between the specimen’s dynamic modulus of elasticity post the nth cycle and its initial dynamic modulus of elasticity. To prevent secondary damage during the testing process from causing experimental errors, the elastic modulus is calculated using parameters such as sound travel time and wave speed while ultrasonic waves propagate through the specimen. This method is completely non-destructive to the specimen, as shown in Equations 2, 3.
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In the equation, Ed represents the dynamic modulus of elasticity of the specimen (GPa); v represents the Poisson’s ratio of the specimen; ρ represents the density of the specimen (kg/m³); V is the ultrasonic wave speed (m/s); Ed0 is the initial dynamic modulus of elasticity of the specimen (GPa), and Edn is the dynamic modulus of elasticity after undergoing n deterioration actions (GPa).
2.3 Impact testing equipment and testing principles
Using a divided Hopkinson pressure bar, dynamic compression experiments were performed on reef limestone concrete samples that had experienced cycles of dry and wet carbonation. The experimental setup is shown in Figure 3. The incident bar and the transmission bar are both 2,800 mm, the bar diameter is 50 mm, the elastic modulus is 210 GPa, and the density is 7,800 kg/m3. Introducing high-pressure gas into the emission chamber propels the projectile at a specific speed, hitting the incident bar’s end surface and creating a longitudinal compressive wave. Upon the arrival of this compressive wave at the specimen, a sequence of transmission and reflection events take place at the terminal surfaces of both the incident and transmission bars. Strain gauges affixed to both the incident and transmission bars record the incident strain εi, the reflected strain εr, and the transmitted strain εt. Ultimately, by presuming one-dimensional stress waves and uniformity, one can determine the specimen’s stress-strain and loading rate data.
[image: Figure 3]FIGURE 3 | Hopkinson pressure bar setup.
As per the principles of one-dimensional stress wave theory, the stress and strain of the specimen can be determined by the following Formula 4 (Dai et al., 2010):
[image: image]
Within the formula, E0, C0, and A symbolize the velocity of the elastic wave within the bar, the elastic modulus, and the bar’s cross-sectional area, in that order; AS and LS denote the specimen’s cross-sectional area and length, respectively; and t denotes the stress wave’s length.
In addition, the calculation Formula 5 of the incident energy WI, reflected energy WR and transmitted energy WT on the pressure rod during the whole process from the beginning of loading to the failure of the sample is as follows (Huang et al., 2014):
[image: image]
Given that the energy dissipation of the stress wave in both the bar and the specimen is deemed minimal, the aggregate energy the specimen absorbs and dissipates, denoted as WL, is derivable from the subsequent Equation 6.
[image: image]
3 ANALYSIS OF EXPERIMENTAL RESULTS
3.1 Results of static mechanical properties tests
The primary cause of carbonation in reef limestone concrete lies in CO2 penetrating its core, leading to a decrease in its alkalinity. Samples subjected to varying degrees of deterioration were cut and sprayed with a 1% phenolphthalein ethanol solution. The color reaction of the phenolphthalein ethanol solution is shown in Figure 4. After different numbers of deterioration cycles, the degree of carbonation represented by the phenolphthalein reagent varied. The undeteriorated samples showed a strong magenta color after treatment with phenolphthalein, while the degree of color change gradually weakened with an increasing number of deterioration cycles.
[image: Figure 4]FIGURE 4 | Phenolphthalein Color Reaction for the Degree of Carbonation of Reef limestone Concrete. (A) n = 0, (B) n = 10, (C) n = 20, (D) n = 30, (E) n = 40, (F) n = 50.
It is noteworthy that the reef limestone aggregate was also stained by the phenolphthalein reagent. This is because, after the aggregate underwent pre-absorption of water, more cement paste entered its interior during the mixing process, which increased the alkalinity of the aggregate. As the number of deterioration cycles increased, the cement content in the pores of the aggregate gradually decreased, resulting in a gradual reduction in the staining intensity under the phenolphthalein reagent. Further testing showed that the carbonation depth of reef limestone concrete at different deterioration levels increased by 1.5%, 1.58%, 2.87%, and 5.6% compared to the standard condition. Among them, the sample of reef limestone concrete with the deepest deterioration had a carbonation depth increase of 5.2 mm compared to the standard condition. He et al. research shows that cyclic dry-wet carbonation can lead to changes in the pore structure of concrete and cause the reorganization of hydration products, affecting its structural strength. For example, some hydration products (such as C-S-H gel) may convert into lower-strength calcium carbonate, thereby weakening the overall strength and reducing its durability (He et al., 2022).
Figure 5 summarizes the mass loss rates and relative elastic moduli of reef limestone concrete specimens subjected to different numbers of deterioration cycles. When the mass loss rate reaches over 5%, the specimen can be deemed damaged. For cylindrical specimens (φ50 mm × 100 mm), the mass loss rate did not exceed 5% even after more than 40 deterioration cycles, while the disc specimens (φ50 mm × 25 mm) exhibited a high mass loss rate, indicating that the dry-wet carbonation cycles caused significant damage to the disc samples. Overall, although the shapes of the specimens differ, both types experienced an increase in mass loss rates with the growing number of deterioration cycles, although the trends in their growth were distinct. Furthermore, the relative dynamic elastic modulus displayed a significant size effect influenced by the number of dry-wet carbonation cycles. With the ongoing rise in deterioration cycles, there was an acceleration in the decrease rate of the cylindrical specimens’ relative dynamic elastic modulus (φ50 mm × 100 mm), as evidenced by the reduced acoustic wave velocity. This suggests a swift escalation and ongoing spread of cracks within the specimens, thereby intensifying their damage severity. Conversely, the disc specimens’ dynamic elastic modulus (φ50 mm × 25 mm) varied in tandem with the escalation of deterioration cycles. This difference reflects the varying internal structural responses of different specimens during the deterioration process; the cylindrical specimens may exhibit better resistance to deterioration due to their structural characteristics compared to other types of specimens.
[image: Figure 5]FIGURE 5 | Mass loss rate and relative elastic modulus.
Furthermore, quasi-static compression and tension tests were conducted on reef limestone concrete samples subjected to varying degrees of deterioration, and the statistical results are shown in Figure 6. Despite variations in the data from uniaxial compression and tension tests, it's noticeable that the specimens’ uniaxial compressive and tensile strengths exhibit a general downward trajectory after varying levels of degradation, with a direct relationship between the rise in peak strain and the frequency of these deterioration cycles.
[image: Figure 6]FIGURE 6 | Compressive strength and tensile strength (disc shape for uniaxial tension test, cylindrical shape for uniaxial compression test).
Referring to Deng et al. (2020a); Deng et al. (2020b) research results, the ratio of strength is used as an increasing coefficient. The strength reduction coefficient is defined as the strength reduction coefficient is the ratio of uniaxial compressive strength of the sample after dry-wet carbonization cycle to that of the initial sample, to evaluate the degree of deterioration of reef limestone concrete specimens. When the number of deterioration cycles is less than 20, the strength attenuation is not significant, with the average compressive strength remaining above 40 MPa. However, once the count of degradation cycles surpasses 20, the reduction in strength becomes more noticeable, evidenced by the average compressive strength falling from 32.53 to 25.55 MPa. When samples undergo 40 cycles of decay, their uniaxial compressive strength drops to merely 60% of their original level, and upon reaching 50 cycles, the mean compressive strength drops to just 21.32 MPa. The maximum average tensile strength of the specimens is 6.31 MPa, but after 50 cycles of deterioration, the maximum tensile strength decreases to 3.31 MPa, resulting in an overall tensile strength reduction of 49%. The reduction in tensile strength is lower than that of compressive strength.
3.2 Dynamic compression characteristic test results
3.2.1 Dynamic stress balance verification
The dynamic impact tests were conducted on coral reef limestone concrete specimens that had undergone 0, 10, 20, 30, 40, and 50 cycles of wet-dry carbonation treatment. The impact loads considered were 0.2, 0.4, 0.6, and 0.8 MPa, respectively. As per the ISRM (International Society for Rock Mechanics) guidelines for dynamic analysis of rock-like substances, conducting a preliminary test prior to the official experiment is essential to verify the experiment’s accuracy and reduce errors in the process. In the initial testing phase, semiconductor strain gauges were employed to measure three wave signals, and the uniformity of stress in the samples was confirmed through the three-wave technique. A test is deemed legitimate if the stress exerted at either end of the specimen is evenly distributed.
Figure 7A shows the voltage signals of the incident wave, reflected wave, and transmitted wave collected by the strain gauges during a single impact test, Incident Strain εIn(t), Reflected Strain εRe(t) and Transmitted Strain εTr(t). The three-wave method was used for illustration and analysis, as shown in Figure 7B, the incident strain εIn(t) and the reflected strain εRe(t) roughly coincide with the transmitted strain εTr(t) after superposition (εIn(t) + εRe(t) ≈ εTr(t)). This indicates that dynamic stress uniformity was achieved in the reef limestone concrete sample during the impact loading test.
[image: Figure 7]FIGURE 7 | Typical dynamic stress wave time history curve. (A) Voltage signal, (B) stress balance detection.
3.2.2 Dynamic strength and deformation characteristics
Figure 8 depicts the dynamic stress-strain curves of reef limestone concrete under different impact load conditions (after experiencing varying degrees of deterioration treatment). Both the number of deterioration cycles and the magnitude of the impact load significantly influence the dynamic stress-strain response of the reef limestone concrete. The characteristic parameters of each test result are shown in Table 2. Among these, dynamic compressive strength is an important indicator of the sample’s impact resistance. By using the dynamic peak strength and uniaxial compressive strength, another indicator of impact resistance, the Dynamic Increase Factor (DIF), can be calculated.
[image: Figure 8]FIGURE 8 | Dynamic Stress-Strain Curves. (A) n = 0, (B) n = 10, (C) n = 20, (D) n = 30, (E) n = 40, (F) n = 50.
TABLE 2 | Overview of characteristic parameters under impact load.
[image: Table 2]An examination of Figure 8 and Table 2 reveals that in the condition lacking any degradation treatment (n = 0), as the impact load escalates from 0.2 MPa to 0.8 MPa, there’s a rise in dynamic peak stress from 68.20 MPa to 88 MPa, with corresponding increases of 23.87%, 29.03%, and 43.5%, in contrast to outcomes not influenced by deterioration. This indicates that the dynamic strength of the material enhances strain rate. Furthermore, with a total of 50 degradation cycles, the maximum dynamic stress at a 0.2 MPa impact load reaches 53 MPa, while impact loads of 0.4, 0.6 MPa, and 0.8 MPa exhibit increases of 25.8%, 52.8%, and 58.49% respectively. This suggests that as the extent of deterioration increases, so does the susceptibility of the specimen’s dynamic mechanical characteristics to the rate of strain. However, with the increase in the number of deterioration cycles, the peak stress exhibits a consistent downward trend. As an illustration, at an impact load of 0.2 MPa, following 50 cycles of dry-wet carbonation, the stress-strain curve’s post-peak phase shifts from closed to open, experiencing a reduction in peak stress by about 10–20 MPa. It should be noted that due to issues such as uneven crushing of reef limestone aggregate during specimen preparation and uneven composition of aggregate and cementitious materials in the mold, some samples did not maintain good dependency between peak strain, number of deterioration cycles, and impact load under dynamic load conditions.
Perform a nonlinear fitting curve of the strain rate-DIF for reef limestone concrete specimens with different degrees of deterioration. The fitting curve model is [image: image].The correlation coefficients are all greater than 95%.Figure 9 illustrates that in conditions of elevated strain rates, as the specimen’s degradation depth progressively deepens, there’s a rising trend in the logarithmic-DIF curve’s slope for strain rate, signifying a gradual escalation in the strain rate impact of reef limestone concrete.
[image: Figure 9]FIGURE 9 | The fitting curves of DIF of specimens under different deterioration times.
3.2.3 Dynamic fracture mode
Table 3 summarizes the fracture conditions of reef limestone concrete under dynamic impact after different degrees of deterioration treatment. The impact load and the number of dry-wet carbonation cycles jointly determine the final failure mode of the specimen. Initially, by maintaining a steady count of dry-wet carbonation cycles, the extent of the specimen’s fragmentation is intimately linked to the intensity of the impact load. When the impact load is 0.2 MPa, the surface of the specimen fractures, showing splitting failure with good overall integrity. However, as the impact force escalates to either 0.6 or 0.8 MPa, the sample is utterly obliterated, resulting in tinier fractured particles, predominantly in a powdery state. d particles are smaller, mainly in a powdery form. Additionally, maintaining a steady impact load, there’s a positive relationship between the extent of the specimen’s fragmentation and the frequency of dry-wet carbonation cycles. When subjected to an impact force of 0.2 MPa, the sample lacking dry-wet carbonation results in minimal surface debris, in contrast to the sample that undergoes 50 cycles of dry-wet carbonation, leading to significant fractures. When the impact load reaches 0.6 MPa, it is visually evident from the size of the fractured particles that the deterioration causes severe internal damage to the specimen, and the pulverization characteristic of the specimen becomes more significant compared to the specimen without dry-wet carbonation treatment.
TABLE 3 | Typical fracture modes of reef limestone concrete under impact load.
[image: Table 3]The reasons for the above phenomenon can be roughly summarized into the following two points. Initially, the dry-wet carbonation cycles lead to the primary presence of free water between the cement mortar and its boundary, consequently diminishing the robustness of the cement matrix and the specimen’s interface, thereby increasing the likelihood of dynamic failure, particularly evident in the more pronounced failure rate between these phases. Under the cyclic action of external factors, the internal cracks of concrete will change from micro to macro (Kuang et al., 2023). Secondly, following the combined effects of dry-wet cycles and carbonation, the internal stress of reef limestone concrete transitions from equilibrium to imbalance under dynamic forces. In a very short period, the specimen cannot achieve internal stress rebalancing through elastic unloading, leading to the absorption of energy by internal cracks, which begin to propagate and eventually cause extensive fracturing of the specimen.
3.2.4 Energy dissipation characteristics
The principal cause of the specimen’s malfunction is the loss of energy during its dynamic fracturing. Under impact load, reef limestone concrete experiences irreversible deformation, leading to irreversible energy dissipation. The dimensions, amount, and spatial arrangement of the fragments created post dynamic compression failure represent a large-scale expression of energy loss. Illustrated in Figure 10, the energy-time graph of a reef limestone concrete sample, after undergoing 50 cycles of dry-wet carbonation with a 0.4 MPa impact load, can be broadly segmented into four distinct phases for analysis.
[image: Figure 10]FIGURE 10 | Energy-time curve under impact load.
In region A (0–130 μs), the incident stress wave has not yet acted on the reef limestone concrete specimen. As the incident energy starts to rise, the procedure progresses to stage B (130–200 μs), during which the specimen’s energy absorption curve shows a roughly linear increase. The rate of expansion exceeds that of the energy transmitted and closely mirrors the energy reflected. Throughout the 200–300 μs phase, there’s a consistent linear increase in the absorbed energy timeline, mirroring the pattern of energy transmission and exhibiting a growth rate surpassing that of the reflected energy. The reason is that following the stress wave’s impact on the specimen, there’s a buildup and development of internal damage, resulting in a multitude of new microcracks in the specimen and a steady rise in the energy absorbed. During the 300–350 μs phase, there’s a steady decline in the rate of energy absorption, with the incoming, reflected, and transmitted energy levels stabilizing, signifying the stress wave’s completion of its dynamic compression impact on the sample. The energy characteristic values of reef limestone concrete specimens subjected to different degrees of deterioration under various impact loads are summarized in Table 4.
TABLE 4 | Energy characteristic values of reef limestone concrete under different impact loads and number of deterioration cycles.
[image: Table 4]Figure 11 displays the ratios of incoming, reflected, transmitted, and dissipated energy in reef limestone concrete when subjected to impact forces of 0.2, 0.4, 0.6, and 0.8 MPa. Comprehensive examination reveals that the variance in incident energy from the experiments remains below 5% under an identical impact load, suggesting a uniform impact load across the experiment. With an increasing number of deterioration cycles, the energy dissipated during the fracturing of reef limestone concrete gradually increases, indicating that the dry-wet-carbonation cycling has a promoting effect on dissipated energy. If the count of dry-wet cycling-carbonation cycles surpasses 30, there’s a notable increase in the expansion of energy that has dissipated. As an example, with an impact load of 0.2 MPa, there’s a 46.39% rise in the amount of energy lost as the deterioration cycles escalate from 0 to 50. Conversely, the transmitted energy shows an overall declining trend with the increase in deterioration cycles. The main reason for this occurrence is the escalated internal harm to reef limestone concrete post-degradation. In the dynamic compression phase, increased energy is used to enlarge various cracks and move debris, causing a rise in energy dissipation and complicating the stress wave’s journey through the specimen to the transmission rod, thereby diminishing the energy transmitted. Additionally, the reflected energy does not show a clear trend, which may be attributed to the inherent discreteness of the specimen itself.
[image: Figure 11]FIGURE 11 | Impact of dry-wet-cycling carbonation cycles and impact load magnitude on energy distribution. (A) 0.2 MPa, (B) 0.4 MPa, (C) 0.6 MPa, (D) 0.8 MPa.
4 CONCLUSION
The SHPB impact tests explored how dry-wet-cycling carbonation cycles and the extent of impact load influence the dynamic failure traits and energy development in reef limestone concrete, culminating in these key findings:
(1) With the rise in dry-wet-cycling carbonation cycles, there’s a shift in the phenolphthalein color indicator from a strong magenta hue to a slow decline, signifying a steady reduction in the bonding strength of the specimens’ internal structure. There is a notable reduction in the relative dynamic elastic modulus, accompanied by a substantial effect of size and a marked acceleration in the rate of mass loss.
(2) After undergoing dry-wet-cycling treatment, the quasi-static compressive and tensile strengths of reef limestone concrete exhibit an overall decreasing trend, with the reduction in tensile strength being less pronounced than in compressive strength. As dynamic compressive strength diminishes, the frequency of dry-wet-cycling cycles intensifies the vulnerability of the DIF value to strain rates in reef limestone concrete.
(3) The total count of dry-wet-cycling cycles combined with the intensity of the impact load collectively dictate the ultimate mode of failure for the specimens. Both factors facilitate the failure, transitioning the fracture mode from surface splitting to catastrophic failure, indicating an increase in the fragility of the material’s internal structure.
With the rise in dry-wet-cycling cycles, there’s a gradual increase in the energy lost during reef limestone concrete fracturing, alongside a general decrease in the energy transmitted, and the reflected energy lacks a distinct pattern.
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Steel fiber-reinforced concrete material has garnered significant attention in structure design due to its excellent resistance to fatigue damage. The application of the plain concrete microplane model is extended to steel fiber-reinforced concrete by modifying the stress-strain boundary conditions on the microplane and then extended to fatigue damage analysis by considering fatigue-related material stiffness, mainly concerned with tensile damage, mainly concerned with tensile damage. The normal positive strain on the micro-plane is regarded as the fatigue variable, and the fatigue history variable is the accumulation of the fatigue variable during the loading. The relationship between the fatigue history variable and the material stiffness fatigue degradation function is established. In the numerical implementation, the crack band model is combined to reduce the mesh sensitivity caused by strain localization. During the numerical simulation, the parameters of plain concrete, steel fiber-reinforced concrete, and the material fatigue degradation function can be calibrated sequentially, requiring only a few benchmark tests for accurate parameter calibration. The numerical results show that this model can be used for the fatigue damage analysis of plain concrete and steel fiber-reinforced concrete material. It is expected to be used for the refined analysis of concrete structures under complex loading conditions and structural forms in the future, providing convenience to engineering design, evaluation, and optimization.
Keywords: material stiffness degradation, fatigue damage, plain concrete, steel fiber-reinforced concrete, microplane model
1 INTRODUCTION
Concrete material has a wide range of applications in infrastructure, including bridges, roads, high-rise buildings, and the foundations of power machinery. However, concrete structures are often subjected to cyclic loads, such as traffic (Zhang et al., 2024) and wind, which can lead to material fatigue stiffness degradation (Riyar et al., 2023). This can gradually deteriorate the structural performance, potentially leading to structural failure. Fiber-reinforced concrete material has emerged as a promising solution to improve the durability and safety of concrete structures. Incorporating short fibers, including steel or polypropylene fibers, into fiber-reinforced concrete results in a composite material that exhibits enhanced resistance to cracking, improved toughness, and fatigue properties (Carlesso et al., 2019). It is imperative to investigate the fatigue characteristics of plain and fiber-reinforced concrete and their damage evolution patterns. This is crucial for precisely predicting and assessing the service life of concrete structures and developing adequate maintenance and reinforcement strategies.
As early as the late 19th century, engineers established the S-N curve (Aas-Jakobsen, 1970; Cornelissen, 1984; Miarka et al., 2022) based on experimental data to reflect the fatigue life of concrete at different stress levels. The S-N curve also applies to fiber-reinforced concrete, but it is necessary to consider the fiber type, volume fraction, and orientation effects on fatigue life. The S-N curve is a reasonable method for estimating the anticipated lifespan under disparate stress levels. However, it requires a substantial corpus of experimental data and may not accurately reflect the intricate stress conditions. With the advent of fracture mechanics, the Paris law (Paris and Erdogan, 1963) was introduced to describe the crack propagation rate in plain concrete under constant load. For fiber-reinforced concrete material, the parameters in the Paris law must be adjusted to reflect the hindering effect of fibers on crack propagation. The Paris law is suitable for single crack extension analysis under simple loading conditions, but its application is limited under complex or variable loading. Hillerborg et al. considered a virtual crack in front of a visible crack in concrete and cohesive stress between the interfaces of the virtual crack (Hillerborg et al., 1976). The cohesive zone model simulates the nonlinear fracture behavior of concrete by defining the relationship between the cohesive stress between the crack interfaces and the crack opening displacement and extends the model to fatigue loading by correcting the relationship between the cohesive stress and the crack opening displacement (Gylltoft, 1984). For fiber-reinforced concrete, the cohesive zone model needs to consider further the bridging effect of fibers, which can increase the cohesive stress at the crack surface and thus slow down the crack extension. The damage constitutive model (Marigo, 1985), on the other hand, describes the degradation of the mechanical properties of concrete under repetitive loading from a material microscopic point of view by introducing damage variables, which can be extended to fatigue loading by introducing fatigue history variables and adjusting the damage evolution conditions. This model considers the emergence and expansion of microcracks within concrete and their effect on the overall material properties. For fiber-reinforced concrete, the damage constitutive model needs to consider the effect of fibers on the damage evolution, including the reinforcing and toughening effects of fibers (Li et al., 2024).
In addition to the macro-mechanical modeling of concrete, researchers began to seek breakthroughs in micro-mechanical theories to study concrete constitutive relationships, such as the microplane damage model (Caner and Bažant, 2013a; Caner and Bazant, 2013b). The microplane, which represents a plane perpendicular to any direction at a material point, can describe the interactions between weak planes, cracks, and different defects on microstructures in all directions and can be used to model the inelastic behavior of quasi-brittle materials (e.g., concrete), and has been developed into its seventh version up to the present day. Subsequently, Caner et al. (2013) extended the normal concrete microplane model to fiber concrete by improving the stress-strain boundary conditions on the microplane to describe the pullout and fracture behavior of fibers in fiber-reinforced concrete. Kirane and Bažant (2015) incorporated the fatigue effect into the normal concrete microplane model by introducing a fatigue history variable to quantify the cyclic damage accumulation of the material. However, there is still a lack of microplane models applicable to fatigue damage studies of fiber-reinforced concrete. Although the performance of Engineered Cementitious Composites (ECC) (Lu et al., 2017; Huang et al., 2022; Zhu et al., 2022) and Ultra High-Performance Fiber Reinforced Concrete (UHPFRC) (Wille et al., 2014; Yoo et al., 2017; Nguyen et al., 2023) is higher than that of ordinary fiber-reinforced concrete. However, considering the cost and construction conditions, steel fiber-reinforced concrete specimen (SFRC) (Li et al., 2018; Chu et al., 2023) is still one of the most common FRCs used in engineering. Although compression also leads to fatigue-related material stiffness degradation, this paper will focus on the tensile fatigue damage of SFRC, considering the significant difference between concrete’s tensile and compressive properties.
In the following study, Section 2 presents the basic framework of the microplane damage model for plain concrete, including the three processes of projecting macrostrain to micro-strain, establishing the stress-strain relationship on the microplane, and homogenizing microstress to macro-stress. Section 3 describes how to extend the microplane model from plain concrete to steel fiber-reinforced concrete and how to consider fatigue effects in the microplane damage model. Section 4 summarises the numerical algorithm for the microplane model, parameter calibration, and validation of the concrete microplane damage model. Section 5 compares the fatigue damage analysis of plain and steel fiber-reinforced concrete with experimental results. Section 6 summarises the further research focus. Finally, Section 7 summarises the main conclusions of the paper.
2 MICROPLANE DAMAGE MODEL FOR PLAIN CONCRETE
2.1 A framework for microplane theory
The concrete microplane damage model (Caner and Bažant, 2013a; Caner and Bazant, 2013b) consists of three parts: physical mapping of “macro to micro physical variables,” establishment of constitutive relationship at the micro scale, and homogenization of “micro to macro physical variables,” as shown in Figure 1.
[image: Figure 1]FIGURE 1 | Framework for microplane theory.
2.2 Macroscale to microscale strain decomposition
The microplane model portrays the mechanical behavior of concrete materials at the microscopic level in terms of stresses and strains in vector form, so it is necessary to transform the stresses or strains at the macroscopic level into the stresses or strains at the microscopic level. According to the treatment of the relationship between the macroscopic stress tensor or macroscopic strain tensor and the stress or strain vector on the microplane, they are usually categorized into static and kinematic constraints. They can be understood as the projection of the macroscopic stress tensor on the microplane to obtain the corresponding stress vector and the projection of the macroscopic strain tensor on the microplane to obtain the corresponding strain vector, respectively. Due to the strain-softening behavior of quasi-brittle materials such as concrete, the kinematic constraints shown in Figure 2 are used in the concrete microplane damage model to ensure the stability of the model when analyzing strain softening.
[image: Figure 2]FIGURE 2 | The kinematic constraints.
As shown in Figure 2, the strain vector [image: image] on the microplane [image: image] (normal vector is denoted as [image: image]) is expressed as the projection of the macroscopic strain vector [image: image] by Equation 1.
[image: image]
where [image: image] is the normal strain component on the microplane, [image: image] is the tangential shear strain vector on the microplane, [image: image]; [image: image] and [image: image] are the corresponding projection operators. Further, the tangential strain [image: image] in the microplane is used to characterize plasticity and friction; the normal strain [image: image] is distinguished into the tensile strain (i.e., the part where [image: image]) to characterize the tensile ability, and the compressive strain (i.e., the part where [image: image]) to characterize the compressive ability, while the compressive strain can be decomposed into the volume component [image: image] and the deviatoric component [image: image] by Equation 2.
[image: image]
where [image: image] is the volume component, [image: image] denotes the bias obtained by subtracting the volume component from the total strain, and [image: image] is the third-order unit tensor.
2.3 Stress-strain relationships on microplane
2.3.1 Elastic response and stiffness degradation
Unlike the traditional tensor-type constitutive model, the microplane model defines constitutive relations on a general plane (microplane) in any direction at a material point. If the strain component on the microplane has been obtained from kinematic constraints, the general expression for the stress on the microplane is given by Equation 3.
[image: image]
where [image: image] is the history functional of the microplane strain at moment [image: image].
When the stress on the microplane develops in the elastic range, the normal strain is not decomposed into its volume component [image: image] and bias component [image: image], and the modulus of elasticity, shear modulus, and normal strain [image: image] are used directly to solve for the stress on the microplane. The elasticity modulus [image: image] and shear modulus [image: image] on the microplane can be defined as
[image: image]
where [image: image] is the macroscopic level modulus of elasticity, [image: image] is Poisson’s ratio, [image: image], and [image: image] is the bulk modulus. Since [image: image] and [image: image] are required to be non-negative, Equation 4 holds for Poisson’s ratio [image: image], and the Poisson’s ratio [image: image] of concrete (about 0.18) is satisfied. Starting from the microplane model M3 (Bažant et al., 1996), the concept of a stress-strain boundary is introduced, within which the response is considered to be elastic with constant microplane elastic stiffness [image: image] and [image: image].
In addition, when the material is in the elastic stage, the modulus of elasticity is gradually degraded due to the progression of damage. The evolution of the microplane normal elastic modulus needs to be considered in the damage variables. Here the current value of the microplane normal elastic modulus damage is calculated by retrieving the largest magnitude of positive and negative normal strains [image: image] stored so far. For the case of [image: image], it is calculated using Equation 5.
[image: image]
and in the case of [image: image], it is calculated using Equation 6.
[image: image]
In Equation 5, the fatigue degradation function [image: image] and the meaning of the parameters will be described later. At this point the stress in the normal direction of the microplane elastic stage is given by Equation 7.
[image: image]
It is worth noting that Equation 5 is used in order to ensure that the unloading moves towards the origin along the initial elastic slope after intersection, rather than continuing along the original unloading path after intersection.
2.3.2 Stress-strain boundaries on microplanes
As shown in Figure 2, the strain on the microplane is divided into normal strain and tangential strain, and normal strain can be divided into tensile strain and compressive strain. For normal tensile strain, the tensile normal stress-strain boundary is introduced to characterize the inelastic response on the microplane. For normal compression strain, the key innovation of M7 that significantly improves it is that when the microplane is under pressure, it no longer separately determines whether the volume stress and deviator stress exceed the boundary, but calculates the two boundary values separately and then sums them up, i.e., [image: image]. Then it is compared with the normal stress [image: image] calculated using the elastic increment method to determine the normal stress value on the microplane. The study found this improvement is also logically consistent with elastic and damage potential energy. It effectively avoids problems such as excessive lateral expansion during tensile response and normal stress self-locking in the softening section. In addition, in M7, the boundary function about the shear resultant force [image: image] is defined, which solves the problem of direction dependence of the results due to the arbitrary selection of shear component coordinates. Therefore, in the microplane model M7 (Caner and Bažant, 2013a; Caner and Bazant, 2013b), the boundary functions that characterize the inelastic response on the microplane are normal tensile stress-strain boundary, compressive deviatoric stress-strain boundary, compressive volume stress-strain boundary and plastic-friction stress-strain boundary (shear boundary).
2.3.2.1 Normal tensile stress-strain boundary
Figure 3A shows that the normal tensile stress-strain boundary controls the tensile fracture behavior, calculated by Equation 8.
[image: image]
where [image: image]. The recommended values of the parameters and their significance in this section will be described in detail later.
[image: Figure 3]FIGURE 3 | Stress-strain boundaries on the microplane. (A) Normal tensile stress boundary. (B) Compressive deviatoric stress boundary. (C) Compressive volume stress boundary. (D) Plastic-friction stress boundary.
2.3.2.2 Compressive deviatoric stress-strain boundary
Figure 3B shows that the compression deviatoric stress-strain boundary is used to model the damage evolution under compression conditions, calculated by Equation 9.
[image: image]
where [image: image], [image: image], [image: image], [image: image]. [image: image] denotes the compressive strength of the concrete material, and [image: image] is the reference value of compressive strength for model calibration.
2.3.2.3 Compressive volume stress-strain boundary
As shown in Figure 3C, the compressive volumetric stress-strain boundary is used to model pore collapse and expansion rupture of the material, calculated by Equation 10.
[image: image]
where [image: image]. [image: image] are the maximum and minimum principal strains at the beginning of the step, and [image: image], where [image: image].
2.3.2.4 Plastic-friction stress-strain boundary (shear boundary)
As shown in Figure 3D, the plastic-friction boundary is used to model the shear behavior of the material, calculated by Equation 11.
[image: image]
where [image: image].
2.3.3 Yielding and plastic flow criteria on microplane
The yield condition and plastic flow criterion on the microplane are defined as follows: when the stress on the microplane lies within the stress-strain boundary, the stress-strain on the microplane is in the elastic phase. At this time, the stress is given by [image: image] in Equation 7. When the stress on the microplane exceeds the stress-strain boundary, the strain remains, and the stress falls back to the boundary. The normal stress is evaluated using Equation 12.
[image: image]
The shear stress on the microplane is given by Equation 13.
[image: image]
Where the incremental, cumulative form of the formula for calculating the shear stress in the elastic phase on the microplane is given by Equations 14–16.
[image: image]
[image: image]
[image: image]
2.4 Homogenization from microscale to macroscale
After defining the stress-strain relationship on the microplane, the principle of virtual work is applied to establish the equation between the microplane stress vector and the macroscopic stress tensor, from which the macroscopic stress tensor [image: image] satisfies Equation 17.
[image: image]
where [image: image] is the surface of the unit hemisphere and [image: image] is the volume of the hemisphere, the integral is regarded as a homogenization of the microplane contributions in different directions within the material. Due to [image: image] and [image: image], from the arbitrariness of the variation [image: image], the equilibrium relation can be obtained as Equations 18, 19.
[image: image]
[image: image]
The integral is approximated by the optimal Gaussian integral formula for the sphere, denoting the weighted sum of microplane in the direction [image: image], with the weight [image: image] normalized, so [image: image]. For better accuracy in the far-peak post-softening, 37 microplane are recommended to be preferred.
3 MICROPLANE MODEL EXTEND TO STEEL FIBER-REINFORCED CONCRETE AND FATIGUE DAMAGE
3.1 Extend to fiber-reinforced concrete
The simplest way to extend the plain concrete microplane model to make it applicable to SFRC containing materials such as steel fibers is to adjust the stress-strain boundary conditions on the microplane (Caner et al., 2013). First, fibers usually increase the tensile capacity of the concrete material (Jiang et al., 2023; Lakavath et al., 2024), so the effect of steel fiber reinforcement needs to be introduced on the normal tensile stress-strain boundary. The contribution of fiber reinforcement is given by a simplified form of the Kholmyansky equation (Kholmyansky, 2002), as Equation 20.
[image: image]
This contribution is obtained by the gradual activation of the bridging of the fibers during the development of the crack, as shown in Figure 4. Assuming parallel coupling of the fibers and the matrix, the normal stress on the microplane is Equation 21.
[image: image]
where [image: image] is the total normal stress of the fiber-reinforced concrete, [image: image] is the normal stress of the plain concrete matrix, and [image: image] is the normal stress of steel fiber contribution given by Equation 20. Therefore, in the microplane model of fiber-reinforced concrete, Equation 12 is modified as Equation 22.
[image: image]
[image: Figure 4]FIGURE 4 | Simplified total fiber law obtained by superimposing multiple fiber responses.
In addition, the tensile capacity that steel fiber-reinforced concrete can withstand changes (increases or decreases) before cracks develop. Therefore, the normal tensile stress-strain boundary Equation 8 of the plain concrete matrix needs to be adjusted to Equation 23.
[image: image]
Secondly, the addition of steel fibers changes the compressive capacity of the concrete material, especially the shear expansion deformation, so the compressive deviatoric stress-strain boundary condition Equation 9 needs to be adjusted to Equation 24.
[image: image]
Finally, steel fibers change the mechanical behavior of concrete in triaxial compression, so the plastic-friction boundary Equation 11 needs to be adjusted to Equation 25. 
[image: image]
where [image: image].
The microplane model of steel fiber-reinforced concrete is based on the microplane model of plain concrete. Therefore to calibrate its parameters, it is necessary to calibrate the parameters of plain concrete first. Then from the uniaxial tensile data of SFRC, [image: image], [image: image], [image: image], [image: image], [image: image] can be identified. From Equation 23, it can be found that the parameter [image: image] determines whether the fibers in the concrete matrix are bonded or not. The parameter [image: image] controls the proportion of steel fiber contribution, while [image: image] controls the pullout of fibers connecting the open cracks. Parameters [image: image], [image: image] determine the length of the plastic plateau in the stress-strain relationship (shown in Figure 4). [image: image] can be determined from the uniaxial compression data and [image: image] can be determined from triaxial compression data. In many practical applications, fewer triaxial compression problems are involved. Therefore, it is mostly sufficient to study the uniaxial compression and uniaxial tension of fiber concrete. If uniaxial tension tests are difficult to perform, the parameters can be calibrated indirectly by means of the notched three-point loaded bending concrete beam test.
3.2 Extend to fatigue damage
In the concrete microplane damage model, taking the stretch shown in Equation 5 as an example, the damage behavior of concrete under several cycles can be described by assuming that the elastic modulus [image: image] in the [image: image]-th microplane will undergo damage by Equation 26.
[image: image]
where [image: image] is the undamaged modulus, [image: image] is the material parameter which is called [image: image] in Equation 5, and [image: image] is the maximum strain reached so far in the [image: image]-th microplane. This approach can characterize the damage to the concrete for a few cycles or so, but it does not capture fatigue. It is worth noting that once damage begins to occur in the material, strain localization occurs, and strain calculations at this point are affected by the finite element mesh size in a way that is difficult to ignore. Therefore, it is necessary to analyze the microplane model in conjunction with nonlocal theory or the crack band model (Bažant and Oh, 1983) (used here). In order to effectively predict the fatigue response, it is necessary to introduce a variable that measures the fatigue damage history paths (Kirane and Bažant, 2015; Baktheer et al., 2021; Aguilar et al., 2022).
3.2.1 Fatigue history variable
The fatigue damage variable is denoted as [image: image]. [image: image] is the fatigue history variable obtained from the accumulation of fatigue damage variables, and because fatigue damage is irreversible, [image: image] never decreases. For simplicity, in this paper, only the cyclic cumulative damage under tension is considered,and the cyclic cumulative damage under compression is ignored. The normal positive strain [image: image] reached on the microplane is adopted as the fatigue variable. Then the fatigue damage history variable at the end of the increment is given by Equation 27.
[image: image]
The fatigue damage behavior of concrete under compressive loading can be used as a fatigue variable for compressive fatigue damage by using the normal negative strain, [image: image], as the fatigue variable for compressive fatigue damage. At this time the elastic model of fatigue damage occurring on the microplane should be calculated using Equation 6.
3.2.2 Fatigue damage estimation
Next, the stiffness degradation of the material is related to the fatigue damage history variables. A model is obtained that is suitable for both fatigue damage analyses without affecting the calibration of the parameters of the original microplane model. The material stiffness degradation on the microplane is represented by the damage parameter [image: image], in for the intact material [image: image], and [image: image] for the fully damaged material. Equation 26 is further written as Equation 28.
[image: image]
Then, introduce [image: image] as the material stiffness degradation due to cyclic loading. To obtain the dependence of the damage parameter [image: image] on the fatigue history variable [image: image], in analogy with Paris law, the following successively increasing damage accumulation rates are introduced,
[image: image]
where [image: image] and [image: image] are material parameters. Integration of Equation (29), taking into account [image: image] at [image: image], yields
[image: image]
Usually taking [image: image], then Equation (30) becomes negative as the fatigue damage history variable increases. Therefore, the following alternatives are used
[image: image]
[image: image]
Similarly, [image: image] and [image: image] are material parameters that characterize fatigue degradation. [image: image] is the reference strain for uniaxial tensile and [image: image] is suggested, where [image: image] is the material tensile strength. The degradation functions Equations 31, 32 both satisfy the conditions [image: image], [image: image], and [image: image]. Equations 30–32 correspond to the material fatigue damage softening law as shown in Figure 5. It can be found that the fitting of the test data under monotonic loading is not affected by the degradation function [image: image], due to the small fatigue history variable [image: image], in the first one or two cycles.
[image: Figure 5]FIGURE 5 | Fatigue degradation law of material [image: image].
4 NUMERICAL IMPLEMENTATION, PARAMETER CALIBRATION AND MODEL VALIDATION
4.1 Numerical implementation
In the numerical implementation, it is necessary to incorporate the crack band model to reduce the mesh size sensitivity of the computed results (Bažant and Oh, 1983; Červenka et al., 2005). In ABAQUS commercial finite element software, VUMAT subroutine is written for numerical implementation. If the stress tried exceeds the stress-strain boundary, it is necessary to keep the strain and limit the stress to the stress-strain boundary. In the finite element method program, if the strain increment [image: image] at the current step is known, as well as the strain [image: image] and stress [image: image] at the end of the previous step, the new stress [image: image] is obtained at the end of the current step by the following steps:
Step 1. First, the strain and strain increment on the microplane are calculated by Equation 33 according to Equation 1,
[image: image]
Step 2. Calculate the volumetric strain and its increment at the end of the previous and current steps, based on the given strain and its increment by Equation 34.
[image: image]
Then, calculate [image: image], while the corresponding volumetric stress-strain boundaries [image: image] are later calculated by Equation 10. The deviatoric strain can be obtained from total strain and volumetric strain by Equation 35.
[image: image]
and [image: image] is calculated by Equation 9.
Step 3. Calculate the [image: image] retrieve the history variables [image: image] of the largest magnitude stored so far. Next, the current damage degree of the normal elastic modulus of the microplane is calculated according to [image: image] by Equations 5, 6. Calculating the normal elastic stress of the microplane by Equation 36.
[image: image]
Step 4. Calculate the normal tensile boundary [image: image] of the microplane using Equation 8 when [image: image].
Step 5. Holding the strain constant and allowing the stress to drop vertically to the normal tensile stress-strain boundary by Equation 37.
[image: image]
Meanwhile, update the history maxima [image: image] and [image: image].
Step 6. Calculate an approximation of the current volumetric stress by Equation 38.
[image: image]
Retrieve the originally stored microplane shear stresses [image: image], [image: image], followed by estimating [image: image] according to Equation 4, and [image: image]. If we want to simulate cell failure, the recommended deletion criterion of the adopted cell is [image: image]. The shear boundary is then calculated by Equation 11.
Step 7. Calculate the shear response upon return to the stress-strain boundary by Equations 12–16.
Step 8. The stress [image: image] at the end of the current step is obtained by calculating the sum of stresses on all microplanes through Equations 18, 19, while recording the variables [image: image], [image: image], [image: image], [image: image], [image: image], [image: image] at the end of the current step.
4.2 Parameter calibration
In the microplane model (M7), the shape of the response curve is determined by five free parameters and twenty-one fixed parameters. Tables 1, 2 provide a concise explanation of the meaning and default value of each parameter. The fixed parameters, as detailed in Table 1, are calibrated using the uniaxial compressive strength [image: image] and the axial normal strain [image: image] at peak stress. The calibration of the uniaxial compressive strength [image: image], and the corresponding strain [image: image], of a particular concrete using a microplane model requires only that the reference values of the free parameter [image: image], and the elastic modulus [image: image], be modified to,
[image: image]
TABLE 1 | Default values of fixed parameters of microplane model and their meaning.
[image: Table 1]TABLE 2 | Default values of free parameters of microplane model and their meaning.
[image: Table 2]To optimize the fitting of a large amount of experimental data, it is not necessary to change all five free parameters simultaneously in the actual microplane model (Caner and Bažant, 2013a; Caner and Bazant, 2013b). The elastic modulus [image: image] and Poisson’s ratio [image: image] are determined through experimental measurement. First, all other parameters are assumed to be reference values, and subsequent parameter calibration is conducted. The parameter [image: image] was calibrated based on the strain corresponding to the peak stress in the uniaxial compression experiment. If sufficient triaxial compression data are available, and the compression intensity is sufficiently strong to elicit an almost plastic response, the data are fitted by adjusting [image: image]. The parameters [image: image] and [image: image] are calibrated based on hydrostatic pressure experimental data. If sufficient uniaxial, biaxial, and triaxial compression data at low hydrostatic pressure are available, [image: image] should be determined by fitting. Otherwise, the default values are retained.
4.3 Validation of representative examples
4.3.1 Plain concrete specimen
First, the uniaxial compression test of Chern et al. (1993) was fitted to the elastic modulus [image: image], compressive strength [image: image], and Poisson’s ratio [image: image] of plain concrete materials. The strain [image: image] corresponding to the peak load was obtained from the uniaxial compression experiment, and the free parameters [image: image] were adjusted according to the prediction Equation 39 proposed by Bazant et al., with other parameters kept defaults. The calculated uniaxial compression stress-strain curve of plain concrete is shown in Figure 6, which is similar to the experimental results.
[image: Figure 6]FIGURE 6 | Uniaxial compressive stress-strain curve of plain concrete.
Next, a triaxial compression experiment of concrete under hydrostatic pressure was fitted. Plain concrete material parameters (Chern et al., 1993): elastic modulus [image: image], Poisson’s ratio [image: image]. The free parameter [image: image] and other parameters are kept as default. The simulation and experimental results are shown in Figure 7A. The model is sufficient to capture concrete compression under low hydrostatic pressure conditions. Therefore, it is suitable for capturing the nonlinear behavior of concrete under conventional conditions.
[image: Figure 7]FIGURE 7 | Experimental and simulation of compression. (A) Triaxial compression experiment and simulation with hydrostatic pressure. (B) Experimental and simulation of lateral limit uniaxial compression.
Then, the mechanical behavior of plain concrete under side-limited uniaxial compression was fitted. The plain concrete material parameters (Caner and Bazant, 2013a): elastic modulus [image: image], Poisson’s ratio [image: image], free parameters [image: image], [image: image], [image: image], and other parameters are kept default. The simulation results are shown in Present-1 in Figure 7B, which agrees with the tests. In literature (Caner and Bazant, 2013b), the free parameter [image: image], corresponding to the computational results as shown in Present-2 in Figure 7B. When microplane model parameters are calibrated, it can be well used to capture plain concrete mechanical response.
4.3.2 Steel fiber-reinforced concrete specimen
In this section, the mechanical response of steel fiber-reinforced concrete is analyzed. The parameter calibration was performed for fiber reinforced, as shown in Table 3 (Caner et al., 2013). The experimental and simulation results of FRC containing carbon steel fibers (fiber volume admixture [image: image], [image: image], [image: image]) at hydrostatic pressures of 0 MPa,40 MPa, and 70 MPa are shown in Figure 8. Therefore, the microplane model can analyze the mechanical response of fiber-reinforced concrete when the parameters are calibrated.
TABLE 3 | Parameter calibration of carbon steel fiber reinforced concrete.
[image: Table 3][image: Figure 8]FIGURE 8 | Experiment and simulation of carbon SFRC. (A) Compression of carbon SFRC. (B) Compression of carbon SFRC under 40 MPa hydrostatic pressure. (C) Compression of carbon SFRC under 70 MPa hydrostatic pressure.
5 FATIGUE DAMAGE ANALYSIS
5.1 Plain concrete material
In this section, we consider a notched plain concrete beam of depth [image: image], span [image: image], and a notch of length [image: image] situated at the center of the beam. The width of the beam is [image: image], as illustrated in Figure 9A. The parameters of plain concrete material: Young’s modulus [image: image], Poisson’s ratio [image: image], compressive strength [image: image],density [image: image]. The free parameters [image: image] are calibrated by matching the peak loads of monotonic load, and the default values are adopted for all other parameters. Two finite element mesh sizes were considered, i.e., [image: image] and [image: image], and the predicted peak loads were [image: image] and [image: image], which were in good agreement with the experimental results [image: image] (Bazant and Schell, 1993), as shown in Figure 9B. To reduce the computational cost, the finite element mesh size of the potential damage region was [image: image] in the subsequent analysis.
[image: Figure 9]FIGURE 9 | Simulated load-displacement curve under monotonic and fatigue loading. (A) Geometry of a concrete beam with notched three-point bending. (B) Load-displacement curve under monotonic loading. (C) Load-load point displacement curves under fatigue loading.
Next, the fatigue simulation of a three-point bending beam was performed. Cyclic loading was applied up to [image: image] of the peak monotonic loading. The parameters of the fatigue damage law of the material are adjusted until the life prediction is satisfactorily close. The fatigue damage metric used was Equation 31, and with the adopted parameters [image: image] and [image: image], the model predicted failure after 225 cycles in excellent agreement with the tested fatigue life of 212 cycles. In the last cycle, the failure is characterized by a sudden increase in the overall deformation, as shown in Figure 9C.
5.2 Steel fiber-reinforced concrete material
Then, the fatigue damage behavior of steel fiber-reinforced concrete is analyzed. A three-point bending beam (Qing et al., 2023) with notched specimen size [image: image], a notch of width [image: image] is located at the bottom of the middle of the beam, the height of the notch is [image: image], and the span at the bottom of the beam is [image: image]. Four groups of steel fiber-reinforced concrete (SFRC) with steel fiber volume admixture [image: image], [image: image], [image: image], and [image: image] were used. Fiber-reinforced concrete material parameters: elastic modulus [image: image], Poisson’s ratio [image: image], tensile strength [image: image], compressive strength [image: image]. The model’s free, fixed, and fiber parameters were calibrated, and the calibrated parameters are shown in Table 4. The peak monotonic loading predicted by the model is similar to the test, as shown in Table 5. The load capacity of the concrete beams was enhanced with the increase in the volume admixture of fiber-reinforced concrete.
TABLE 4 | Parameter calibration of steel fiber reinforced concrete.
[image: Table 4]TABLE 5 | Experiments and simulations of monotonic and fatigue loading of steel fiber reinforced concrete.
[image: Table 5]Next, fatigue analysis of fiber-reinforced concrete three-point bending beams was performed. The maximum applied cyclic load was 85% of the monotonically loaded peak load. The fatigue damage law parameters were adjusted until the life prediction was close enough. The strains of SFRC three-point bending beam with 0.5% volume steel fiber admixture for the one cycle before fatigue loading failure are shown in Figure 10A, and the strains for the remaining three groups are similar. The fatigue damage metric used is Equation 31, and the calibrated fatigue damage law parameters are shown in Table 5 for various fiber-reinforced concretes. The corresponding material fatigue damage law is shown in Figure 10B. The fatigue resistance of concrete is gradually improved with the increase of steel fiber mixing, and the fatigue resistance improvement is gradually slowed down when the steel fiber admixture is more than 1%. Therefore, the present model can be well used to analyze the mechanical response of fiber-reinforced concrete under monotonic and fatigue loading.
[image: Figure 10]FIGURE 10 | The strain in a three-point bending beam and fatigue damage law. (A) The strain in a three-point bending beam one cycle before fatigue damage occurs. (B) Fatigue damage law of various fiber-reinforced concrete.
5.3 Plain and steel fiber-reinforced concrete beam
Fatigue damage modeling ultimately aims to fine-tune the analysis of the whole process of fatigue damage in concrete structures. This section simulates the fatigue damage of reinforced concrete beams using the proposed model as an illustrative study. The cross-section height of the concrete beam is [image: image], the cross-section width is [image: image], the protective layer thickness of the steel reinforcement is [image: image], and the cross-section reinforcement ratio of the longitudinal reinforcement [image: image]. The geometry and loading of the concrete beam are shown in Figure 11. To show the potential of the model for capturing the fatigue damage behaviors of reinforced concrete structures, the steel reinforcement is assumed to be ideally elastic-plastic with a yield strength of [image: image], and the material parameters of the SFRC are the same as in the previous section.
[image: Figure 11]FIGURE 11 | Geometry of reinforced concrete beams (mm) and its loaded conditions.
First, a numerical simulation of the four-point bending of reinforced concrete beams ([image: image]) under monotonic loading is carried out. The load-displacement curves are shown in Figure 12. The ultimate load capacity of reinforced concrete increases gradually with the increase of fiber volume admixture, and the ultimate load capacity of reinforced concrete beams with a fiber volume admixture of 1% is the largest. Unlike the damage mechanics intrinsic model, the fatigue damage of a structure is usually accounted for by the development of strain in the microplane theory. It is worth noting that the bottom strain of plain reinforced concrete beams reaches up to 0.4361% at a displacement loading of 3 mm, and the stressed portion of the tensile zone gradually changes from concrete to steel reinforcement, as shown in Figure 13. With the increase in fiber volume admixture [image: image], the maximum strains of the resinforced concrete beams were reduced to 0.2315%, 0.0927%, and 0.065% with displacement loading of 3 m. At a displacement loading of 7.5 mm, the steel reinforcement basically stressed the tensile zone of the concrete beams, and there were some areas where the strains were close to or more than 1%. However, the concrete structure would not be subjected to such large deformations under service conditions. Afterward, we will pay attention to the response of the concrete when cracked or just cracked. In this paper, the load capacity corresponding to a plain reinforced concrete beam subjected to a displacement loading of 3 mm is defined as [image: image], and the maximum value of the fatigue load magnitude is [image: image].
[image: Figure 12]FIGURE 12 | Load-displacement curves of reinforced concrete beams under monotonic loading ([image: image]).
[image: Figure 13]FIGURE 13 | Strain in reinforced concrete beams under monotonic loading. (A) Displacement at load point 3 mm ([image: image]). (B) Displacement at load point 7.5 mm ([image: image]). (C) Displacement at load point 3 mm ([image: image]). (D) Displacement at load point 7.5 mm ([image: image]). (E) Displacement at load point 3 mm ([image: image]). (F) Displacement at load point 7.5 mm ([image: image]). (G) Displacement at load point 3 mm ([image: image]). (H) Displacement at load point 7.5 mm ([image: image]).
Next, fatigue damage simulations of reinforced concrete structures ([image: image]) under 200 cyclic loadings were performed. During cyclic loading, the fatigue history variables are gradually accumulated, resulting in gradual degradation of the material stiffness and gradual development of the strain in the concrete beams. The strain distribution after 200 loading cycles is shown in Figure 14. For a reinforced concrete beam composed of plain concrete with a fatigue life of 176 cyclic loadings, the strains at one time before structural failure are shown in Figure 14A. The strains at the bottom of the beam are more than 1% in most regions. With the increase in fiber dosage, the strain of the concrete structure improved during fatigue loading due to the improvement in tensile capacity, and the cracking pattern was transformed. The beam strain distribution after 200 loading cycles is shown in Figures 14B–D. The maximum strains of reinforced concrete beams with steel fiber volume admixture [image: image] are 0.1313%,0.1231%, and 0.1194%, respectively. The displacements at the loading points also show a significant reduction trend, as shown in Figure 15. Therefore, the microplane model considering the material stiffness degradation can be used to reflect the fatigue damage behavior of plain and fiber-reinforced concrete materials.
[image: Figure 14]FIGURE 14 | Reinforced concrete beam strains after fatigue loading. (A) Steel fiber volume admixture [image: image]. (B) Steel fiber volume admixture [image: image]. (C) Steel fiber volume admixture [image: image]. (D) Steel fiber volume admixture [image: image].
[image: Figure 15]FIGURE 15 | Displacement-loading number curves at loading point. ([image: image]).
It is worth noting that for the fatigue of reinforced concrete structures, to capture the various mechanical behaviors in the tests, the slip between the concrete and the reinforcement also needs to be considered, and the degradation of the fatigue properties of materials such as reinforcement and fibers needs to be considered. However, this is not the focus of this study and will be illustrated in future studies. This model is expected to be used for the whole-process analysis of fatigue damage of plain concrete and steel fiber-reinforced concrete structures under complex loading conditions and structural forms, which will facilitate engineering design, evaluation, and optimization.
6 FURTHER STUDY
Despite the success in expanding the application of microplanar modeling of plain concrete, many issues need to be solved. In subsequent research, the following issues will be focused on:
(1) simplifying the extremely cumbersome parameters in M7 and developing user-friendly software tools or plug-ins.
(2) Consider the fatigue-related material stiffness under compression conditions and extend the model to compression fatigue analysis.
(3) Optimize the fiber toughening mechanism and expand the model to fatigue damage analysis of concrete materials such as ECC and UHPFRC.
7 CONCLUSION
This study successfully extends the microplane model for assessing fatigue damage in steel fiber-reinforced concrete (SFRC). The model combines material stiffness degradation, critical for analyzing fatigue damage, with fatigue history variables accumulated during cyclic loading. A more detailed prediction of the fatigue life and behavior of plain and steel fiber-reinforced concrete materials is possible. The following conclusions were obtained:
(1) The extended microplane model is suitable for mechanical response analysis of steel fiber-reinforced concrete materials. It provides an effective tool for predicting fatigue damage of concrete structures under cyclic loading by introducing fatigue history variables and establishing their relationship with material stiffness degradation.
(2) It is shown that steel fiber incorporation can substantially improve concrete’s mechanical properties and fatigue resistance. The extended model can capture the reinforcing effect of fibers, which is consistent with the experiments.
(3) The model’s parameters can be calibrated against benchmark experimental data. The model can be implemented numerically in ABAQUS commercial finite element software in conjunction with a crack band model for engineering analysis.
(4) The model can predict the fatigue life and mechanical behavior of plain and steel fiber-reinforced concrete materials, which helps in engineering design and optimization. Next, it is expected to be used for fatigue analysis of concrete structures under complex loading conditions and structural forms by considering the slip of reinforcement with concrete and the degradation of the fatigue performance of reinforcement.
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Precast systems are increasingly favored in modern construction to meet the growing demands for faster project delivery, cost control, and enhanced quality assurance. Yet, the feasibility of connections between precast elements remains a crucial factor affecting the overall structural performance of these systems. Considering the versatility and dimensional consistency of structural steel sections, this study introduces an emulative column-to-column hybrid connection achieved by using welding-spliced steel tubes, with a view to improving assembly efficiency and on-site quality control. Reversed cyclic loading tests were conducted on five near full-scale column specimens to assess the seismic performance of the proposed connection. Results indicated that this connection method could provide seismic performance comparable to that of the traditional cast-in-place counterpart. Nevertheless, the anchorage of the column longitudinal rebars played a critical role, as inadequate anchorages led to significant reductions in the columns’ lateral capacity. For this reason, increasing the tube thickness was shown to be insufficient as a substitute for proper anchorage detailing. Moreover, it was found that the incorporation of the welded steel tubes shifted the plastic hinge region upward, resulting in a more extended damage zone—a consequence of the localized stiffening effect. Finally, existing equations and methods are employed to evaluate the lateral strength, load-displacement response, and plastic hinge length of the tested specimens.
Keywords: precast concrete column, steel tube connection, grouted sleeve, seismic performance, cyclic behavior
1 INTRODUCTION
Precast concrete systems have become an integral part of modern construction, offering distinct advantages such as reduced labor demands, enhanced quality control, and improved environmental sustainability compared to traditional cast-in-place (CIP) methods (Englekirk, 2003; Hong et al., 2018; Wong and Loo, 2022). Off-site manufacturing enables higher precision and better material efficiency, while also minimizing waste and environmental impact (Yee, 2001a; Yee, 2001b; Zhang X. et al., 2024). These benefits make precast systems ideal for applications ranging from buildings and industrial complexes to large-scale infrastructure projects. However, ensuring the reliability of connections between precast components remains a big challenge—especially in seismic regions, where these connections must accommodate large lateral deformations without compromising structural integrity (ACI 550R-96, 2001; Khaloo and Parastesh, 2003; Elliott and Jolly, 2013; Kurama et al., 2018; Ghayeb et al., 2020a; Hu et al., 2024; Zhang R. et al., 2024).
Currently, grouted sleeve connectors have been typically used in precast connections (Einea et al., 1995; Ameli et al., 2016; Tullini and Minghini, 2016; Fan et al., 2020; Liu et al., 2021; Xu et al., 2022; Zhang et al., 2023). While effective in load transfer and offering construction tolerances, they present notable drawbacks. For instance, the grouting process can be labor-intensive and time-consuming, with outcomes heavily influenced by site conditions (Yao et al., 2021; Li et al., 2021). Moreover, these connectors are concealed within concrete, making post-installation inspection and maintenance challenging (Henin and Morcous, 2015; Durgarian et al., 2022).
More critically, grouted sleeve connectors exhibit inherent seismic limitations, particularly in displacement ductility. Studies have reported reductions of up to 50% in ductility for precast columns with grouted sleeves compared to their monolithic counterparts (Haber et al., 2014; Tazarv, 2014; Ameli et al., 2015; 2016; Al-Jelawy et al., 2018). Liu et al. (2021) noted that while these connectors performed adequately under moderate axial loads, their energy dissipation and ductility significantly declined at higher axial loads. These findings emphasize the need for more robust and resilient connection systems capable of delivering reliable structural performance under seismic conditions.
To address these challenges, alternative connection methods have been widely investigated. A range of innovative solutions has been proposed to simplify construction processes, improve structural performance, and facilitate maintenance (as summarized in, e.g., Englekirk, 2003; Dal Lago et al., 2018; Ghayeb et al., 2020b; Guaygua et al., 2023). These strategies often involve mechanical connections using bolts, splices, or similar devices (Vidjeapriya and Jaya, 2013; Yekrangnia et al., 2016; Han et al., 2018; Baran et al., 2021; Nascimbene and Bianco, 2021; Qing et al., 2022; Zhou et al., 2022; Ahn et al., 2023), as well as prestressed or post-tensioning tendons, strands, rods, or reinforcing bars (Stone et al., 1995; Wang et al., 2018; Quiel et al., 2019; Kim et al., 2021; Kim et al., 2022). Welded connections have also been explored (Bhatt and Kirk, 1985; Ersoy and Tankut, 1993; Naito et al., 2012; Rodríguez and Torres-Matos, 2013; Girgin et al., 2017; Menegon et al., 2020; Dal Lago et al., 2022). Furthermore, the incorporation of high-performance materials has demonstrated potential for improving structural performance and ductility in precast connections (Xu et al., 2019; Ma et al., 2021; Zhang X. et al., 2024).
Among the emerging innovations, hybrid precast beam-to-column connections have shown significant promise. Ghayeb et al. (2023) conducted a comprehensive review of these systems, categorizing them into three types: Type I (dry and wet connections utilizing steel sections), Type II (composite material-based systems), and Type III (a combination of Type I and Type II). Their findings highlight the robustness and adaptability of steel sections integrated with the inherent advantages of precast concrete, effectively replicating the behavior of monolithic connections.
As early as the 1980s, Pillai and Kirk (1981) used steel plates to connect precast beam bars with reinforcing bars in the core of the joint through welding. They observed that all precast specimens endured an equal or greater number of lateral load cycles compared to their cast-in-place counterparts, achieving nearly twice the ultimate rotation. Since then, numerous studies have made use of the flexibility, dimensional precision, and availability of steel sections for precast joint detailing. For example, Korkmaz and Tankut (2005) explored a precast beam-to-beam connection using welded plates at the bottom and lap splices for the top steel, which exhibited satisfactory performance under testing. Later on, Li et al. (2009) employed steel angle sections to connect precast beams and columns, demonstrating adequate ductility and strength under cyclic loading, comparable to monolithic specimens. Their results also revealed that embedding steel sections in joint core greatly enhanced its strength, enabling specimens to carry story shears up to a drift ratio of 3.5. Choi et al. (2013) developed a wet precast connection with steel plates for joint continuity, achieving improved strength and ductility under cyclic loading. In a related effort, Ghayeb et al. (2017) introduced a dry precast connection combining steel plates and bolts, which delivered a superior seismic response compared to conventional CIP specimens, along with more stable load-displacement behavior and greater energy dissipation. Notably, the dry connection achieved drift ratios as high as 9.0%.
In recent years, research on hybrid precast connections has expanded significantly, offering valuable insights into the development of precast structures. Ghayeb et al. (2020a) proposed hybrid connections incorporating steel tubes, plates, and couplers, which demonstrated attainable drift ratios up to 50% higher than monolithic connections. Senturk et al. (2020) developed a monolithic-like precast connection with bolted plates, achieving a 34% improvement in both ductility and ultimate deformability. Zhang et al. (2020) advanced the field further by designing a precast connection system integrating highly ductile rods or steel shapes within the joint core. This approach significantly enhanced strength, reduced stiffness degradation, and improved energy dissipation, outperforming conventional monolithic designs. In addition, the addition of steel fiber concrete further boosted seismic performance. Ye et al. (2021) proposed a hybrid beam-to-column connection using an I-steel connector with high-strength bolts, which effectively mitigated stress concentrations while matching the performance of CIP connections. Albright et al. (2022) proposed the “New Performance System” (NPS®), a steel-concrete composite moment-resisting frame with superior strength, stiffness, ductility, and energy dissipation under simulated seismic conditions. More recently, Guan et al. (2023) developed a partially precast steel-reinforced concrete (PPSRC) beam-to-column connection, which shifted the plastic hinge away from the joint, resulting in enhanced strength, ductility, and energy dissipation compared to traditional connections.
Despite these advancements, challenges remain in optimizing these hybrid connections for practical application. Complex construction processes, high costs, and the need for specialized materials or workmanship continue to hinder wider adoption. Therefore, innovative solutions are still needed to balance structural performance with practical feasibility.
In response to these challenges, this study proposes a beam-to-column hybrid connection, as illustrated in Figure 1. This connection is achieved through welding-spliced steel tubes. The longitudinal rebars of the upper and lower precast columns are welded to the steel tubes embedded in the respective columns. The upper column includes a shorter steel tube connector, while the lower column features a longer steel tube extending through the joint core. The bottom longitudinal rebars of the precast beams are bent and anchored to a steel corbel extending from the lower column’s steel tube (for clarity, this detail is omitted in Figure 1). The upper longitudinal rebars of the precast beams pass through pre-formed holes in the steel tube during construction. On-site, the steel tube connector of the upper column is welded to the steel tube of the lower column (Figure 1). Finally, the lower steel tube is filled with concrete through an inclined closure pour hole in the upper column, forming the proposed hybrid connection.
[image: Figure 1]FIGURE 1 | A emulative connection using butt-welded steel tubes embedded in precast columns.
Compared to traditional grouted sleeve connections, this new connection eliminates the need for on-site grouting of the main reinforcement, thereby mitigating potential quality issues associated with grouting inconsistencies. Additionally, the welding-spliced steel tubes leverage the adaptability and dimensional precision of structural steel sections, which simplifies installation and improve alignment during assembly. Welding, a familiar practice for construction workers, enhances reliability compared to the complexities of sleeve grouting.
As noted by Alfred A. Yee over 60 years ago (Yee, 1962), maintaining dimensional accuracy in precast concrete production remains a significant challenge due to concrete’s heterogeneity and the variability of materials and processes involved. Factors such as aggregate type, cement content, and curing methods contribute to dimensional discrepancies, including length, camber, or twist. Human errors, such as misplacement of inserts or mismeasurement, exacerbate these issues, leading to costly errors in both field and factory. By incorporating the precision of structural steel sections, installation efficiency in precast systems can be greatly improved. This is the underlying rationale behind the development of the proposed hybrid connection.
Apparently, the column-to-column connection is a pivotal part of the proposed hybrid connection. To evaluate its efficiency and robustness, five large-scale specimens were tested to failure under lateral load reversals. The key experimental parameters included the anchorage conditions of column longitudinal rebars within the joint’s steel tube (i.e., the steel tube extended from the lower column), as well as the thickness of the spliced steel tubes, both of which would significantly affect the connection’s performance. The experiments assessed critical seismic behaviors, including hysteresis response, energy dissipation, and strength degradation. Additionally, this study explored how to predict the lateral strength, load-displacement response, and plastic hinge length of the column specimens. The outcomes of this study will serve as a basis for future research on the beam-to-column connection concerned.
2 EXPERIMENTAL PROGRAM
2.1 Specimen design
The experimental program for this project included a total of five square column specimens: four precast columns (designated as PC-C1 to PC-C4) and one reference cast-in-place column (CIP-C0). The assembly process for the precast specimens is illustrated in Figure 2, while Figure 3 provides the structural details of all specimens. Key experimental parameters are summarized in Table 1. Each specimen was nearly full-scale, with a total height of 2,200 mm (including the foundation beam). The effective column shaft length (measured from the load point center to the foundation beam top) was thus 1,400 mm. The column shafts had a square cross-section measuring 400 mm × 400 mm.
[image: Figure 2]FIGURE 2 | Schematic of assembly of the precast column model.
[image: Figure 3]FIGURE 3 | Design details of column specimens (unit: mm).
TABLE 1 | Test matrix of specimens.
[image: Table 1]The specimens were designed to investigate the influence of two primary parameters on the performance of the proposed connection:
(1) Anchorage ratio of column longitudinal rebars: This parameter was varied to examine how the degree of rebar engagement within the steel tube embedded in the foundation beam (referred to as the base steel tube or the foundation steel tube) affects the lateral load transfer mechanism and overall seismic performance. Specifically, these anchorage ratios were 0 (no rebar extended), 1/3 (only the four corner rebars extended), 1 (all rebars fully extended), and 0 for PC-C1, PC-C2, PC-C3 and PC-C4, respectively. These ratios chosen (0, 1/3, 1) represent typical configurations in practical precast design scenarios;
(2) Steel tube thickness: Two thickness levels (4 mm and 8 mm) were selected to study the effect of localized stiffening on the plastic hinge behavior and the distribution of damage. Specifically, the steel tube wall thickness was 4 mm for PC-C1 through PC-C3, while PC-C4 had a thicker tube of 8 mm. All the steel tubes had a uniform side length of 340 mm. From Figure 3, it can be observed that after the steel tube connector in the precast column was aligned and welded to the extruded steel tube in the foundation beam, the exposed length of the steel tubes outside the concrete was 80 mm.
The above test parameters were chosen because they are critical to the performance of the proposed connection. The anchorage ratio directly influences the interaction between the longitudinal rebars and the steel tubes, while the steel tube thickness governs the tube’s ability to resist local buckling and contribute to force transfer.
All specimens were subjected to a constant axial compression ratio of 0.3. The fabrication process for the precast specimens is detailed in Figure 4. Fabrication began with tying reinforcement for the column shaft and foundation beam. Each precast column had a 140-mm-tall steel tube connector embedded at its bottom end, with 40 mm extending beyond the concrete (Figure 4C). Inside the precast column, the longitudinal rebars were placed snugly against the inner surface of the tube connector. At the same time, the rebars and the connector were attached using 90-mm-long double-sided fillet welds (Figure 4A).
[image: Figure 4]FIGURE 4 | Casting and assembly process of specimens. (A) Welds between column longitudinal rebars and steel tube connector (STC) (B) Installation of plastic pipe for forming inclined closure pour duct (C) Completion of casting of precast columns with extruded rebars and STCs (D) Installing a precast column by aligning and welding exposed steel tubes (E) Filling foundation steel tube with concrete (through inclined closure pour hole) (F) The final appearance of precast column specimens erected outside the lab.
For the CIP-C0 specimen, a single continuous pour was employed. In contrast, the precast specimens were fabricated in two steps. First, the column shaft was cast and allowed to cure until the target strength was achieved. Next, the shaft was welded to the foundation’s base steel tube via full penetration butt welds at their beveled ends. Concrete was then poured through a 70-mm-diameter inclined closure hole and thoroughly vibrated to ensure proper consolidation. Finally, a thin layer of concrete was applied around the welded steel tubes to protect them and provide a smooth surface for the precast column shaft (Figure 4F).
2.2 Materials
The column shafts and the foundation beams were cast using C30-grade concrete (30 MPa design strength). During testing, the measured compressive strength of the concrete was 37.5 MPa (150-mm cube samples), while the post-cast concrete poured through the closure hole had a strength of 32.6 MPa. The reported strengths were averages based on at least three samples.
Both the steel tube connectors and foundation steel tubes were made of Q355-grade steel. For all of reinforcing bars used, the strength grade was HRB400. The columns were reinforced with twelve 16-mm-diameter longitudinal rebars, providing a reinforcement ratio of 1.51%. Stirrups were 8-mm-diameter four-legged ties, spaced at 100 mm. The actual tensile properties of the rebars and steel tubes were measured, with details provided in Table 2.
TABLE 2 | Measured tensile strengths of steels used in the tests.
[image: Table 2]2.3 Loading protocol and instrumentation
The experiments were conducted at the Structural Engineering Laboratory of South China University of Technology. Each specimens was anchored to the lab’s strong floor using a restraint system. Lateral loads were applied incrementally using an MTS electro-hydraulic actuator in a low-cycle push-pull manner. Additionally, a jack with roller supports was used to apply axial load to each specimen. The axial load was managed to keep constant at 1,400 kN, corresponding to an axial compression ratio of 0.3. The complete loading setup is shown in Figure 5.
[image: Figure 5]FIGURE 5 | Test setup.
An array of linear variable displacement transducers (LVDTs) was mounted on the lower part of the specimens to monitor curvature changes and slip rotations there (Figure 6). Strain gauges were attached to key locations on the rebars and steel tubes within the columns and foundations. All instrument readings were automatically collected by a computer system. To better observe concrete cracking, each specimen was coated with whitewash.
[image: Figure 6]FIGURE 6 | Arrangement of LVDTs within and beyond the column hinge zone (unit: mm).
According to ACI 374.1-05, (2005) guidelines, the cyclic loading was run in a displacement-controlled mode, with drift ratios stepping up as follows (±%): 0.1, 0.25, 0.50, 0.75, 1.0, 1.5, 2.0, 2.5, 3.0, 3.5, and 4.0. Each drift level was cycled three times. For safety, testing was terminated when the lateral load dropped to 80–85% of its peak value.
3 TEST RESULTS
3.1 Failure process
All the specimens demonstrated stable loading behavior until significant damage occurred. The cracking pattern and failure modes of both the monolithic and precast columns are shown in Figure 7. Flexural-dominated failure modes were observed across all specimens, characterized by concrete spalling and crushing concentrated in the lower regions of the columns. However, variations in the connection details resulted in differing extents and distributions of damage.
[image: Figure 7]FIGURE 7 | Failure process and final appearance of specimens.
During the initial loading phase, small horizontal hairline cracks were observed in all specimens. As the drift ratio increased, flexural cracks became more pronounced, and the concrete cover began to spall off, leading to flexural-compression failure near the column base. This failure was marked by crushed concrete and local buckling of the longitudinal rebars.
Most notably, in comparison to the CIP column, the precast columns displayed a broader failure zone due to the presence of welding-spliced steel tubes extending 180 mm from the column-foundation interface. This shifted the failure region upwards, where significant concrete spalling and longitudinal rebar buckling, including fractures, were observed (Figure 7). When the drift ratio reached 2.5%, several diagonal cracks appeared in specimens PC-C3 and PC-C4. Additionally, as the rebar anchorage ratio and steel tube thickness increased, the severity of the localized damage above the welded tubes intensified.
Specimen PC-C1, which lacked anchored rebars, relied primarily on the welded steel tubes to transfer internal forces (axial load, shear force, and bending moment) to the foundation beam. Under reversed cyclic loading, the corners of the steel tubes exhibited noticeable buckling, eventually tearing open during the later loading stages (Figure 7). This localized failure indicated that, in the absence of anchored column rebars and with thinner steel tubes, the welded tube region bore the majority of stresses, concentrating damage in themselves.
Specimen PC-C2, with a 1/3 rebar anchorage ratio (corner rebars only), displayed less severe buckling at the steel tube corners. Instead, localized buckling occurred at the central region of the welded tubes (Figure 7), and the longitudinal rebars above the tubes showed clear signs of local buckling. This suggested that the corner rebars extending into the foundation worked synergistically with the steel tubes to distribute internal forces, reducing the extent of tube damage. As a result, the failure zone shifted higher up compared to PC-C1.
Similarly, specimen PC-C3, featuring fully anchored longitudinal rebars, exhibited no apparent damage to the welded tubes (Figure 7). Instead, failure was concentrated in the column shaft above the tube region. Among all specimens, the upward shift in the failure zone was most pronounced in PC-C3. The increased flexural capacity in the welded tube region, resulting from the combined action of the steel tubes and fully anchored rebars, contributed to this phenomenon. This observation aligns with established findings in seismic studies, where localized strengthening alters failure progression and extends damage zones upwards (e.g., Al-Jelawy et al., 2018; Lee et al., 2022).
Specimen PC-C4, incorporating thicker welded steel tubes (8 mm) but no anchored rebars, exhibited an upward shift in the damaged zone similar to PC-C3. However, the absence of extended rebars limited the efficiency of load transfer. As a consequence, the increased tube thickness enhanced the flexural stiffness in the tube region but failed to improve overall lateral strength without proper rebar anchorage.
The broader damage zone observed in precast columns has both advantages and disadvantages: while it helps to distribute plastic deformations along the column shaft, potentially enhancing energy dissipation capacity (as detailed later), it also complicates post-earthquake repair due to the widespread nature of the damage.
It was also observed that the corner rebars in all precast columns (except PC-C1) fractured above the welded tubes. Still, none of the specimens exhibited any failure at the butt welds between the tube connector and the foundation tube. This confirmed the reliability of the welded connections, which showed no signs of detachment or weakness during testing.
3.2 Lateral load response
The lateral load-displacement responses for each specimen, measured at the column tip, are illustrated in Figure 8, including both hysteresis loops (Figures 8A–E) and backbone curves (Figure 8F). As expected for concrete columns undergoing flexural-dominated failure, the hysteresis loops showed a typical “spindle” shape, indicative of full and stable energy dissipation.
[image: Figure 8]FIGURE 8 | Lateral load-displacement responses of specimens. (A) CIP-C0 (B) PC-C1 (C) PC-C2 (D) PC-C3 (E) PC-C4 (F) Backbone curve.
Among the precast specimens, PC-C1 exhibited a significant reduction in lateral load-bearing capacity (around 20% on average) compared to the monolithic specimen (CIP-C0). PC-C2, with partially anchored longitudinal rebars, exhibited some recovery in lateral capacity compared to PC-C1, though it remained approximately 15% lower than CIP-C0. PC-C3, with fully anchored longitudinal rebars, demonstrated a load-bearing capacity nearly equivalent to CIP-C0, suggesting that the lateral resistance had been almost completely restored, although its peak load was reached slightly later. PC-C4, incorporating thicker steel tubes but no anchored rebars, showed only marginally higher lateral strength than PC-C1.
These findings clearly indicate that when the column longitudinal rebars are not anchored into the joint core (namely, the foundation beam in this testing setup), the load transfer mechanism depends on the welding-spliced steel tubes. Consequently, the lateral load-bearing capacity of the precast columns is reduced compared to the fully cast-in-place specimen. Three primary reasons may explain this reduction:
(1) Steel tube wall thickness: Although the overall cross-sectional area of the welded steel tubes was roughly equivalent to that of the column longitudinal rebars, the steel tube walls in PC-C1 to PC-C3, at only 4 mm thick, were susceptible to local buckling under flexural-compression loads. This buckling caused a measurable reduction in the peak load of the precast columns;
(2) Cold joint near the column-foundation interface: The presence of a cold joint between the precast column and the foundation beam hindered effective shear and moment transfer. Cold joints inherently create weak points where material continuity and structural integrity are compromised, especially under cyclic or seismic loading. This phenomenon is a known limitation of precast systems and one of the primary reasons why precast connections typically exhibit inferior performance compared to CIP connections (Englekirk, 2003; Kishen and Rao, 2007; Davaadorj et al., 2020);
(3) Post-Cast concrete strength: The compressive strength of the post-cast concrete used in the tests was lower than that of the precast concrete. This disparity further reduced the lateral load-bearing capacity of the precast columns.
Figure 9 attempts to explain the different failure mechanisms caused by whether or not the downward extension of the column longitudinal rebars was adopted. This figure, in combination with the test results for the columns’ lateral strength, highlights a clear relationship between the rebar anchorage and the load-resisting mechanisms. It is reasonable to believe that the presence of the cold joint could compromise the reliability of force transfer, particularly due to potential inconsistencies during the casting process. In such cases, the downward extension of the column rebars becomes especially critical. As the rebar anchorage ratio increased, the engagement of the longitudinal rebars improved, thereby reducing the reliance on the steel tubes to bear the entire load. This enhancement in load transfer paths allowed the lateral capacity of the precast columns to progressively recover, eventually matching that of the fully monolithic column.
[image: Figure 9]FIGURE 9 | Failure mechanisms of precast column specimens. (A) Without column rebar extended (B) With column rebar extended.
It was observed that PC-C1 did not exhibit the gradual hardening trend seen in the other specimens during push-direction excursion. This lack of hardening resulted in an asymmetrical hysteretic response for PC-C1 between the push and pull directions. The exact cause of this behavior is not yet fully understood, but it is hypothesized that it may primarily be attributed to the absence of downward-extended longitudinal rebars into the base tube in PC-C1. Without these rebars, the force transfer mechanism heavily relies on the welded steel tubes, which could lead to less stable post-peak performance. Additionally, the presence of the cold joint might contribute to this phenomenon. In particular, there may have been “loose” contact between the post-cast concrete and the precast portion on one side of the column, affecting the load-resisting behavior. While this issue could potentially be mitigated by ensuring that the column rebars are extended into the base tube, as seen in other specimens, additional experimental evidence is required to verify whether this behavior is a general characteristic of this type of connection or a specimen-specific anomaly.
Another important observation from the design and testing phases was that merely increasing the steel tube thickness (i.e., reducing the width-to-thickness ratio) was insufficient to improve force transfer or lateral strength (as is the case of CIP-C4). This outcome underscores the inefficiency of increasing steel tube thickness alone, which not only results in excessive steel usage but also fails to address the underlying load transfer inefficiencies.
For optimal performance in engineering design, it is more effective to ensure that the steel tube’s yield capacity under lateral loads is well-matched to that of the longitudinal rebars. Furthermore, it is critical to anchor a portion of the longitudinal rebars inside the steel tube within the joint region. This anchorage is essential for the proposed precast connection system to achieve reliable performance. Beyond this, further increases in steel tube thickness appear to be unnecessary and unwarranted.
3.3 Ductility
The primary test results for all specimens, including the ductility coefficient, are summarized in Table 3. According to Park et al. (1982), the displacement ductility coefficient, μ, is defined as μ = Δu/Δy, where Δu and Δy represent the ultimate and yield displacements, respectively.
TABLE 3 | Main test results.
[image: Table 3]From the results shown in the table, it is evident that the ductility coefficients of the precast column specimens are generally comparable to, or slightly higher than, those of the reference CIP specimen. This can likely be attributed to the different detailing solutions adopted by the CIP column and precast columns.
In the case of the CIP column, after reaching the peak load, the rebars at the column base began to buckle severely, engaging the stirrups and displacing them outward. As a result, the loss of confinement caused the concrete crushing zone to extend deep into the center of the column base (Figure 7). This uncontrolled breakdown of the concrete at the column base led to a sharper decline in the lateral strength.
In contrast, for the precast columns, although the steel tubes did not contribute to a higher lateral capacity, they continued to provide confinement to the internal concrete after the peak load, preventing significant crushing. Unlike longitudinal rebars and stirrups in the CIP column, which were spaced apart, the steel tubes offered a uniform and consistent wrapping effect around the concrete. This continuous confinement limited the spread of the crushing zone at the column base and, instead, shifted it upward. Consequently, the post-peak deformation capacity of the precast columns was, at least, not inferior to that of the CIP specimen.
It is also noteworthy that all the specimens achieved lateral drift ratios greater than 2% at the point of failure, which met the requirements of the Chinese seismic code (GB50011-2010, 2010). This further demonstrates that the proposed column-to-column connection is suitable for applications in seismic regions.
3.4 Stiffness reduction and strength decay
As the lateral drift increased, the stiffness of the columns decreased correspondingly. Figure 10 compares the degradation of the average secant stiffness, Ki, for each specimen in both the push and pull loading directions. Ki is defined in Equation 1:
[image: image]
where +Fi, -Fi are the positive and negative peak loads at the i-th drift level, respectively; +Xi, -Xi are the corresponding positive and negative peak displacements for + Fi and -Fi, respectively.
[image: Figure 10]FIGURE 10 | Stiffness reduction varied with drift ratio.
As shown in Figure 10, the average secant stiffness of all columns decreased as the drift ratio increased. Compared to the monolithic column, the precast columns exhibited generally lower overall average secant stiffness, especially in terms of the initial stiffness. However, during early loading phase, the secant stiffness of the monolithic column dropped more rapidly than the precast specimens. As the drift continued to increase, the difference in the secant stiffness between the precast and monolithic columns gradually diminished. By the time the drift ratio reached 2%, the secant stiffness of the precast columns was almost identical to that of the monolithic column.
In the precast columns, the presence of the cold joint near the base appeared to result in lower initial stiffness. Conversely, the monolithically cast column, free from a cold joint, exhibited stronger initial stiffness. However, at higher drift ratios, the CIP column experienced severe concrete crushing, leading to a loss of confinement (as previously discussed) and causing a more rapid degradation in stiffness.
At the same lateral displacement level, the maximum load sustained by a concrete specimen decreases as the number of hysteresis loops increases. This phenomenon, commonly referred to as in-cycle strength degradation (or simply strength degradation), was assessed by the strength degradation coefficient λ (Paulay and Priestley, 1992), which is determined by the ratio of the second peak load to the first peak load at the same drift ratio (namely, λ = Vi, 2nd/Vi, 1st, where Vi, 2nd and Vi, 1st are, respectively, the foresaid second peak load and the first peak load at the same drift ratio i). The values of λ for each specimen are presented in Figure 11.
[image: Figure 11]FIGURE 11 | Strength decay varied with drift ratio.
As illustrated in Figure 11, before the drift ratio reached 0.5%, the λ values for all specimens were generally higher than 0.95, indicating that the specimens exhibited minimal damage at this stage, with the in-cycle strength reduction rate not exceeding 5%. Beyond this point, the in-cycle strength loss became more pronounced as the drift ratio increased for all specimens.
For the precast columns, the lowest λ values ranged between 0.89 and 0.94. This suggests that even when the corner longitudinal rebars of the precast columns fractured, the strength reduction at the same drift level remained limited. However, a subtle trend can be observed from Figure 10: at larger drift ratios, the in-cycle strength deterioration of the CIP-C0 column appears to be less significant compared to the precast specimens.
A plausible explanation for this trend lies in the reloading stiffness of CIP-C0, which consistently remained higher than that of the precast specimens, likely due to the absence of the cold joint. This higher stiffness allowed CIP-C0 to retain more strength within the same hysteresis loop at a given deformation level. Nevertheless, this advantage diminished as CIP-C0 exhibited a steeper descending branch in the post-peak region, reflecting its rapid strength deterioration under larger drift demands.
3.5 Energy dissipation
As the drift ratio increased, the energy dissipation capacity of each specimen, represented by the area enclosed by the hysteresis loops, is shown in Figure 12. The results indicate that, prior to a drift ratio 2.5%, the energy dissipation capacity of the precast columns consistently exceeded that of the monolithically cast column. However, beyond that drift ratio, specimen PC-C1, due to the severe buckling of the welded steel tubes, exhibited a slightly lower energy dissipation capacity compared to CIP-C0. Despite this, the overall energy dissipation performance of the precast columns remained comparable to, and in some cases exceeded, that of the monolithic column.
[image: Figure 12]FIGURE 12 | Evolution of energy absorption.
A similar trend is observed in the equivalent viscous damping ratio, ξeq, as shown in Figure 13 and Table 4. These results further corroborate the conclusion that the precast columns exhibited favorable hysteretic behavior under cyclic loading.
[image: Figure 13]FIGURE 13 | Values of ξeq varied with drift ratio.
TABLE 4 | Comparison of ξeq at different drift ratios.
[image: Table 4]The above desirable energy dissipation capacity observed in the precast columns was probably related to the additional confinement provided by the welded steel tubes. These tubes reduced the severity of concrete spalling and crushing, thereby enhancing the hysteretic behavior and allowing the precast columns to sustain greater energy dissipation during loading cycles. Additionally, the more extensive damage along the column shaft also appeared to contribute to enhanced energy dissipation.
It is important to reiterate that grout-filled sleeve connections have been shown to perform well under seismic loading, as noted in the Introduction section; however, scholars have also reported that these connections may exhibit reduced displacement ductility compared to monolithic connections (Haber et al., 2014; Tazarv, 2014; Ameli et al., 2015; 2016; Al-Jelawy et al., 2018). In contrast, the proposed welded steel tube connection demonstrated comparable ductility and energy dissipation to the CIP specimen, even under varying rebar anchorage ratios. Specifically, in terms of the value of ξeq, Al-Jelawy et al. (2018) reported that for precast columns employing grout-filled sleeves, ξeq did not exceed 0.25 up to the point of failure. In comparison, the precast columns in this study achieved a maximum ξeq value of 0.32, clearly demonstrating superior energy dissipation capacity. This is precisely one of the key advantages of the proposed connection.
3.6 Plastic hinge deformation
Plastic hinge deformations in concrete columns are critical in assessing their seismic performance. These deformations result from a combination of flexural displacements, shear deformations (if present), and localized rotations caused by bond slip of longitudinal rebars, which are strongly influenced by strain penetration into the foundation beam.
In the current tests, the plastic hinge deformations were quantified using the instrumentation configuration illustrated in Figure 6. The individual displacement components for each column are presented in Figure 14, divided into four regions, S1 through S4, which contributed varying proportions to the lateral deformation at the column tip. The unknown errors in the figure likely resulted from measurement inaccuracies or unmonitored shear deformations, among other factors.
[image: Figure 14]FIGURE 14 | Deformation components of each column.
For the CIP column, it is evident that regions S1 and S2 contributed the most to the overall column tip deformation. At higher levels of lateral deformation, their combined contribution reached up to 70%. Notably, S2 alone contributed more than 40%, while S1 (associated with bond slip) accounted for over 20%. These findings are consistent with the experimental observations, where damages primarily occurred within approximately 300 mm from the column base. It is important to note that bond slip contributions exceeding 20% are not uncommon; several studies (e.g., Bae and Bayrak, 2008; Al-Jelawy et al., 2018) have reported that bond slip is a key contributor to column tip displacement, accounting for up to 50% of total deformation in some monolithic columns.
When it comes to the precast columns (except PC-C1), the combined contributions of S1 and S2 were generally lower than those in the CIP column. Instead, the contributions of S3 and S4 increased significantly. For instance, in PC-C3, the contributions of S3 and S4 to lateral displacement exceeded 40%. This is in agreement with the experimental observations. The use of welded steel tubes and well-anchored column rebars in the precast columns led to more extensive damage zones further from the column base, which explains the increased weight carried by regions S3 and S4.
For PC-C1, where the longitudinal rebars did not run down into the foundation, the primary load transfer mechanism was through the welded steel tubes. Because of that, the contribution of S1 was the highest among all columns (note: for the precast columns, a portion of the S1 deformation may have originated from local buckling of the welded steel tubes). At the same time, the contributions of S3 and S4 were smaller, with S2 contributing the most.
In the other precast columns, the contribution of S3 (primarily corresponding to the region 220 mm above the welded steel tubes) was significant. For PC-C3 and PC-C4, S3 alone contributed more than 20% of the lateral deformation. Accordingly, the contribution of S1 in these columns dropped off, gradually falling below 20% in the later stages of loading.
3.7 Strain analysis
Tensile strains measured from the longitudinal rebars and welded steel tubes (where applicable) offer valuable insight into the extent and distribution of plasticity along the column shafts. The tensile strain profiles for each column specimen are presented in Figure 15, up to the drift ratio where the measured data remained reliable.
[image: Figure 15]FIGURE 15 | Strain profiles of longitudinal rebars and steel tubes at different drift ratios. (A) CIP-C0 (B) PC-C1 (C) PC-C2 (D) PC-C3 (E) PC-C4.
As expected, the CIP column (Figure 15A) developed plasticity primarily concentrated in the lower portion of the column, with some spreading into the foundation beam. In contrast, for the precast columns, yielding of the longitudinal rebars was observed above the welded tubes, and the plasticity continued to propagate upward along the column shaft as the drift levels increased.
For PC-C1, the steel tube yielded relatively early, at a drift ratio of 0.5%. This early yielding was likely due to the absence of anchored longitudinal rebars, which caused the welded steel tubes to bear the majority of the stresses. As the proportion of longitudinal rebars anchored into the foundation increased (e.g., PC-C2 and PC-C3), the high-stress concentration in the steel tubes was alleviated, and the tensile stresses in the longitudinal rebars were distributed more uniformly. This trend highlights the synergistic role of anchored rebars and steel tubes in managing stress distribution and delaying the progression of plasticity.
Similarly, an increase in steel tube thickness delayed the onset of yielding. By comparing the strain distributions in PC-C1 (4 mm thick steel tubes) and PC-C4 (8 mm thick steel tubes), it is evident that the thicker tubes effectively postponed yielding and reduced stress concentrations in the steel tubes. This delayed yielding underscores the importance of tube thickness in influencing the progression of plasticity within the column shaft.
4 DISCUSSION
4.1 Plastic hinge length
The determination of plastic hinge length is essential for both seismic modeling and performance evaluation of concrete columns. For the column-to-column connection proposed in this study—which employs welding-spliced steel tubes—the plastic hinge length tends to be longer than that of conventional CIP columns. This section evaluates the plastic hinge lengths of the tested columns using existing prediction formulas.
The plastic hinge length, LP, can be calculated using the formulas proposed by Paulay and Priestley (1992), Lu et al. (2005), and Ning and Li (2016), which are expressed in Equations 2a–2c:
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where L = the column length; H = the section height; db and fy = the diameter and the yield stress of the longitudinal rebars, respectively; P and P0 = the applied axial load and the axial load capacity of the column, respectively.
For the tested columns, the plastic hinge lengths were determined by analyzing the strain profiles and applying linear interpolation to estimate the length (Al-Jelawy et al., 2018). The measured plastic hinge lengths for each column are illustrated in Figure 15. To account for the effect of the welding-spliced steel tubes, the calculated LP values were adjusted by adding the length of the welded tubes (180 mm). This adjustment reflects the contribution of localized strengthening provided by the welded tubes to the overall plastic hinge behavior.
Table 5 compares the measured plastic hinge lengths with those predicted using the aforementioned models. As can be observed, the model proposed by Lu et al. (2005) consistently underestimated the plastic hinge lengths for the tested columns. Conversely, the model by Ning and Li (2016) tended to overestimate the plastic hinge lengths. Despite its simplicity, the classic model by Paulay and Priestley (1992) provided the most accurate predictions among the three models evaluated.
TABLE 5 | Comparison of measured and predicted plastic hinge lengths.
[image: Table 5]The discrepancies between measured and predicted values are not unexpected, given the inherent uncertainties associated with both measurement and modeling of plastic hinge lengths (Feng et al., 2021). Variability in column geometry, material properties, and the complex behavior of concrete under cyclic inelastic loading contribute to these differences. Moreover, the unique characteristics of the welding-spliced tubes in the precast columns, such as localized buckling, rebar anchorage effects, and strain penetration, introduce additional variables not fully captured by the prediction models.
Nevertheless, the relatively accurate predictions offered by the Paulay and Priestley model suggest that, for precast columns incorporating welding-spliced tubes, the plastic hinge length can be effectively estimated by adding the length of the welded tubes to the model’s predicted values. This approach provides a practical method for approximating plastic hinge behavior in such systems while acknowledging the limitations of existing models in capturing the full complexity of the connection’s behavior.
4.2 Nonlinear envelopes of ASCE 41
The post-yield deformation capacity of the proposed columns was evaluated by comparing the envelope curves obtained from the test results with the force-deformation relationships specified for reinforced concrete columns in ASCE 41-17 (2017). The envelope curves in the tests were generated by plotting the peak displacement points from the first cycle at each incremental drift ratio, providing a clear representation of the columns’ deformation behavior under cyclic inelastic loading.
Figure 16 illustrates the envelope curves derived from the tests alongside the predictions made by ASCE 41-17. It is evident that ASCE 41-17 accurately predicts the initial stiffness for all specimens. However, its estimates of post-peak strength decay tend to be conservative, particularly underestimating the residual strength of the columns.
[image: Figure 16]FIGURE 16 | Envelope curves of tests compared with ASCE 41-17. (A) CIP-C0 (B) PC-C1 (C) PC-C2 (D) PC-C3 (E) PC-C4.
For the CIP column, the lateral capacity predicted by ASCE 41-17 is slightly conservative but remains reasonably accurate. In the case of the precast columns with anchored longitudinal rebars, the predicted lateral capacities align closely with the experimental results, demonstrating the reliability of the ASCE 41-17 provisions for these configurations. Conversely, for the precast columns without anchored longitudinal rebars, the strength predictions by ASCE 41-17 were less reliable, leaning towards unsafe estimates.
4.3 Preliminary prediction of column lateral strength and hysteretic response
To predict the lateral load-bearing capacity of the tested columns, a sectional analysis method was first employed to estimate the lateral strength of the monolithic column specimen. Following this, considering the influence of the anchorage ratio of column longitudinal rebars on the lateral capacity of the precast columns, the following empirical formula is suggested:
[image: image]
where VPC represents the lateral strength of the precast column using welded steel tube connections, and ϕ is a strength reduction factor that accounts for the anchorage ratio of the column longitudinal rebars. This factor is suggested to take as 1.0 when the anchorage ratio is 1, 0.9 when it is 1/3, and 0.85 when no rebars are anchored. VCIP is the predicted lateral strength of the CIP column obtained through sectional analysis.
The comparison between the measured and predicted lateral capacities of the tested specimens, based on the empirical formula, is summarized in Table 6. As illustrated, the results demonstrate that this prediction method provides conservative estimates for the lateral strength of the precast columns using welded steel tube connections.
TABLE 6 | Prediction of lateral strength of tested columns.
[image: Table 6]It is important to emphasize that, due to the limited number of tested specimens in this study, additional experimental investigations are necessary to further validate the reliability of the proposed formula.
For monolithically cast columns, sectional analysis is relatively straightforward because the continuous nature of the longitudinal reinforcement enables efficient stress transfer between the lower and upper columns. However, for precast columns incorporating welding-spliced steel tubes, the anchorage condition of the longitudinal rebars is a key factor affecting the overall performance.
When the column longitudinal rebars are not properly anchored, the column’s flexural capacity is substantially reduced due to the compromised ability of the reinforcement to transfer tensile forces. The empirical factor, ϕ, introduced in the empirical formula captures this anchorage-dependent behavior by adjusting the predicted capacity according to the degree of rebar anchorage, thereby reflecting the importance of proper anchorage detailing in achieving reliable performance.
Finally, the fiber beam-column element in the OpenSEES software (Mazzoni et al., 2007) was employed to simulate the hysteretic behavior of the tested specimens. In the case of the CIP-C0 specimen, the Concrete_02 and Steel_02 material models were used to represent the column concrete and longitudinal reinforcement, respectively. The determination of these material parameters followed the methodology outlined in Yassin’s doctoral dissertation (Yassin, 1994). For the precast column specimens, their hysteretic responses were approximated by scaling the curves obtained by OpenSEES for CIP-C0, using the reduction factor ϕ specified in Equation 3.
Figure 17 presents a comparison between the experimental and simulated hysteresis curves for all tested specimens. As shown in the figure, the fiber beam-column model accurately captures the hysteretic response of CIP-C0, particularly in the post-peak regime where the descending slope aligns well with the experimental data. For the precast specimens, the simulated hysteresis response, derived using the reduction factor, exhibits an acceptable level of agreement with the experimental results. Interestingly, for the precast columns, the descending branch of the simulated curves is steeper than that observed in the experimental data. This discrepancy indirectly suggests that the precast specimens possess better ductility, as they are capable of sustaining greater deformation before a rapid loss of strength.
[image: Figure 17]FIGURE 17 | Modeling results of load-displacement responses of specimens using OpenSEES model. (A) CIP-C0 (B) PC-C1 (C) PC-C2 (D) PC-C3 (E) PC-C4.
5 CONCLUSION AND OUTLOOK
This paper proposes an innovative emulative hybrid column-to-column connection by means of applying welding-spliced steel tubes. Compared to grout-filled sleeve connections, the proposed method demonstrates the following advantages and limitations:
5.1 Advantages

(a) Improved constructability: Grout-filled sleeves typically require precise alignment and high-quality grouting under controlled conditions to ensure proper load transfer. On-site challenges, such as inconsistent grouting quality or difficulties in inspection, can negatively impact their reliability. In contrast, the proposed connection offers a simpler construction process, with welding being much more familiar to construction teams and easier to inspect. In addition, the high precision inherent in steel fabrication enhances the feasibility of executing this connection. Another particularly notable advantage is that the columns can be quickly secured through tack welding of the steel tubes, eliminating the need for temporary construction supports that are often required for grout-filled sleeve connections;
(b) Enhanced ductility: While grout-filled sleeve connections may exhibit reduced displacement ductility compared to monolithic connections, the proposed welded steel tube connection demonstrated comparable ductility and energy dissipation to cast-in-place connections, even under varying rebar anchorage ratios. This highlights the ability of the proposed system to maintain robust seismic performance.
5.2 Limitations

(a) Cold joint issues: The interface between the post-cast concrete and the precast sections forms a cold joint, which may compromise the reliability of load transfer and reduce the overall load-bearing capacity of the connection. To mitigate this, column longitudinal rebars should be extended into the joint region, which however introduces logistical challenges during transportation and handling of the precast columns;
(b) Dependence on welding: Similar to grout-filled sleeve connections, the proposed method depends on weather conditions due to its reliance on on-site welding. Additionally, welding may introduce residual stresses, which could have adverse effects on long-term performance;
(c) Localized stiffening effect: The inclusion of welded steel tubes introduces localized stiffening, which shifts the plastic hinge region upward along the column shaft. This modification results in a wider plastic deformation zone, potentially complicating post-earthquake repair efforts.
After considering these advantages and limitations, the key findings of this study are summarized as follows:
(1) When column longitudinal rebars are well anchored, the cyclic behaviors of the precast columns with welded steel tubes are comparable to that of the CIP column. The welds between the steel tubes performed reliably, with no defects or fractures observed during testing. Additionally, the deformation capacity and energy dissipation ability of the precast columns are comparable to, or even better than, their CIP counterpart. The ability of the precast columns to retain similar stiffness to the CIP column after large inelastic excursions highlights the potential of the proposed connection in seismic applications;
(2) The welded steel tubes alter the failure mechanism of the precast columns, resulting in pronounced damage at higher regions along the column shaft. This upward shift in the plastic hinge zone reflects the influence of localized strengthening on the damage distribution and extent;
(3) The test results also indicate that the precast columns without adequate rebar anchorage struggle to achieve the same level of lateral strength as the monolithic column. To avoid this, it is recommended that, in addition to the welded steel tubes, at least four corner longitudinal rebars of the upper column be extended into the lower column’s steel tube. This is essential for the proposed connection because the extension of rebars is capable of ensuring force transfer and providing additional structural integrity;
(4) The empirical method proposed in this study provides a conservative estimate of the lateral load-bearing capacity of the precast columns using welded steel tubes. Additionally, the plastic hinge length of the precast columns can be reasonably estimated by adding the length of the welded tubes to the predicted values from the Paulay and Priestley model.
While this study provides some new insights, the following limitations are acknowledged:
(i) The testing matrix in this study only consists of a limited number of specimens. As a result, the findings presented are based on the specific configuration and test conditions employed, which may not fully capture the behavior of the proposed connection system under broader design scenarios. Future studies will aim to expand the testing matrix by including variations in parameters such as axial load ratio, column dimensions, and connection details, thereby allowing for validation of the conclusions and further increasing their practical value as engineering design guidelines;
(ii) The phenomenon-based nature of the empirical formula proposed in this study provides a safety margin in design. However, as with any empirical model, its applicability must be validated by a broader range of test conditions to ensure its robustness in differing structural configurations and loading scenarios;
(iii) The proposed connection method lacks detailed finite element simulations, primarily due to two significant obstacles: First, the mechanical behavior of the cold joint interface remains poorly understood, with no experimental data currently available to support accurate modeling. Second, the splice relationship between the downward-extended column rebars and the steel tubes involves a non-contact condition that has not yet been thoroughly investigated through experimental studies. Given these challenges, future research should prioritize addressing these issues by conducting experimental studies and developing advanced numerical modeling techniques to better understand those complex interactions;
(iv) Further improvements in experimental observations, particularly in capturing crack patterns, are needed. Techniques such as Digital Image Correlation (DIC) techniques (Mata-Falcón et al., 2020) or the application of fractal theory and optical-digital diagnosis methods (Maruschak et al., 2012) could be employed to better analyze crack networks and other localized deformation behaviors, thereby providing a deeper understanding of the connection’s cyclic response.
Overall, the findings from this study highlight several important aspects regarding the seismic performance of the proposed hybrid connection. The observed upward shift of the plastic hinge zone suggests that the plastic deformation behavior of the precast columns differs significantly from that of traditional CIP columns. The use of welded steel tubes introduces localized stiffening, which, while beneficial in some respects, may lead to widely-distributed plasticity, causing more spread of failure. Furthermore, the results indicate that simply increasing the tube thickness is not a substitute for proper anchorage detailing. Engineers must ensure that both the steel tube and the anchorage of longitudinal rebars are carefully designed to work together to resist lateral forces effectively.
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Model number Notch length Notch Impact velocity V/ Impact mass Impact energy E;/kJ

Ie/mm angle 6/(°) km/h m/t
K-V30/45/60/75/90 - - 30/45/60/75/90 15 52.1/117.21208.3/325.5/
4688
K-1DH/1DO/1DV-V30/V60/V90 1D ‘ H/ONV 30/60/90 52.1/208.3/468.8
K-75DH/75D0/75DV-V30/ 075D
V60/V90

K-05DH/05DO/05DV-V30/ 0.5D
V60/V90

Note: Notch length: 1D = 500 mm, 0.75D

75 mm, 0.5D = 250 mm; Notch angle: H is 0°, O is 45°, V is 90".
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Note: & is the equivalent plastic strain of the steel at complete fracture and uy is the total plastic displacement of the steel at the failure site.
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Pl 0 100 x 2 | 1,000 | 25 2545 ‘ 7

Pd2 88 100 x 2 ‘ 1,000 ‘ 25 2545 ‘ 7

Note: N, indicates the axial pre-loading value of the steel tube, D, tand L indicate the diameter, wall thickness and effective length of the steel tube, respectively. H, m and v, are the falling height,
mass and falling velocity of drop hammer, respectively.
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R, Arithmetic mean | the average of the absolute height
roughness value along the reference length
R, Maximum height | the absolute vertical

distance between the highest peak and the
deepest valley along the reference length

Ry Root mean the oot mean square
square height along the reference length
Ry Skewness the degree of symmetry of the surface

heights about the mean plane

Ry, Kurtosis the kurtosis and steepness of texture,
it indicates the nature of the height
distribution

Ry (@ | Loadlengthratio | the ratio of the load length M, (<) of
profile curve elements to the evaluation
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Granite

4 70.600 9.824 12240 94.447 ~0356 2.895 49.440
8 66.800 8533 11055 81.309 0337 2546 27.280
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8 44,500 5.487 7115 65.309 0.005 2435 67.150
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0 63.400 10.340 15256 86.080 -0389 1.953 41,590
4 60.600 9.191 13413 80.463 -0255 2378 65.490
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Specimen Peak load (kN) Fatigue life Fatigue law (s,q)
Experimental Simulation Experimental Simulation

0%-PC 274 273 137 135 (35002)

0.5%-SFRC 283 286 ‘ 2053 2,134 (8502)

1.0%-SERC 329 329 ‘ 2,693 2,794 (750,2)

1.5%-SFRC 460 460 ‘ 4578 (7002)
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Default val Meaning
E 25000 MPa Elastic modulus
v 018 Poissons ratio
ky 15x107 Proportionality parameter
k, 110 Control plastic-friction stress boundary
ks 30 Control stress-strain volumetric boundary
ky 100 Control stress-strain volumetric boundary
ks 1x107 Control the V-D coupling at low pressure
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Parameter Default value Meanings

fo 15.08 MPa Reference compressive strength

E, 20GPa Reference elastic modulus

o 0.089 Control uniaxial tensile strength

o 0.176 Control uniaxial tensile curve

o 4 Control uniaxial tensile curves

G 50 Control uniaxial compressive curves

< 3,500 Control compression volume expansion

G 20 Control compression volume expansion

G 1 Control uniaxial compression curves

A s Controls uniaxial compression strength

< 0.012 Control uniaxial compression curves

o 033 Effective coefficient of friction

o 05 Initial cohesive in frictional response

s 236 Cohesive changes with tensile volumetric strain
a 4,500 Control uniaxial tensile behavior

™ 300 Unloading slope under low hydrostatic pressure
s 4,000 Unloading of high constraints to low constraints
e 60 Unloading slope under high hydrostatic pressure
. 14 ‘ Controls the uniaxial tensile strength

e 62.5MPa Tensile cracking in compression

Gy 1,000 Tensile softening due to compression

n 18 V-D component coupling at high pressures

o 250 MPa Volumetric stress-strain boundary upper limit
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Experimental ultimate load Pg (kN)

merical load ultimate load Py (kN)

SCN 145.8 1409 097

LCN 90.8 81.3 0.90
SC-H235 146.1 1369 0.94
SC-H27.5 143.0 1312 0.92
LC-H235 89.3 815 091
LC-H275 87.8 81.2 092

Mean ratio 092
Coefficient of variation 3.6%
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axis

Steel angles  Section of steel angles (mm) Type of defect  Design length (mm)

SC-H235 Bolt hole of 23.5 mm

LC-H23.5 140 Bolt hole of 23.5 mm 1,986
SC-H27.5 80 Bolt hole of 27.5 mm 1,092
LC-H27.5 140 Bolt hole of 27.5 mm 1,986
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Steel type Diameter or thickness (mm) Yield strength (MPa) Ultimate strength (MPa)

8 406.8 6163

Rebar
16 4511 642.9
4 mm (actual: 3.78 mm) 3723 504.6

Tube

8 mm (actual: 7.76 mm) 407.1 5382
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Specimen name Steel tube thickness (mm) Anchorage ratio a Axial load ratio n

CIP-CO 0 i 03
PC-C1 4 0 03
PC-C2 4 13 03
7 PC-C3 4 1 03
PC-C4 8 0 03
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Specimen name  Measured lateral strength (kN)  Predicted lateral strength (kN)  Predicted-to-measured ratio

CIP-CO 2347 2153 0.92
PC-C1 183.1 183.0 1.00
PC-C2 197.7 . 193.8 0.98
PC-C3 2264 2153 0.95
PC-C4 1958 183.0 0.93
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Measured plastic Predicted plastic Predicted-to-

hinge length (mm) hinge length (mm) measured ratio
CIP-CO 278 7 097
PC-Cl 416 451 108
Paulay and Priestley PC-C2 452 451 1.00
PC-C3 467 451 097
PC-C4 458 451 0.98
CIP-Co 278 238 086
PC-C1 416 418 1.00
Luetal. PC-C2 452 418 092
PC-C3 467 418 0.90
PC-C4 458 418 091
CIP-CO 278 ‘ 31 112
pC-Cl 416 491 118
Ningand Li PC-C2 452 491 109
PC-C3 467 491 105
PC-C4 458 91 107
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PC-C1 | PC-C2 | PC-C3 | PC-C4

01 0.106 0.109 0.101 0.105 0.098
025 0.089 0.101 0.099 0.095 0.089
05 0.077 0.096 0.103 0.087 0.090
075 0.073 0.107 0.124 0.089 0.127
10 0.080 0.129 0.139 0.104 0.148
15 0.132 0.182 0.176 0.154 0.187
20 0.170 0226 0212 0.196 0219
25 0.207 0247 0236 0232 0252
3.0 0.245 0274 0.260 0.263 0.285
35 0.284 0315 0290 ' 0293 -
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Specimen name Yield load Peak load Ultimate load

Vy, (kN) Ay (mm) V, (kN) A, (mm) V, (kN) A, (mm)
+ +
cIp-co 257 | 1802 | 86 | 78 | 2561 | 2132 | 195 | 216 | 2177 | 1813 | 360 | 382 454
pC-Cl 1459 | 1682 | 77 | 66 | 1668 | 193 | 116 | 143 | 1418 | 1694 369 | 384 531
PC-C2 1589 | 1750 | 103 | 75 | 1955 | 1999 | 221 | 110 | 1662 | 1699 | 419 | 393 465
PC-C3 2014 | 1824 | 96 | 86 | 2387 | 2140 | 280 | 247 | 2029 | 1819 | 420 | 358 427
PC-C4 1551 | 1865 | 66 | 74 | 1773 | 2143 | 115 | 111 | 1507 | 1821 | 411 | 392 576
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Number of Impact Strain Incident Reflected Transmitted Dissipated

deterioration Load/MPa Rate/s™® Energy/J Energy/J Energy/J energy
cycles
02 54.65 80.95 19.21 27.30 3444
04 83.88 108.11 35.45 3603 26.63
0
06 106.57 138.85 48.64 3621 54.00
08 124.60 171.22 57.67 2699 86.56
02 62.80 76.08 1527 25.69 3513
04 8337 106.47 47.80 32.72 15.95
10 T
06 11631 139.61 3574 45.26 58.61
08 13291 166.03 59.64 276 78.79
02 66.75 7139 17.58 243 3137
04 9091 105.75 4245 3039 2291
2 | | |
06 11136 13383 40.46 39.56 53.81
08 144.17 160.69 54.19 27.86 78.64
02 77.16 72.10 1547 14.66 4197
04 91.63 106.26 37.50 3122 36.54
30 t ! |
06 118.66 133.77 375 39.89 56.38
08 14456 170.47 59.68 28.98 8181
02 7619 78.20 1673 1445 47.02
04 94.91 106.11 33.63 3251 29.97
40
06 12931 131.26 3073 3547 65.06
08 150.26 165.12 57.55 2001 87.56
02 833 79.36 1620 1273 5042
04 106.17 109.20 29.40 28.82 50.98
50 i T T
06 1325 1325 25.39 2649 80.62
08 158.33 170.95 57.13 24.66 89.16
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Number of Impact Strain rate/s-1 Dynamic peak Peak strain/%

deterioration Load/MPa Strength/MPa
cycles
02 5465 68.20 0.489 1.60
04 83.88 84.48 0524 198
0 ]
06 10657 88 0576 206
08 12460 97.90 0.644 229
02 6280 68.00 045 159
04 8337 79.40 042 186
10
06 11631 87.70 0.98 205
08 13291 95.00 0.66 222
02 6675 63.25 0.956 148
04 9091 80.34 121 1.88
20 T
06 11136 85.50 047 200
08 14417 945 053 221
02 77.16 56.70 12 133
04 91.63 7293 087 171
30
06 11866 847 102 198
08 14456 9100 103 213
02 76.19 56 0619 131
04 9491 7117 129 167
40
06 12931 85.80 104 201
08 15026 8424 14 197
02 833 53.00 054 124
04 10617 66.70 077 156
50
06 13232 81.00 0.93 190
08 15833 8470 102 198
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Test/MPa Simulation/MPa Error (%)

Cad0-0 ‘ 6.68 623 -6.73

Ca50-0 ‘ 745 7.1 -4.56

Ca60Z-0 ‘ 8.65 883 +2.08
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Model parameters

Ca60Z-0
fc/MPa 363 59.9 75.1 104 147 27.7
f5t/MPa ‘ 204 293 341 039 077 ‘ 133

Ec/GPa ’ 132 202 246 55 68 ‘ 107
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Specimen Flexural Relative residual Specimel Flexural Relative residual

strength/MPa flexural strength/MPa flexural
strength/% strength/%
Cad0-0 6.68 100.00 Cad5-0 628 100.00
Cad0-1 6.10 9132 Cat5-1 603 96.02
Cad0-2 598 89.52 Cat5-2 574 9140
C502-0 ‘ 735 10000 Cas0-0 ‘ 745 100.00
C50Z-1 696 | 94.69 Cas0-1 713 95.70
C502-2 684 93.06 Cas0-2 ‘ 679 9114
Cas02-0 7.49 10000 Ca60Z-0 885 100.00
Cas0z-1 v 7.26 96.93 Ca60Z-1 818 92.43
Cas02-2 688 91.86 Ca60Z-2 81 9153
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Specimen 0d 182d
Cad0-1 559 | 694 7.3 655
Cads-1 644 | 725 742 7.06 603
C502-1 687 | 7.89 7.64 741 6.96
Cas0-1 638 803 833 815 7.13
Cas0z-1 676 | 804 82 7.85 7.26
Ca60Z-1 806 | 912 8.96 8.64 8.18
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Expansion degree (mm) Gas content (%)

Cad0 035 210 580 52
Cad5 035 235 600 57
Cas0 030 215 500 51
C50Z 025 190 400 19
Cas0Z 025 220 570 4

Ca60Z 024 235 600 56
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Type of aggregate Apparent Bulk Soil content/%  Porosity/%  Crush index/%

density/(kg/m?) density/(kg/m?)

Fine aggregate ‘ - 2,650 ‘ 1,470 56 38.1 -

C40-Cd5 ‘ 1,525
2,780
C50-C60 ‘ 1,530

Coarse aggregate | 08 41 82






OPS/images/fmats-11-1505295/fmats-11-1505295-g010.gif
() The srainin a thr-point bending beam on cycle before ftigue damage oceurs






OPS/images/fmats-11-1407922/fmats-11-1407922-t003.jpg
Materials | Na,0/% K,O/% Na,O+0.658 K,0/%

PO42.5 cement 0.24 0.59 0.63
PII52.5 cement 0.50 0.82 1.04
SE 1.03 200 235

FA 0.63 135 152

Slag 027 040 053
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Materials

PII525 19.56 378 65.88 242 241 369 050 0.82 0.94 0.022
PO 425 2098 938 ‘ 5945 200 244 364 024 059 128 ‘ 0.023
SE 90.51 096 ‘ 050 210 - 0.64 1.03 2,00 226 ‘ 0.26
FA 5268 3242 ' 294 121 074 747 074 146 034 ‘ 0.0012
Slag 2609 2688 3738 56 175 067 049 0.83 031 ‘ 0.014 ‘
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No. Fitness/% Specific Water Setting time/h Flexural Compression
surface requirement strength/MPa  strength/MPa!
area/m? kg™t for normal
consistency/% Initial set Final set 3d 28d 3d 28d

PII525 25

26
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Coarse ITZ/MPa  Matrix/MPa

aggregate/MPa
Ca0-0 3765 181 5375
Cas0-0 3708 217 64.07

Ca60-0 386.2 246 69.71






